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arswoace | UNSteady Flow and Whirl-
o.c.wisler | Inducing Forces in Axial-Flow
H-w.shin ¥ GCompressors: Part —Experiment

B. F. Beacher
. . An experimental and theoretical investigation has been conducted to evaluate the effects
‘GE Aircraft Engines seen in axial-flow compressors when the centerline of the rotor is displaced from the
Cincinnati, OH 45215 centerline of the static structure of the engine. This creates circumferentially nonuniform
rotor-tip clearances, unsteady flow, and potentially increased clearances if the rotating
. and stationary parts come in contact. The result not only adversely affects compressor
F. F. Ehrich stall margin, pressure rise capability, and efficiency, but also generates an unsteady,
destabilizing, aerodynamic force, called the Thomas/Alford force, which contributes sig-
LS. SpakOVSZkV nificantly to rotor whirl instabilities in turbomachinery. Determining both the direction
. and magnitude of this force in compressors, relative to those in turbines, is especially
M. Martinez-Sanchez important for the design of mechanically stable turbomachinery components. Part | of this
. two-part paper addresses these issues experimentally and Part Il presents analyses from
Massachusetts Institute of Technology, relevant computational models. Our results clearly show that the Thomas/Alford force
Cambridge, MA can promote significant backward rotor whirl over much of the operating range of mod-
ern compressors, although some regions of zero and forward whirl were found near the
S_. J. Song design point. This is the first time that definitive measurements, coupled with compelling
Seoul National University, analyses, have been reported in the literature to resolve the long-standing disparity in
Seoul, Korea findings concerning the direction and magnitude of whirl-inducing forces important in the
design of modern axial-flow compressordDOIl: 10.1115/1.1378299
1.0 Introduction and the Nature of the Issues whirl instabilities seen in steam turbines and jet engines respec-

tively. Therefore, this force is generally referred to as the Thomas/
1.1 Introduction. Increases in clearances resulting frompiford force.
rubs between rotating and stationary turbomachinery components
operating at tight levels of clearance most frequently result from Whirl in Turbines. For a deflected turbine rotor, it has been
forces induced by the following situations: rotor unbalafasso- shown experimentally that the airfoils in the closure zone are
ciated with imperfections in rotor manufacture or assembit- more highly loaded by aerodynamic forces than the airfoils in the
eral deceleration during a hard landing, lateral forces induced Bpen clearance zone because the former are operating more effi-
high-g and high-rate-of turn maneuvers, thermal bowing and/élently[3]. This situation is shown schematically in Figalfor a
asymmetric ovalization of the casing, especially for fans. turbine rotor whose centerline has been displaced upward along
However, a potentially much more destructive mechanism f§p€ ordinate by an amountY. This gives minimum clearance at

inducing rubs is whirl instability. Any radial deflection of thethe top of the turbine and maximum clearance at the bottom. The
rotor relative to the stator creates circumferentially nonuniforf rces at these two locations are the vector sum of the mean blade

) orce, F.,,, and the unsteady blade force resulting from the cen-
clearances and unsteady aerodynamic forces on the rotor as &abthe offset, F,. As suggested by Thomdd], summing the
blade traverses the varying clearance gap. These unsteady fofgESes perpendicularto the axis of displacement results in a net
are orthogonal to the deflection and therefore are a significaggtce, Fy=F,,+F,, due to the difference in airfoil loading. Since
driver of rotor whirl instabilities. The forces increase in magnitudg, acts normal to the axis of displacement, it is called a cross-axis
as the deflection increases so that above the onset speed, wheness-coupledstiffness force. As seen in Fig(d), the direction
destabilizing forces overwhelm the stabilizing damping forces, titg Fy acts to drive the rotor in orbitdvhirling) motion about the
deflections are ultimately limited only by damage to the interachondisplaced centerline in the same direction as rotor rotation,
ing parts or by damping forces. Consequently an accurate detef- Fy promotes forward whirl for turbines. Thomas postulated

mination of their magnitude and direction is of major importanci® following model to compute a cross-coupled aero-

in the design of safe, stable turbomachinery components. ynamic stiffness coefficient in terms of the acting torque ad a
. ' . . . . . . coefficient:

amples of whirl are hysteretic whirl, whirl associated with fluids

trapped within cylindrical rotor cavities and plain journal bear- Fy T8

ings, etc. Kxv=337 = DpH @)

1.2 The Nature of the Issues. The unsteady, destabilizing, Measurements of transverse destabilizing forces in unshrouded
aerodynamic cross-axis stiffness force that promotes rotor whidrbines give positives values in the range from 2 to [8-7].

was first postulated by Thomés] and Alford[2] to explain rotor Whirl in Compressors. Alford [2] hypothesized the same phe-

menon for compressors, whereby aerodynamic, cross-axis

no
Contributed by the International Gas Turbine Institute and presented at the 4 (P ;
International Gas Turbine and Aeroengine Congress and Exhibition, Munich, GZ&FE{S Cause.d by asymmetric tip clearance feed ener.gy into the
many, May 8-11, 2000. Manuscript received by the International Gas Turbine InsWh"“ng motion of the rotor. Alford reasoned that during rotor

tute February 2000. Paper No. 2000-GT-565. Review Chair: D. Ballal. whirl, the circumferential variation in radial tip clearance causes a
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Min Clearance Min Clearance Min Clearance
(Airfoil Loading Increases) (Airfoil Loading Decreases) (Airfoil Loading Increasés)

Max Clearance _ Max Clearance Max Clearance
(Airfoil Loading Decreases) (Airfoil Loading Increases) (Airfoil Loading Decreases)
Accepted model for turbine _Alford's model for compressors Ehrich’s model for compressors
drives forward whiri, B is positive. drives forward whirl, § is positive. drives backward whitl, B is negative.
(@ (b) ()
Fig. 1 Models of whirl-inducing forces in turbines and compressors. Net force Fy=Fn,+F,

acts perpendicular to the axis of displacement and drives rotor whirl; see Appendix B1.

circumferential variation in efficiency so that the blading with th.0  Objectives and Definitions
smallest clearance would be the most efficient. Alford further hy- o )
pothesized that the compressor would pump to a circumferentially2.1  Objectives. The overall goal of Part | was to provide a
uniform exit static pressure and therefore the more efficient bla@éefinitive resolution of the long-standing disparity in findings con-
ing at tight clearance would have a lower loading than the bladif§rning the direction and magnitude of rotor whirl in compressors.
with larger clearance 180 deg away. This situation, illustrated in There were three major objectives of Part 1. The first was to
Fig. 1(b), shows that the net forc&y, tends to cause forward quantify any changes in compressor performance and airfoil load-
rotor whirl. Thus, Alford concluded that compressors have podilg produced in compressors when the rotor centerline becomes
tive 8's so that whirl-inducing forces for both compressors anélisplaced or offset from that of the stator. The second was to
turbines are in the same direction. determine which of the two models best describes whirl in com-
Ehrich [8] hypothesized differently from Alford. He reasonedPressors, the Alford Model of Fig.() or the Ehrich model of
that compressor airfoils with the smaller clearance would sustaif™#- 1(c). The third was to determine the direction and magnitude
higher static pressure differential across their tips and wouff rotor whirl-inducing, aerodynamic forces in axial-flow com-
therefore be more highly loaded than the airfoils with larger cleaPression systems used in modern turbomachinery, including their
ance, 180 deg away. As shown in Figc)l this dictates that the design implications. _ _
net destabilizing force in compressoFs,, tends to produce rotor ~ Comparing the results from analytical and computational mod-
whirl counter to the direction of rotation. Thus Ehrich conclude@!s relative to the experimental data will be the subject of Part I.
that compressors tend to have negaiB/eoefficients so that the

direction of whirl-inducing forces for compressors would be op- Rotor whirl instability Unstable rotor whirl is defined as the

po1s_|k:e tok:host? for tuzjtynes:t in the findi in the literat self-excited orbital motion of the rotor centerline about its nomi-
ere has been a disparity In he indings In the literatureé CoRy o yndisplaced centerline induced by a destabilizing tangential

cerning the direction of rotor whirl in compressors. Vance a%rce which overcomes the stabilizin :
. . , g external damping forces.
Laudadio[9] found experimentally that the Thomas/Alford forcery,o o are several potential sources of such destabilizing forces.

is ro;or-speec'i dgpendent and mostly positive, except for SORflis paper focuses on the Thomas/Alford forces.

special combinations of rotor speed and stage torque where thee, ‘coefficientthe “Thomas/Alford Parameter,” originally
direction of the for_ce was reversed. CoIdmg-Jorger{S@ﬂ\fqund . conceived as the change in thermodynamic efficiency per unit
the same generality for the shape and slope of the relationship-gt e jn plade tip clearance, expressed as a fraction of blade
B coefficient versus flow coefficient as later reported by Ehric; eight. In practices, as defined by Eq1), is a normalized value

[8], but the Colding-Jorgensen results suggested a more positb\fqhe .cross-couple’d stiffness -

level of the parameter than the negative levels reported in Ehrich SForward whirl: whirl whose direction is the same as that of the
work. Ehrich [8] f“T‘heF ShQWEd that the e>_<per|mental data Oéngine rotor rotation or spin. Thg coefficient is positive for
Vance and Laudadif®] implied that, for certain values of torque o nvard whirl.

and speed in their low-speed blower tests, the destabilizing force%ackward whirl whirl whose direction is opposite to that of the

tend to drive backward whirl. Other evidence was also accumyz i : - L - -
I . . ngine rotor rotation or spin. ThB coefficient is negative for
lating in theoretical and experimental results of Yan efHl] to bagkward whirl P g 9

indicate negatives coefficients for compressors. Aerodynamic cross-axis forcehe net unbalanced aerodynamic

In engine field experience, aerodynamic cross-axis forces weLs : : : :
. . i : : ce that acts perpendicular to rotor radial deflection to drive
cited by Akin et al.[12] as the destabilizing mechanism in the .0\ hirl. perp

high-pressure rotor instability of the TF30 P1%lengine when it

went into production in mid-1986. Vibration reject rates were a3.0 Experimental Test Program
high as 50 percent until the instability was eliminated by using a
squeeze-film damper at the high pressure turbine bearing.

In view of the importance of thg coefficient in designing
stable turbomachinery components, the disparity between
ford’s and Ehrich’s conjectures, the mixed findings of researchers3.1 Low Speed Research Compressor(LSRC). The
on the issues, the need for designers to often use very conservali8&®C is an experimental facility that duplicates the relevant aero-
methods, and the absence of a decisive resolution of rotor whdginamic features of axial flow compressors in modern gas turbine
issues, we formulated the experimental and analytic program dmgines in a large, low-speed machine where very detailed inves-
scribed in Parts | and Il. tigations of the flow can be made. Aerodynamic similarity for

2.2 Definitions. The following definitions will be helpful.

We set up a test program in the GE Low Speed Research Com-
pressor to simulate the eccentricity of a whirling rotor and mea-
Aure the nonuniform, unsteady flowfield that develops.

434 | Vol. 123, JULY 2001 Transactions of the ASME
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Mach number and Reynolds number is used in scaling the hic Rotor tip
speed airfoils to their low-speed counterparts. This method of te A Fy
ing has proven reliable for over forty years in understanding ar
designing HP compression systems provided the phenomena
ing studied are Reynolds number dependent and not compressi
ity dependent.

The LSRC, which has a constant casing diameter of 1.524
(60.0 in), was set up with four identical stages in order to simu
late the repeating stage environment. The third stage was the Fx
stage. The blading was representative of current design practic

Three different low-speed blading configurations were teste
The first two, called CompressaofsandB respectively, are typical
of modern designs and have high hub/tip ratios of 0.85 with lov
aspect-ratio, high-solidity blading and shrouded stators. These t
compressors are low-speed, aerodynamic models of the mid
and rear block of highly loaded, high-reacti@5—70 percentHP
compressors in commercial gas turbine engines currently in s
vice. Compresso€, also in commercial engine service, has car
tilevered stators and blading with a lower hub/tip ratio of 0.7C
lower reaction of 0.55, and higher aspect ratios than the othe Stator hub
have. Additional information about the LSRC testing technique
and the blading is available ifil3—15. Blading details for all Fig. 3 LSRC configuration for centerline offset tests showing
three compressors are given in Table 2 of Appendix A. circumferential variation in rotor tip clearance £g, and stator

A cross section showing the test stage for Compregsgs Shroud seal clearance, &;. Looking down on spinning, non-
given in Fig. 2. The stators are shrouded so that there is no clefirling eccentric rotor with casings moved relative to rotor
ance between the end of the stator airfoil and the hub under flgemPl: see Appendix B2.
airfoil. The seal tooth inhibits flow leakage from the trailing edge
region through the seal cavity upstream to the leading edge tfsplacement exceeded the baseline rotor tip clearance by 0.0279
gion. Consequently, the leakage flowfield across the rotor tip dgn (0.011 in). Therefore, to avoid both significant damage to the
very different from that in the stator hub. LSRC test hardware from a rub and the resulting safety issues, we

Only CompressoA was tested with the stator centerline offsefyround the rotor tip and the stator shroud seal to allow both to run
from that of the rotor, as described below. All three compressogs the absolute minimum safe clearance judged to be 0.051 cm
were tested at different axisymmetric clearances without offset {9.020 in). This permitted the vehicle to enter rotating stall. Al-
obtain the required input for the models in Part II. though this process increased the magnitude of the average clear-
ances, the levels of centerline offset and clearance magnitudes
q8unded those of practical field experience where clearances in-

Casing

Rotor Center Line

Stator shroud-
seal teeth

3.2 Offset and Clearance Conditions. The use of large,
precision offset rings and offset bearing supports enabled us YR .
assemble the LSRC with the centerline of the stator casing off&&gase In high-time engines. . -
(displaced relative to the centerline of the rotor and its drive he offsets gave the correspon_dlng values of minimum and
mechanism. The offset is shown schematically in Fig. 3. Th aximum clearance for the rotor-tip and the stator shroud seal-
process of moving the entire stator assembly relative to the ro Pth as show_n n Table 3 of Ap_pendlx A PreC|5|o_n run-outs gave
to achieve the offset significantly reduced both the cost and co +_earance variations fronr: nofrfmnal around the circumference of
plexity of the test program as compared to moving the compl 0‘(.)152 cm(0.006 in). The offset was measured to be accurate
and massive rotor drive mechanisms. 0 W'th'n +0.0102 C.m(o'004 in). S .

Tests were performed for Configuration A with two displace- While the rotor did not actually W.h'rl in these tests, the static
ments of the casing centerline: a larger displacement of 0.1905 & ft offset was intended to approximate the flowfield present in

: : whirling rotor motion to allow evaluation of the dominant aero-
(0.075 i and a smaller one of 0.0965 cf0.038 in. The larger dynamic forces contributing to rotor whirl. The effects of the ad-

ditional forces in an actual whirling rotor are analyzed in Part II.

3.3 Instrumentation

322;;22 o , R_H =0.85 Steady-state InstrumentationHigh-resolution pressure trans-
— | - c ducers, accurate te:0.010 percent of the full-scale values of ei-
| I | ! ther 0.068 or 0.136 bail or 2 ps), were used to record steady-
B state static and total pressures for determining both overall
l X compressor performance and the static pressures on the stator air-
11 f‘3 m foil surfaces. Frequent calibrations were conducted. A strain-gage
4.5 in. ' torque meter, accurate t00.07 percent of measured torque, was
Rotor Stator used to deduce shaft work input to quantify compressor efficiency.

Overall measurement accuracy is as follows: Flow coefficient and
pressure coefficient are accurate to withi®.15 percent and ef-
ficiency to within =0.25 points.

74 yanes Ro

Dynamic Instrumentation. A total of 64 ultra-miniature, high-

\ / response Kulite model LQ-125 pressure transducers, having a fre-
\ Ry quency response of 20 kHz, were imbedded inside the rotor airfoil

surfaces to measure the unsteady static pressures acting on the

suction and pressure surfaces. The locations of the Kulites, shown

in Table 4 of Appendix A, were selected to provide resolution of

Stator shroud-seal clearance

Fig. 2 Schematic showing cross section of compressor A both chordwise and spanwise gradients. Small pressure ports
blading pneumatically connected the sensor to the measurement surface.
Journal of Turbomachinery JULY 2001, Vol. 123 / 435
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The port diameters were sized properly at 0.08128@1932 in) 0.25
and the lengths were small enough at 0.0406 (6016 in), as 02
defined by Doebelii16], so as not to attenuate the periodic un- ‘§ 0.45
steady pressures. 2a
The transducers were calibrated after installation in the airfoils 5 3 01
by using both a pressurized/evacuated chamber and a dynamic g & 0.05 9
frequency-response calibrator. The transducer accuracyhia® g3 00 P
percent. The response was unattenuated with no phase shifting up 3 §_0_05
to 1400 Hz(the limit of the calibrator usedor two times blade ge 01
. o .
passing frequency. B 45 |
Data Sampling and Signal ProcessingThe signals from the .02
pressure transducers were digitized and ensemble-averaged. A Ki-
netic System analog-to-digital converter was used to digitize the -0.25 P 180 270 360
data signals using phase locked sampling at constant time incre- 0 Circun(:ferential position, deg
ments. The analog data were low-pass filtered at 1 kHz to avoid T —T . I — 1
aliasing. The use of 200 ensemble averages greatly reduced the 0 64 128 192 256
effects of time-unresolved unsteadiness. A once-per-revolution Data sampling point
pulse from an optical encoder in the casing sensed the trigger Raw waveform of measured pressure
airfoil on the rotor blade and initiated the sampling for the data @
windows for each rotor revolution.
0.18
3.4 Data Reduction '§ 0.16 )
' . & 014
Calculation of Unsteady PressuresSince the pressure trans- Q8 012 . .
ducers were mounted in seven different airfoils on the 54-bladed > < 012 [[frefFogrerLosfficten
rotor disk, great care was taken in time-shifting and synthesizing § g 0.1
these data onto one representative airfoil to construct the unsteady % ‘§ 0.08
pressure variation experienced by the rotor airfoils during a rotor 7 & g
revolution. The raw pressure data for each transducer were pro- g
cessed using fast Fourier transfo(FFT) methodology to give a m 004
filtered waveform consisting only of the first harmonic. An ex- 0.02 +
ample of the raw data is presented in Figa)dand the results from 0.0 %—
its FFT analysis to obtain the Fourier coefficients are shown in

Fig. 4b). The first harmonic is dominant. The 54th and 74th har- '0'020 20 40 60 80 100 120 140

monics in the figure are associated with 54 rotors and 74 stators. Fourier Coefficients

An example of the circumferential variation of unsteady pressure Fast Fourier Transform of raw waveform
determined from the first harmonic is shown in Figc)4

The unsteady pressures measured at the discrete locations on (b)
the airfoil surfaces were bidirectionally curve-fit along the radial
and chordwise directions to obtain continuous pressure distribu- 0.25
tions on the suction and pressure surfaces. Our confidence levels & 02
in being able to integrate the unsteady blade pressures for the § 0.15
given Kulite coverage was about 95 percent. This was assessed by 2§
randomly removing data from several kulites from the analysis, S5x 01

. . . [ )
re-processing the data, and comparing the forces obtained from g 5 0.05
the pressure integration. DC-level comparisons were not made %5 § 0.0 i
because the Kulite transducers were not installed in the centered- g & -0.05 \k\ £
rotor configuration. w '
@ -0.1

Calculation of the Thomas/Alford ForceBy using the un- .0.15
steady pressure distributions computed above and the geometric
orientation of the airfoil surfaces in the compressor, we integrated -0.2
over the airfoil surfaces to obtain the unsteady forces acting on the 0.250 % 150 270 360

various airfoils around the circumference. We resolved the un-
steady forces into their tangential and radial components using the
i in Fig. 5- i T 1 1 1 1 1T T T
local blade coordinate system shown in Fig. 5; see Appendlx_ B3a. 1 8 12 18 24 30 36 42 48 54
Next we computed the component of force acting perpendicular blad i
to the direction of rotor offsetr, (the Thomas/Alford force To Instantaneous blade position

Circumferential position, deg.

do this, we transformed the tangential and radial blade forces in Circumferential variation of unsteady
the local blade coordinate system of Fig. 5 to the global coordi- pressure using first Fourier Coefficient.
nate system fixed to the bladed disk, also shown in Fig. 5. We ©

then algebraically summed the individual forces to get the net
cross-axis stiffness for_cléx, and the net direct positive stiffnessrig. 4 Typical example showing the circumferential variation
force Fy; see Appendix B3b. in unsteady static pressure obtained from a Kulite pressure

. . . . transducer embedded in a rotor airfoil (96 percent span and 50
Calculation of the Beta Coefficient.The Beta coefficient is percent chord for the large rotor offset  ): () raw data, (b) FFT of

calculated from Eq(1) using the torque and the slopeross-axis raw data, (c) filtered signal.
stiffness Kyy) of the Thomas/Alford forcé& y plotted versus rotor
offset.
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Fig. 5 The two coordinate systems used to resolve blade w A | ” r/A4 AR\
forces: (1) blade fixed coordinate (T, ,R), (blade geometry de- ‘g I \
fingd in this system );_(2) r_otati_ng coorqlinate (X,Y) (the blade g g5 4
azimuth angle @ is defined in this coordinate system ); see Ap- % /
pendix B3 [t 7 A2
1’ A1 Baseline
i 1 i A2 Nominal Rotor, Open Stator
4.0 Effects of Clearance Variation and Centerline Off- 83 {1 'A3 Open Rotor, Nominal Stator”
set on Overall Compressor Performance A4 Open Rotor, Open Stator
Compressor performance is presented in this section as a four- g4 - -
stage average of pressure coefficient and efficiency plotted as a i .
function of flow coefficient. The curve of pressure coefficient ver- \(_ A1 baseline
sus flow coefficient is called the pressure characteristic. Stall mar- 1189% \
gin is computed for these low-speed tests in terms of throttle ~ 0.60 '|J-—"’;_.\'2" NN
margin, TM, as defined in the nomenclature. > \
Variations in loading levels from high flowlow-loading to 5 : ; AR esigh
. . [y : ¥ ARITR .
stall were achieved by varying mass flow rate through the com- = i_'i_ PR Point
pressor using a discharge throttle. Lines of constant throttle setting 0.56 "\1\ A x,’ ~
are shown in the figures to indicate the different loading levels T A‘4\\'v
along the pressure characteristic. The tests were run at the desigty : 54% N
tip speed of 64.0 m/$210 ft/seg, which required a rotational 8 0.52 Lossi in "\‘\\‘
speed of approximately 804 rpm. This gave a Reynolds number of w flow range "A
3.6x10°, which is sufficiently above the knee in the Reynolds 5 from N\
number-loss curve to be representative of engine conditions. 3 desidn A\
. . W o048 Y A
4.1 Baseline Performance. The baseline performance of & pt. to stall \
Compressor A, shown as Curves Al in Figs. 6 and 7, was estab- \\v
lished with no centerline offset and with circumferentially uni- \
form, nominal levels of rotor-tip clearance and stator shroud-seal  0.44 A W
clearance given in Table 3 of Appendix A. The design point is \\
shown in both figures. The negative slope of the baseline pressure \
characteristic over all of the flow range from high flow to near 0.30 0.34 0.38 0.42 0.46
peak pressure provides stable operation over this range, after FLOW COEFFICIENT, ¢

which it begins to roll over. Stall occurs at a flow coefficient of

about 0.335, as indicated by the short vertical line at the low-flomig. 6 Overall performance of compressor A showing the ef-
end of the pressure characteristic. Baseline Compressor A liexgs of variation in axisymmetric clearances relative to base-
high efficiency that peaks at 90.4 percent. It also has a gobite performance. Compressors A1—-A4 are defined in Table 3
throttle margin of 30.2 percent, as indicated by the 17.9 perce¥ftAppendix A. Data accuracy is identical to that for Fig. 7,
flow range from the design point to stall. This baseline is th@erefore data symbols are removed for clarity.

performance standard against which all of the other configurations

will be compared.

4.2 Effect of Axi-symmetric Clearance Variation on Per- points, respectively. However, stalling flow is nearly unaffected
formance. The effects of varying axisymmetri@ircumferen- because this is tip-sensitive blading with respect to stall onset;
tially uniform) clearance on the performance of Compressor A atbus reasonable changes in hub clearances will not significantly
shown relative to the baseline performance in Fig. 6. The cleaffect the flow level at which stall onset occurs.
ance variation was obtained without centerline offset and thus isLooking next at Curves A3 in Fig. 6, which show the effects of
typical of what occurs in a uniform rotor tip rub. Both rotor tipdoubling only the rotor tip clearance, we see that all performance
clearance and stator shroud-seal clearance were varied indemprantities are affected significantly. There is a 8.5 percent reduc-
dently so that we could separate the effects. Detailed surveystioh in peak pressure rise, a 1.6 point loss in efficiency, a 54
flow properties(not included in this papgrshowed that when percent loss in flow range between the design point and stall, and
rotor tip clearance alone was increased, the dominant effect wathrottle margin of 11.1 percent, which is 37 percent of the base-
seen in the outer 25 percent of span. Similarly when the stator skaé value. Being a tip-sensitive compressor, changes in rotor tip
clearance alone was increased, the dominant effect was seen inclbarance significantly affect stall onset.
inner 25 percent of span. Opening both rotor tip clearance and stator shroud-seal clear-

Looking first at Curves A2 in Fig. 6 showing the effects ofance produces the expected results of further loss in pressure rise
doubling only the stator shroud-seal clearance, we see that peakl efficiency but little further change in stalling flow range, as
pressure rise and efficiency are reduced by 3.4 percent and 0s®0wn by Curves A4 in Fig. 6.
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— €r~ €r,Baseline, €s €s,Baselin
_’};%L Ag, s H + H gj X 100 percent
% I 1i5 " °.) Note that all clearances are normalized by the blading span of
€ o7 P s 11.43 cm(4.50 in). This approach of adding clearances was taken
5 89 nts [ a to evaluate the degree of linearity in the performance derivatives.
g / /ﬂ We evaluated derivatives in terms of average clearances since
o 88 A 4 r{ o changes in pressure coefficients, efficiency, and loading, which
v / ﬁ -2\\\ are of primary interest for assessment of Thomas/Alford forces,
W g7 AST | o/ AN typically vary systematically with changes in average clearance.
S \! Loss in stall margin typically correlates with changes in maximum
g 86 clearance, but that is of less interest here.
e N The performance derivatives for axisymmetric Compressors
A1 Baseline Al1-A4 were computed at the peak efficiency and increased load-
85 1 A5 Small offset — ing points in Fig. 6. The results, shown in Fig. 8 as open symbols,
A6 A6 Large offset describe a linear sensitivity to change in total average clearance
84 | l within 0.150 variance for the pressure derivative and 0.008 for the
0.30 0.34 0.38 0.42 0.46 efficiency derivative.
FLOW COEFFICIENT, ¢ The performance derivatives were also computed for both the
0.66 - small and large offset result described previously in Fig. 7. These
A1 Baseline derivatives, shown as the solid symbols in Fig. 8, have nearly the
0.64 T* > same linear sensitivity as those for the axisymmetric tests. This
?_‘. 0.62 } \ provides high confidence that parallel compressor theory and the
= 8.3% Ri Design methodology of Part Il are appropriate.
w 0.60 Y T Point T |
Q 10.8% A5 5 4.5 Performance of Compressors B and C. The pressure
E 0.58" AN 4 and efficiency characteristics for Compressors B and C are pre-
O 056— A sented in Fig. 9. The configurations, labeled Curves B1, B2, B3,
8 52.0% loss in T i 3 C1, and C2, are identified in Table 3 in Appendix A. These results
DD: 0.54 flow range 3 o) will be used in Part Il in Ehrich’s methodology for whirl analysis.
@ 052 ——3.6% D)
B 50 e 5.0 Effects of Centerline Offset on Airfoil Loading for
a — 17.9% > Compressor A
\. 5 5.1 Unsteady Loading on Rotor Airfoils. Unsteady pres-
0.46 30 a4 a8 42 46 sures on the rotor airfoils were measured as the rotor traveled
’ ) FLOW COEFFICIENT ¢ ’ through varying levels of clearances caused by the centerline off-
’ set. Suction surface pressures were subtracted from pressure sur-
Fig. 7 Overall performance of Compressor A for rotor center- face pressures to give unsteady pressure differéioeeling on
line offset tests relative to baseline performance the airfoil. Representative results showing this loading for three

clearance levels around the circumference are presented in Fig. 10
as contours of differences in unsteady static pressure. The color
red indicates the highest loading and blue indicates the lowest
Clearances on Performance. The pressure and efficiency char1°2ding. Figure 1@, b, ¢) show the rotor at near minimum clear-
nce, nominal clearance, and near maximum clearance respec-

acteristics for the two levels of casing centerline offset are co ; L
pared in Fig. 7 to those for the baseline configuration. As eyVely- The measured, steady-state, surface static pressure distri-
tion at 80 percent span for the rotor airfoil is shown in Fig.

pected, the offset configurations with their larger average a
maximum clearances, shown as Curves A5 and A6, have lo ).

efficiencies and lower peak pressure rise than those for the basé—t is clear that airfoil unsteady loading across the span increases

line Curves Al. There is an 8.3 percent, and 10.8 percent Ios.s”%the region of minimum clearar]c(eed contours in Fig. 14) anq
peak pressure and 1.5 point and 2.7 point loss in peak efficienfcreases in the region of maximum clearatiiée contours in
respectively, for the small and large offsets. Throttle margin .g' 100)) rellatlve to the mean !oadlng at nominal clearanlce. In
11.7 percent, which is 39 percent of the baseline value. Thus, sta§: 10b). It s also clear from Fig. 10 that, near the rotor tip in

margin has suffered considerably. Note that there is little chan gne A, the airfoil loading Increases at near minimum clearar_wce
in loss of stalling flow range between small and large offsets. a/1d decreases at near maximum clearance. This finding confirms
the correctness of Ehrich’s hypothesis in Fi¢)labout the nature

4.4 Applicability of Parallel Compressor Theory. Two of  of rotor whirl-inducing forces in compressors as discussed in Sec-
the models used to compugecoefficients in Part Il of this paper tion 1.2.
rely on the validity of parallel compressor methodology. In addi- In trying to explain the driving mechanisms for rotor whirl in
tion, Part Il will analyze our data by separating it into that for théurbomachinery, previous investigators have concentrated only on
outer 50 percent spaiinfluenced by rotor tip clearangand that the effects of variation in rotor tip clearance. Our unsteady data in
for the inner 50 percent spdimfluenced by stator seal clearance Fig. 10 show an additional feature needing attention in whirl
followed by a synthesis of these results. In order to gain confinalyses, namely, the effect of clearances in the hub region as an
dence in these approaches, we evaluated the Compressor A pdditional driver of rotor whirl. The changes in stator shroud-seal
formance derivatives for the offset tests relative to those for tlidearance and any radial redistribution of flow produce a change
axisymmetric tests. in hub loading on the rotor in Zone B. As seen in Figs(al@),

Both the change in pressure rise and the change in efficieritye unsteady forces in the hub incre@sal contour at tight clear-
were determined for the corresponding change in total averagiece and decreasgklue contouy at more open clearance. While it
clearance from the baseline clearances as expressed by the follmwknown that varying stator hub/shroud clearance affects both
ing equation: compressor aerodynamic performance and local hub airfoil/drum

4.3 Effect of Centerline Offset Having Increased Average
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Fig. 8 Performance derivatives for compressor A in terms of FLOW COEFFICIENT, ¢
change in total average clearance from baseline clearance lev- Compressor C with Axisymmetric Clearances
els

(b)

Fig. 9 Performance characteristic for compressors B and C

loading[13,17], until now this effect has not been incorporated
into documented rotor-whirl analyses. In that sense, incorporating

these findings into the analyses presented in Part Il constitutes a . b h . d ;
new approach to whirl analysis. over or separation between the suction and pressure surface

curves. For example, the crossover of these surface distributions
5.2 Loading Variation on Stator Airfoils. Stator surface at about 8 percent chord in Fig. @) indicates lower incidence
pressures were measured on two instrumented airfoils at locati@mgle and lower leading edge loading compared to the large sepa-
described in Table 5 of Appendix A. For the large offset condration in these distributions near the leading edge for nominal
tions of Compressor A, the instrumented vanes were moved diearance in Fig. 1T).
various circumferential positions from minimum to maximum ro- Near the casing at 90 percent span, we see a progressive in-
tor tip clearance to measure the respective stator loading. crease in the circumferential variation of stator incidence as one
The resulting normalized, steady, surface static pressures an@es along the pressure characteristic from low compressor
function of percent airfoil chord are presented in Fig(atd). loading, Fig. 11a), to medium loading, Fig. 1b), to high load-
From left to right in the figure, we show the results for compressang, Fig. 11c). Using data from the concentric tests, we computed
low, medium, and high loading, respectively, taken at Test Poiras incidence angle derivative with respect to changes in leading
1, 3and 5in Fig. 7. From top to bottom, we show the results froedge loading. When this derivative was applied to the observed
near the casing, at midspan and near the hub. In each of the niaeiation in the offset tests shown in Fig. 11, we found variations
parts of the figure, the circumferential variation in stator loading is incidence angle near the casing of up to 7 degrees around the
presented for maximum, nominal, and minimum clearances. circumference. Such a large circumferential variation in stator in-
One can identify the magnitudes of the stator incidence angialence angle and airfoil leading edge loading is clearly seen in
and leading edge loading in Fig. 11 by the amount of either crodsig. 11(c).
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Fig. 10 (a, b, c¢) Contours of unsteady static pressure difference on the rotor airfoils at three clearance levels around the
circumference for the large centerline offset. Zone A is affected by variation in rotor blade tip clearance and zone B is affected by
stator shroud seal clearance. Both zones are affected by any radial flow redistribution; (d) chordwise distribution of measured,
steady-state static pressure on rotor airfoil at 80 percent span.

At midspan, there is no change in stator incidence around the6.1 Unsteady Whirl-Inducing Blade Forces. The unsteady
circumference at low compressor loading, Fig(d)1with some pressures presented in Section 5.1 were reduced to unsteady blade
increase in incidence variation as loading increases from Figrces as described in Section 3.4. A representative result for the
11(e, f). Near the hub, the influence of increased stator seal-toqiftge offset configuration running at high compressor loading
clearance makes itself known from Fig.(g1h, i). (Test Point 5 in Fig. Yis shown in Fig. 12. The tangential and

The circumferential variations in stator loading seen near thgdjal components of the unsteady, whirl-inducing blade force are
hub in Fig. 11 imply circumferential variations in hub spool loadp|otted as a function of circumferential position. The circumfer-
ing, which constitutes an additional driving mechanism for rotq¢nia| variation of rotor tip clearance is also plotted.
whirl not previously incorporated into analyses. A discussion of The forces in Fig. 12 need to be understood relative to the sign
this effect is given in Part Il. convention of Fig. 13. The direction of rotation and the direction

of the driving torque in Fig. 13 are counterclockwise. The center-
line is offset upward, which places the minimum clearance at
6.0 Unsteady Bla.d.e Forces and the Thomaéiford top-dead-center. Two forces are shown acting on each airfoil: a
Parameter B Coefficient mean forceF,,, and the tangential component of the unsteady

In this section we present the unsteady blade forces that driiagce due to the offsefr,. The magnitude and direction of the
rotor whirl in compressors and the calculation of the Thomashsteady force will determine the direction of rotor whirl.

Alford parameter, o3 coefficient. In Fig. 12 the radial component of unsteady force is very small
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Fig. 11 Circumferential variation of stator airfoil loading for Compressor A showing the effects different levels of rotor tip

clearance due to centerline offset.  (a—c) 90 percent span; (d—f) 50 percent span; (g—i) 5 percent span. Low, medium, and high
compressor loading were obtained at test points 1, 3, and 5, respectively, in Fig. 7.

compared to the tangential component. The maximum tangentifitribution tends to drive the offset rotor shaft counter to the
force occurs near the minimum clearance and the minimum tadirection of rotation, i.e., it drives backward whirl.

gential force occurs near the maximum clearance, again confirm-The analysis of the data in Fig. 12 clearly shows that the whirl-
ing the correctness of Ehrich’s hypothesis. Careful use of the sigitlucing forces from centerline offset will tend to drive backward
convention in Fig. 13 leads us to conclude that in the region @dtor whirl in compressors at this throttle setting.

negative forces shown as Zone 1 in Fig. 12, the net forces actingrhe unsteady forces do not peak at the minimum clearance, but
on the airfoils increase because the unsteady féige.adds vec- peak 40 deg from minimum tip clearance in the direction of rota-
torially to the mean forcef, . This occurs around the minimum tion_This is due to fluid inertia effects as will be discussed in Part
clearance. In the region of positive forces shown as Zone 2 in Figof this paper.

12, the net forces on the airfoils decrease as the unsteady force,

F., oppose the mean forc€,,. This occurs around maximum 6.2 Stator Vane Tangential Force. Stator surface pres-
clearance near bottom dead center. The net effect of the fosa@es shown in Fig. 11 were integrated in the chordwise and span-
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Fig. 12 Circumferential variation of the unsteady whirl induc- 0
ing force components and running rotor tip clearance for the
large centerline offset of LSRC Compressor  A. Zone 1 is for net
force increased and zone 2 for net force decreased. Data —_
shown for Test Point 5 in Fig. 7; see Appendix B3a. Z -5
i P
wise directions to obtain the aerodynamic forces. Tangential force 104
component in the direction of rotor rotation was observed to vary

around the circumference, in phase with the clearance variation. T J r
- - - - 0. 0.10 0.20
This force was largest in the region of minimum clearance and
. . . SR Offset (cm)
was smallest in the region of maximum clearance. This is similar

to the force variation measured on the rotor blading. Fig. 14 Regression plot of cross-axis-force for high compres-

6.3 The g Coefficient. We computed the cross-axis and di-S°r l0ading test point 5 in Fig. 7
rect stiffness forcessyx andFy, for the two centerline offsets and
the various values of compressor loading as discussed in Section )
3.4. We then computed the cross-axis aerodynamic stifiness cokt- for Compressor A. Clearly the Thomas/Alford force drives
ficient, Kxy. An example showing the cross-axis force versu ackward rotor whirl over most of the compressor _qperatlr_}g
offset is presented in Fig. 14 for Test Point 5 of Compressor A2nge, although some regions of near-zero and positive whirl-
The slope of this curveK xy, is linear to within a 0.225 variance. inducing forces are observed at high flow coefficients greater than
From that and the pertinent geometry and measured torque for fhé4-
LSRC configuration, we computed the correspondhgoeffi- . .
cient using Eq.(1). The stiffness forces and resulting coeffi- 7.0 Discussion
cients are shown in Table 1. See Appendix B3c. The analysis of the data presented in Part | of this paper clearly
A curve-fit of the g coefficients from Table 1 is shown in Fig. shows that the Thomas/Alford forces in axial-flow compressors

Table 1 Stiffness forces and the B coefficients for Compressor ~ A: see Appendix B 3c

0.1905 cm offset 0.0965 cm offset
Operating Test Pt. In (0.075 inches) (0.038 inches) Beta Coefficient
Condition Fig. 7 Fx N/(Ib) Fy N/(Ib) Fx N/(Ib) Fy N/(Ib)
" 0.044 2.27 -0.71 1.07
Low Loading ! (0.01) (0.51) (-0.16) (0.24) 0.24
-2.28 4.36 -1.16 2.63
2 (-0.49) (0.98) (-0.26) (0.59) -0.82
™" -4.49 5.87 -2.71 3.34
Peak Efficiency 3 (-1.01) (1.32) (-0.61) (0.75) -1.64
. . -7.48 7.08 -4.13 4.36
Design Point 4 (-1.68) (1.59) (-0.93) (0.98) -2.76
-12.41 9.65 -7.29 5.69
5 (-2.79) (2.17) (-1.64) (1.28) -4.63
Peak Pressure 6 -16.51 17.53 -9.61 7.88 658
- Near Stall (-3.71) (3.94) (-2.186) (1.77) )
442 | Vol. 123, JULY 2001 Transactions of the ASME

Downloaded 01 Jun 2010 to 128.113.26.88. Redistribution subject to ASME license or copyright; see http://www.asme.org/terms/Terms_Use.cfm



2 8.0 Conclusions

1 1 The following conclusions about whirl-inducing aerodynamic
l forces in compressors can be drawn from the experimental data of
0% 2 ] Part I:
2 3 J/ l The long-standing disparity in findings concerning the direction
-1 Ry P | o and magnitude of rotor whirl-inducing, aerodynamic forces in
G = 4 ,/ 8‘ axial-flow compression systems used in modern turbomachinery
S & }/ > has been definitively resolved. The Thomas/Alford force drives
Zg -3 g 5 4 2 backward rotor whirl over most of the compressor operating
@ / | 2 range. This means that tifecoefficients are mostly negative with
Q .4 £ uS] .. . .
o g / RS some near-zero and small positive valdEsward whirl) at high
% 50 = g flow. Consequently, compressor whirl forces tend to promote
o 6 / o 8 whirl in the direction opposite to that of turbines over most of the
-6 =T operating range.
7 = When the centerline of the rotor is displaced from the centerline
OQ' of the casing, thainsteadyloading on the rotor airfoils in the
8 tighter clearance region increases anduhsteadyloading on the
.37 0.39 0.41 0.43 0.45 0.47 rotor airfoils in the more-open clearance region decreases relative
Flow Coefficient, ¢ to the loading for nominal clearance.
The Ehrich model describing compressor whirl resulting from
Fig. 15 Computed beta coefficients for the LSRC compressor aerodynamic forces, as presented in Fig),lhas been validated
A offset rotor test showing that unsteady forces promote back- by the low-speed testing process. This important finding strongly
ward whirl over most of the compressor operating range. Test suggests the model’s correctness for use in guiding HP compres-
Points 1-6 correspond to those in Fig. 7. sor designers.

The parallel compressor model has been validated for the offset
tests, based on the analysis of the performance derivatives. This
finding is important to the applicability of the analytical models in
Part Il.

typical of modern design tend to drive backward whirl. In fact, for The unsteady forces do not peak at the minimum clearance but
off-design operation at lower flows and high airfoil loading, thgeak 40 deg from minimum clearance in the direction of rotation
beta coefficients were strongly negative. for Compressor A. This is due to fluid inertia effects as will be

However, there are qualifications that go along with our finddiscussed in Part Il of this paper.
ings. Backward whirl-inducing forces do not occur over all of the To date attention has been given only to the effects of rotor tip
operating points of the compressor map, as also clearly showndigarance. A new finding has shown that clearance variations in
our data. At high-flow, low-loading situations, the Thomas/Alfordhe hub region can also have a significant effect on the magnitude
forces were neutral or shown to drive forward whirl, although thgnd direction of rotor whirl. This will be discussed in detail in
magnitudes of the positivg coefficients were small. Part Il.

In engine operation, the range gfcoefficients in Fig. 15 can  Large performance penalties in efficiency, pressure-rise capa-
be encountered during operating line migrations from the steagjity and stall margin can occur if average and maximum clear-
state design point. Low operating lifleigh flow coefficient situ-  ances increase during rotor centerline displacement. Unsteady in-
ations for the HP compressor occur for commercial engine opegdence angle variations around the circumference of as much as
tion primarily during a rapid deceleration from high power. Arseven degrees were observed.
example of this could be a throttle chéglowing thrust reverser
deployment on landing. In this situation fuel flow drops abruptlyAcknowledgments
causing the pressure in the combustor and rear of the compressofne authors wish to thank technicians Donald Menner and Wil-
to drop. The operating line then drops but the rotational speggm Groll for building up and running the LSRC, engineers Scott
cannot change instantaneously so the pumyaigflow) is high.  Tripp and David Vu for overseeing the dynamic instrumentation

High operating ling(low flow coefficieny situations for the HP anq qata gathering, and engineers Robert Maffeo, Steve Schrantz,
compressor occur primarily during a rapid engine spoolageel- - and Don Beeson for developing the bidirectional curve fit routines
eration). This can occur during take-off, application of reversgsed to resolve unsteady blade forces. The authors also thank GE
thrust on landing, a go-around on missed approach, and aircraftcraft Engines for permission to publish this paper.
avoidance maneuvers. Fuel flow to the combustor is increased
raising its temperature and back-pressuring the compressor. T)&Ependix A
causes the operating line to go up before the rotational speed can
increase appropriately. Tables 2-5 Giving Blading and Configuration Details

Table 2 Blading details for Compressors A, B, and C at midspan

IGV ROTOR STATOR
A B c A B c A B c

Solidity 1.0 1.0 1.5 1.16 1.11 0.97 1.43 1.32 1.00

Aspect Ratio 1.36 1.36 1.5 1.20 1.25 1.83 1.34 1.45 2.05
Chord, cm 8.38 8.38 15.2 9.55 9.12 12.3 8.53 7.91 11.0

Chord, inch 3.3 3.3 6.0 3.76 359 4.86 336 | 3114| 433
Stagger, deg. 14.8 3.4 19.9 50.4 49.1 42,0 30.5 20.3 33.4
Camber, deg. -- -- -- 31.8 32.3 32.4 40.5 53.4 40.4
No. of Airfoils 53 53 40 54 54 32 74 74 37
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Table 3 Values of clearances and offsets for Compressors A, B, and C

Rotor Tip Clearance Stau:;lShroud-Seal Centerline Offset
earance
€
€, €y c I o € G. s _E_s_ % c:n irl % %
cm in TIP cm in H
Compressor A )
A1, Baseline
0.1565 0.061 1.63 0.089 0.035 0.8 0 0 0
A2. Nom F:ROP"“ s 0.155 | 0.061 | 163 | 0178 | 0070 | 16 0 0 0
A3. Open R Nom S 0320 | 0126 | 335 | 0.089 | 0035 | 08 0 0 0
A4.Open R Open § 0.320 | 0.126 | 3.3 | 0178 | 0070 | 1.6 0 0 0
A5. Small Offset
A\(g 0.279 0.110 2.92 0.178 0.070 1.6 0.0965 0.038 0.711
Min 0.198 0.078 2.07 0.081 0.032 0.7 0.0965 0.038 0.711
Max 0.351 0.138 3.67 0.274 0.108 2.4 0.0965 0.038 0.711
A8. Large Offset
A\{g 0.251 0.099 2.63 0.284 0.112 2.5 0.191 0.075 1.67
Min 0.056 0.022 0.59 0.094 0.037 0.8 0.191 0.075 1.67
Max 0.437 0.172 4.57 0.475 0.187 4.2 0.1 0.075 1.67
Compressor B
B1. Baseline 0.160 0.063 1.75 0.089 0.035 0.8 0 0 0
B2. Nom R Open S 0.160 0.063 1.75 0.178 0.070 1.6 0 0 0
B3. Open R Nom S 0.320 0.126 3.51 0.089 0.035 0.8 0 0 0
Comptressor C
C1. Baseline(*) 0.323 0.127 2.61 0.320 0.126 1.40 0 0 0
C2.0pen R Nom S(*) 0.625 0.246 5.06 0.320 0.126 1.40 0 0 0
(*) cantilevered stator
Table 4 Rotor blade kulite locations
Percent Chord on Suction Surface | % Span I Percent Chord on Pressure Surface
4 12 18 24 30 40 50 60 72 87 ]96.2 12 18 24 30 50 80
12 18 40 92.2 12 18 40
11 18 30 72 82.0 1 18 30
5 13 21 30 40 55 72 87 |512|75 18 21 30 50 80
5 12 30 72 2051 6 12
4 12 21 30 40 50 60 72 87 }102| 5 12 21 30 50 80
Table 5 Stator vane pressure tap locations
Five Rows - at the following percent immersion from casing:
10, 20, 50, 80, and 95
Tap Locations in Each Row
Percent Chord on Stator Suction Surface
25 8 13 20 25 30 35 40 50 60 7O 80 9C 96
Percent Chord on Stator Suction Surface
2.5 8 20 30 45 60 70 80 90 95
Appendix B B3 The Coordinate SystemsTwo coordinate systems are

used, as described by Figs. 3 and 5. All of the forces are defined
in the Nomenclature.

Sign C ti d Coordinate Syst . !
'gn Lonvention and L-oordinate Systems a The (local) coordinate system fixed to the bladeBhe tan-

B1 Direction of the Forces. Regarding~y, andF in Figs. 1 gential and radial forces that act on the rotor bladiesandFy,
and 13, the arrows are drawn with the arrow head pointing in tlaee shown schematically in Fig. 5 in a coordinate system fixed to
direction that the forces act in the compressor and the turbine. Rbe blades. The measuremhsteadytangential and radial forces
example in Fig. ) at the top, the arrows show that the unsteadghown in Fig. 12 are in this coordinate system. Note Exhafrotor
force Fy will reduce the mean forc&), as the arrows oppose blade unsteady tangential foyda Fig. 12 is much larger thaRg
each other. But at the top in Fig(, the arrows show that the (rotor blade unsteady radial forc& hese unsteady forces; and
unsteady forcé, will increase the mean forde,, as the arrows Fg, are resolved into the total unsteady forEg,, which is then
are in the same directiork,; and F, must be considered as aadded vectorially to the mean forde,, , to get the total force on
vector sum, as stated in the third paragraph of Section 6.1.  the airfoil as shown schematically in Fig. 13.

B2 The Sign Convention.Following rotordynamic conven- b The (global) coordinate system fixed to the rotor centerline
tion, we define forward and backward whirl relative to the direcFhe net unbalanced forces acting perpendicular and parallel to the
tion of rotor rotation. This has a subtle aspect when looking ahaft deflectionFy andFy in Fig. 5, are in a coordinate system
plus and minus directions in Cartesian coordinates. For engirfeed to and acting about the rotor centerline as seen in Fig. 3. In
rotating counterclockwise forward looking aft, positive whirlthis global systemEy is the cross-axis stiffness force that drives
forces are those which will drive a whirling rotor counterclockfotor whirl about the undisplaced centerlig, is the direct stiff-
wise. In Figs. 3 and 5, we show the forEg pointing from the ness force.
origin to the LEFT as a positive force because it will drive the The airfoils in the blade-fixed coordinate system rotate about
displaced centerline counterclockwise about the undisplaced céms global coordinate system, with the angle of rotation, theta,
terline. To the casual observer, positive in Cartesian coordina®own in Figs. 5 and 13 as positive in the counterclockwise
would be from the origin to the RIGHT. direction.
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rotor tip clearance, cm

shroud seal clearance, cm
W'/W¥ X100 percent, torque effi-
ciency, points

= flow coefficient

work coefficient

¢ Transformation from local to global coordinate system
Referring to Fig. 5, the transformation from the local to global
coordinate system for thigh rotor blade is: n =

Global (rotor—disk Local blade-fixed
coordinate system coordinate system

ER —
€g =

®=m/pAU,,
P =T/[(1/2pUDRA]

[FXJ _| cog6)  sin(6) {FT] W' =C,Ty/(L/12)U[(AP/
Fv] | -sin(6) cog0)] |Frl; p+1) 7 Vr—1] = pressure coefficient
Summing the forces over all of the rotor blades is done as shown = blade azimuth angle, rad

0
p = density
Q

below. = spin speed of the rotor, rad/s
Ng Ng .
Superscripts
Fx=2, Fxi Fy=2, Fy;
=1 =1 — = averaged value

Note that the large unsteady tangential fofeég, in Fig. 12 will  Subscripts
contribute toboth F, andFy in Table 1 so that the values & t

= rotor ti
andFy can be of nearly the same magnitude. The key is hat - designppoint
in Table 1 isnegative in sign which drives backward whirl = stall point
over most of the operating range as shown by the negative beta
coefficient.
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Unsteady Flow and Whirl-
Inducing Forces in Axial-Flow
Compressors: Part ll—Analysis

An experimental and theoretical investigation was conducted to evaluate the effects seen
in axial-flow compressors when the centerline of the rotor becomes displaced from the
centerline of the static structure of the engine, thus creating circumferentially nonuniform
rotor-tip clearances. This displacement produces unsteady flow and creates a system of
destabilizing forces, which contribute significantly to rotor whirl instability in turboma-
chinery. These forces were first identified by Thomas (1958. Bull. ALMYo. 11/12, pp.
1039-1063.) for turbines and by Alford (1965. J. Eng. Power, Oct., pp—333) for jet
engines. In Part I, the results from an experimental investigation of these phenomena
were presented. In this Part Il, three analytic models were used to predict both the
magnitude and direction of the Thomas/Alford force in its normalized form, known as the
B coefficient, and the unsteady effects for the compressors tested in Part |. In addition, the
effects of a whirling shaft were simulated to evaluate differences between a rotor with
static offset and an actual whirling eccentric rotor. The models were also used to assess
the influence of the nonaxisymmetric static pressure distribution on the rotor spool, which
was not measured in the experiment. The models evaluated were (1) the two-sector par-
allel compressor (2SPC) model, (2) the infinite-segment-parallel-compressor (ISPC)
model, and (3) the two-coupled actuator disk (2CAD) model. The results of these analyses
were found to be in agreement with the experimental data in both sign and trend. Thus,
the validated models provide a general means to predict the aerodynamic destabilizing

forces for axial flow compressors in turbine engines. These tools have the potential to
improve the design of rotordynamically stable turbomachinery.
[DOI: 10.1115/1.1370165

coefficient as later reported by Ehridb], but the Colding-

N . . -~ ._Jorgensen results suggested a more positive level of the parameter
It is critically important to the operation of high-bypass ratlothaln the negative levels reported in Ehrich's work. Ehri&h

trbofan engines and other high-speed, highly loaded turbon}ﬁhher showed that the experimental data of Vance and Laudadio

c_hlnery that thelr rotor systems be d.e.S|gned to.preglude potefg] implied that, for certain values of torque and speed in their
tially destructive rotordynamic instability. Instability is engeny -speed blower tests, the destabilizing forces tend to drive

dered yvhen wh[rl-lndu0|ng tanggntlal force systems are mdpc ckward whirl. Other evidence was also accumulating in the the-
by radial deflection of the rotor, i.e., cross-coupled forces, wnhc?&

1 Introduction

magnitude that overwhelms stabilizing damping forces. Typic etical and experimental results of Yan et[&l. to indicate nega-

hani for induci b f th ated e B coefficients for compressors.
mechanisms for Inducing such Torces aré those associated wi U\ key limitation to the application of the new insights into the

internal damping of the rotofhysteretic whir); with fluid film 4o qiahilizing forces in axial-flow compressors was the lack of ac-
bearings; with fluid trapped in internal cylindrical cavities in ro-

- and dd 4 in thi h th ‘ aurate, systematic, experimental data that could be used to vali-
tors; and, as addressed In this paper, with the system of aerogse e available analytic procedures. Part | of this two-part paper
namic forces induced by the nonaxisymmetric rotor and stator

; - h ; esents experimental results from several compressor configura-
clearances inherent in rotor displacement. It is therefore of ma]

. i th . | . ns that accurately model compressors in commercial airline ser-
importance in the design process to be able to determine aciks The tests, conducted in the GE Aircraft Engine’s low-speed

rately the magnitude and direction of these whirl-inducing forcegagearch compressdrSRC), used rotor centerline offset to simu-

The aerodynamic forces induced by the nonaxisymmetric rotgfie the amplitude of rotor whirl and provide the opportunity to
and stator tip clearances inherent in rotor displacement were fifgbasure the major destabilizing forces that are induced.
identified by Thomag1] for turbines and by Alford 2] for jet

engines for both compressors and turbines. Vance and Laudadio

[3] found that the Thomas/Alford force is rotor-speed dependent

and mostly positive, except for some special combinations of rotor

speed and stage torque where the direction of the force was Pe- Objectives
versed. Colding-Jorgensé#] found the same generality for the

shape and slope of the relationship @fcoefiicient versus flow There were two major objectives of this overall work. The first

was to compare the available analytic models with the experimen-
tal results to validate their potential incorporation into design sys-

International Gas Turbine and Aeroengine Congress and Exhibiton, Munich, thrg-}ns' The second was to assess the relative Importance of two

many, May 811, 2000. Manuscript received by the the International Gas TurbifdfeCts that were not evaluated in the experimental program—the
Institute February 2000. Paper No. 2000-GT-566. Review Chair: D. Ballal. effects of a whirling shaft, which was not simulated by the static

Contributed by the International Gas Turbine Institute and presented at the 4
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offset used in the experiment; and the influence of the nonaxisystreams, one stream associated with the tip clearance and the re-
metric static pressure distribution on the rotor spool, which wasainder associated with the blade. Thus, the model can be used to
not measured in the experiment. examine radial flow redistribution as well as performance degra-
dation due to rotor and stator tip clearances.
. . In the radius-scale analysis, the effects of nonaxisymmetric ro-
3 Description of the Three Analysis Methods tor and stator tip clearances can be examined. The continuity
The predictions of three analytic systems were compared @guation and the axial and tangential momentum equations are
detail to the experimental results that were obtained in Part |. Theed to analyze upstream and downstream flows, and the results
three methods vary from one another in several wégisin their  from the blade scale model are used to connect upstream and
dependence on experimental characterization of the stag& downstream flows. The nonaxisymmetric flow response or azi-
their flexibility in dealing with configuration detail like shroudedmuthal flow redistribution effect is obtained through a small per-
blade rowsjc) in their accuracy of prediction of the coefficient turbation harmonic analysis about the axisymmetric mean, which
compared to the experimental data; gdyin their capability to is provided by the blade scale analysis.
accommodate more complex phenomena like the effects of nondnputs required for the models are the blade angles, pitch/chord
axisymmetric spool surface pressure and of the whirling rotor gatio, and mean rotor and stator tip clearances. Thus, no empirical
the B coefficient. inputs are needed, and the analysis is strictly based on first prin-
. ciples. Outputs from the model include the axisymmetric mean
3.1 Two-Sector-Parallel-Compressor Model. Ehrich [S]  4ng nonaxisymmetric perturbations in the flow fiéle., velocity
developed a procedure, referred to as the two-sector-parallghy pressupe The nonuniform rotor blade loading effects and the

compressor mode(2SPQ, which computes theg coefficient  effects of nonaxisymmetric static pressure on the rotor hub can be
based on parallel compressor theory. The 2SPC model is a 0p&zmined from the perturbations.

dimensional system that approximates the continuous circumfer-
ential variation of clearance by hypothesizing two compressors -

operating in parallel, one representing a 180 deg sector with éﬁsessmem of the Ability of the Three Models to Com-
axisymmetric clearance equal to the minimum local clearance p#ite the B Coefficient

the deflected rotor; and the other compressor representing th% 1

. : ; Identification of the Roles of the Rotor Tip Clearance
other 180 deg sector with an axisymmetric clearance equal to th(_ed the Stator Shroud Seal Effects. The first calculations of

Jhe B coefficient were done using Ehrich’s 2SPC parallel com-
Rygssor model in the manner reported previo(iSly The axisym-

maximum local clearance of the deflected rotor. The analysis
quires only the stage performance characteristics at two value
axisymmetric tip and/or shroud seal clearance. The model is ; ; ; :
able to offer any data or insight on other effects such as act ptric experimental data from Fig. 6 in Part | were used to con-

whirling of the rotor or the effect of nonaxisymmetric pressuré ruct a parallel compressor with ong-half of the compressor
distribution on the rotor spool. operating at the nominal rotor blade tip clearance and nominal

stator seal clearance, and the other half operating at open rotor
3.2 Infinite-Segment-Parallel-Compressor Model. More blade tip clearance and nominal stator seal clearance. The results
recently, Spakovszkj/7] developed a new procedure, referred tdrom the 2SPC model gave values of tBecoefficient that were
here as the infinite-segment-parallel-compressor mo&#CO, about one-half of those computed from the experimental data and
which consists of two partsia) an unsteady, two-dimensional,suggested that a major component of the dynamic force on the
compressor tip clearance model for stall inception, which represtor blade had not been identified in the analysis.
sents the flow field through the compressor, d&bda rotordy- To help understand this situation, we looked at a key finding
namic force model. The rotordynamic model uses the unsteafilgm the analysis of the experimental results—a contour map of
momentum equation, which is applied locally to one blade patie dynamic differential pressure across the blade surface as it
sage in the circumferential direction. An unsteady control volunpassed through the point of peak dynamic load for a very highly
analysis is conducted in a frame locked to the rotor and appliézhded operating point as shown in Fig. 1. That perspective re-
locally to each blade passage to obtain the local tangential blad=aledtwo intense concentrations of dynamic activity: one in the
force. The resulting force in the rotor frame, which is obtained by
integrating the distributed tangential force, is transformed back to
the absolute frame. One advantage of this approach over that ~*

AP
the 2SPC model is that any unsteady flow regimabirling shaft, Zove by e Max 0300
rotating stall can be evaluated. The ISPC approach can be €varationinRotor ~ ~ Min -.0284
tended to deal with the effects of unshrouded stator tip clearan!ade Tio-Clearance A o273
and any Radial Flow

and stator shroud seal leakage flow, but the results were not avredistituton g 5 oz
able for this paper. s D ot

The inputs to the model are the compressor geometry, an a 3 ), { E ;g,"jg;
symmetric compressor characteristic, and the sensitivity of tl 2 Py / € 1 | & @ -oms
compressor characteristic to changes in axisymmetric rotor 1 © u‘; ‘{E‘. H :;g?g‘:
clearance, which are matched to data. —— = \‘ ? 4 o

B !

3.3 Two-Coupled-Actuator-Disk Model. Song and Cho g \
[8] have developed a procedure, referred to as the two-couple & t
actuator-disk mode{(2CAD) following the same approach used\zlmhgm%r iof * a/
for turbines by Song and Martinez-Sanch@f The 2CAD model  snroud Seal 5
is quasi-three-dimensional and consists of two coupled zatctuat‘;‘f;'a"*';"‘@"“’“"y £ c/;;\\ﬁ
disk analyses: one at the compressor blade scale and another ARedetioion  ——] \&/D/c'//\,

=

compressor radius scale. The analyses assume inviscid, incc £
pressible flow. They are essentially mean-line analyses, and oot
blading is assumed to be two dimensional. The blade scale mouei
is an axisymmetric, meridional plane analysis, and thus Captuigs 1 Measured unsteady static pressure difference (pres-

the radial redistribution of the flow due to the existence of rotQfire side —suction side ) on the surface of the rotor blade at the

and stator tip clearances. Upon passing through a blade row, ghigimum clearance condition for the maximum centerline off-
initially radial-uniform upstream flow is assumed to split into twaset: LSRC Compressor A
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outerone-third span of the blade surface and the other irrther 4.2 Calculation of the B Coefficient Using the Three

one-third span. It was hypothesizéhd ultimately verified in the Models

following analyse that the activity in the outer one-third span i

resulted from the variation irotor-bladetip clearance induced by T WO-Sector-Parallel-Compressor ModelThe 2SPC analytic

the rotor offset as seen by a typical rotor blade in the course of [&odel was exercised to produce an estimate of the Avooeffi-

rotation. The additional zone of intense activity in the inner onéients implicit in Compressor Adescribed in Part)lin the fol-

third span was comparable in magnitude to the activity near thHwing two-step process.

tip and was inferred to result from the variation in flow leakage First, the 8 coefficient associated with the variation of rotor-

from the stator-shroudseal clearance as seen by the rotatinglade tip clearance was computed from two of the sets of LSRC

blade. Although the effect of stator shroud-seal leakage on turldata(Fig. 6 of Part ): one set at nominal rotor-blade tip clearance

machinery aerodynamic performance has been documenged nominal stator-seal clearance and the other set at open rotor-

[10,11] the contribution of this phenomenon to rotor whirl instablade tip clearance and nominal stator-seal clearance. These 2SPC

bilities had not been previously recognized in the analysis of egnalytic results are compared to offset rotor experimental data

perimental data or accommodated in analytic modeling of thetegrated over the outer 50 percent span in Fig).3The model

problem. It became apparent that the influence of the flow leakagiedicts the coefficient to an accuracy of 0.78, with a confidence

from the seal tooth clearance in the adjacent stator r@wsl |evel of 95 percent.

perhaps radial redistribution of flgvhad a substantial impact on  secondly, thes coefficient associated with the variation of sta-

the dynamic forces on a rotor. tor shroud seal clearance was also computed from two of the sets
To identify the relatlye contributions of each of the twc_) effectsyf | SRC data(Fig. 6 of Part }: one set at nominal rotor-blade tip

we reduced the experimental unsteady-pressure data in termg@hrance and nominal stator-seal clearance and the other set at

two separate components. nominal rotor-blade tip clearance and open stator-seal clearance.
(a) A computation of the component of tiecoefficient involv- These 2SPC analytic results are compared to offset rotor experi-

ing integration of the dynamic pressures over the outer 50 percent

span of the rotor blade, representative of the cross-coupled forces

derived from the variation of rotor-blade tip clearance seen by the

rotating blade. 2 T T T T y - v T
(b) A computation of the component of tifecoefficient involv-

ing integration of the dynamic pressures over the inner 50 percel

span of the rotor blade, representative of the cross-coupled force 0

derived from the variation of stator-shroud seal tooth clearanc 4 |

seen by the rotating blade. €
. - o2 .2
The total value of the experiment@lcoefficient was then taken 2
as the sum of these two contributions. It represented the cros @ -3
coupled forces derived from the variation of both the rotor-blade® 4l .
and stator-shroud seal clearances seen by the rotating blade. Tg ’ ——  Outer 50% - LSRC
two components of thg8 coefficient computed above and their S5t — - Rolor-2SPC
sum are presented in Fig. 2. sl = Rotor - ISPC
With this compartmentalization of the individual effects, it was e Ouler 50% - 2CAD
then possible to compare the experimental results with those ol -7 |
tained from three different analytic models. 8 . . \ . . . .
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Flow Coefficient Fig. 3 Alford g coefficient for LSRC centerline offset of Com-
pressor A. (a) Pressure integration over outer 50 percent span
Fig. 2 Relative contributions to the total B coefficient obtained compared with analytic models of rotor-blade tip clearance ef-
from the experimental data for inner 50 percent and outer 50 fect. (b) Pressure integration over inner 50 percent span com-
percent spans compared to the total B coefficient: LSRC Com- pared with analytic models of stator-shroud seal clearance ef-
pressor A fect.
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mental data integrated over the inner 50 percent span in fBy. 3 the circumference is marked for one operating point by the lightly
The model predicts th@ coefficient to an accuracy of 0.51, with dashed line. Although only the sensitivity of the compressor char-
a confidence level of 95 percent. acteristic to changes in axisymmetric rotor tip clearance is used in
Figure 4 shows theumof these two effects derived from thethe model, the average performance predictions match the offset
2SPC model compared to the offset rotor experimental data intkata quite well.
grated over the entire 100 percent span of the rotor blade. TheThese results in Fig. 5 give confidence in using this flow field to
analytic model results agree precisely in form and yield an accpredict the forces on the rotor. The estimate of pheoefficient
racy of 0.62(with a confidence level of 95 percenthus validat- from the ISPC model for the effect of rotor-blade tip clearance is
ing the 2SPC model for this general type of compressor bladinghown in Fig. 3a) compared to the results derived from the LSRC
centerline offset experiment for Compressor A. The model pre-
dicts theB coefficient to an accuracy of 0.47, with a confidence
}ﬁ{?el of 95 percent.

Infinite-Segment-Parallel-Compressor Modellhe ISPC com-
pressor model was used to assess the effect of rotor-blade
clearance on Compressor A performance. The flow field and co
pressor performance were computed for a steady shaft offset offwo-Coupled-Actuator-Disk Model.The 2CAD model was
0.9 percent tip clearance to chord and different throttle settingssed to predict the rotor blade loading with both rotor and stator
The performance predictions by the ISPC model and the measuoéshrances. The resultag coefficient for the outer 50 percent
mean operating points are shown in Fig. 5 compared to the ewtor blade span is plotted versus flow coefficient in Figy) 3and
perimental data. In addition the locus of operating points arourlde resultanj3 coefficient for the inner 50 percent rotor blade span
is plotted in Fig. 8b). The model predictions yield an accuracy of
1.08 and 0.39 respectively, with a confidence level of 95 percent.
Finally, the combined effects are shown in Fig. 4. The results
reflect an accuracy of 1.12 with a confidence level of 95 percent.
The 2CAD model assumes an unshrouded stator with a tip clear-
ance, when, in fact, the LSRC has a single-tooth labyrinth seal on
the shrouded stator tip. Nevertheless, the agreement between the
2CAD prediction and the experimental data is remarkable. Even
though it might be fortuitous, the result is quite creditable consid-
ering that, as distinct from the 2SPC and ISPC models, no experi-
mental stage characteristics or sensitivities were used in its
generation.

4.3 Use of the 2SPC Model to Analyze other Compressor
Configurations. With the validation of the 2SPC method by the
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5 463 ——  Full Span - LSRC assessment shown in Sec. 4.2, it appeared to be justified to apply
~ — Rotor + Stator - 2SPC the analysis tool to other axial-flow compressors for which data
6 R Full Span - 2CAD were available. As shown in Fig._ 9 of Part | of this_ paper, stage
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Fig. 5 Compressor A performance predictions by the ISPC
model compared with experimental performance data of the
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are in actual commercial airline service. Performance was in the
form of overall stage-average pressure characteristics measured at
two different values of both axisymmetric rotor tip clearance and
stator shroud-seal clearance for Compressor B and two different
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\ Compressor A ]
8 . . " .
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Fig. 6 B coefficient for LSRC Compressors A, B, and C using

the 2SPC method, reflecting rotor and stator tip clearance
changes
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values of rotor tip clearance for Compressor C. The results for5.2 Effect of Spool Pressure Loading. Nonaxisymmetric
Compressors B and C are shown in Fig. 6 compared with tipeessure distribution was first identified as a separate forcing
results obtained for Compressor A. They suggest that the trendsurce by Martinez-Sanchez et [dl2], and its effects on turbines
magnitude, and sign of the predicted values of gheoefficients were analyzed by Song and Martinez-Sanch@lz In order to
conform to the generality derived from the experiments for Conassess the nature and magnitude of the nonaxisymmetric pressure
pressor A but that detailed analysis is required for each compresfects in compressors as well, SpakovsZKy investigated the
sor to accommodate its specific design features. effects of flow inertia on the destabilizing forces in a detailed
analysis. The ISPC modeling results showed that the flow field
lags the clearance distribution due to the fluid inertia. It is deduced
that, due to this phase shift, the static pressure distribution acting
5.1 Phase Shift between the Locations of Minimum Clear- on the rotor hub spool results in a net force that is not parallel to
ance and Maximum Tangential Force. As shown in Fig. 12 of the deflection direction. The pressure force therefore has a com-
Part | of this paper, experimental LSRC measurements for thenent acting tangential to the rotor deflection and hence contrib-
maximum centerline offset of Compressor A operating at higltes to the cross-coupled stiffness and ultimately to the value of
loading indicate a significant phase difference of about 40 degtie 3 coefficient.
the peak of the dynamic force variation relative to the vector of The static pressures acting on the spool were not measured in
the rotor displacement. That is, the peak dynamic force on a givéte experiment and a definitive comparison of the modeling re-
blade was not developed at the same angular location where #ifts to experimental data cannot be made. However the average
blade was experiencing the minimum tip gap. Both the ISPC agehtic pressure in the blade passage at mid-span was deduced from
the 2CAD models were used to predict the dynamic force distthe blade surface measurements to obtain a rough estimate of the
bution for a steady shaft offset. The modeling results showed theagnitude of the pressure nonuniformity.
same trends in blade loading distribution as observed in the ex-The nondimensional circumferential spool pressure distribution
periment. The ISPC model and the 2CAD model predict a phaggtained from the ISPC and 2CAD models at mid-span and the
lag of 26 and 28 deg, respectively, compared to the experimentaligh experimental estimate of the passage pressure nonunifor-
value of 40 deg. A detailed analysis using the ISPC model rgity are depicted in Fig. 7 for a compressor operating point close
vealed that the flow field lags the clearance distribution due to stall. To be consistent with the scheme used in LSRC data
fluid inertia in the ducts and the blade rows, which gives a shift ireduction described in Part I, only the first spatial harmonic of the
the tangential blade loading distribution with respect to the tigpressure distribution is considered here.
clearance asymmetry. The reasons for this are discussed brieflfhe ISPC model predicts a phase shift of 16 deg between the
using the ISPC model. nonuniform spool pressure distribution and the tip clearance dis-
First let us assume that the family of axisymmetric tip clearanggibution. Regions with tight tip clearance yield less blockage and
compressor characteristics has no curvature and that unstegiitefore a higher flow coefficient. Conserving total pressure in
losses and flow inertia effects in the blade rows and ducts affe upstream dudipotential flow yields lower static pressure in
neglected. In this case the flow instantaneously responds to the tight clearance region at the compressor face. Assuming that
distortion induced by the asymmetric tip clearance. The pressuke flow angle from the last set of stator vanes is uniform and that
rise and flow coefficient variations are then purely sinusoidal ande downstream duct has constant area implies a uniform static
180 deg out of phase with respect to the tip clearance distributigiressure distribution at the compressor exit. Hence the average of
Regions with tight tip clearance yield high pressure rise, lesise upstream and downstream static pressure will be minimal in
blockage, and therefore a higher flow coefficient. The oppositie tight clearance region as it is shown in Fig. 7.
holds for regions of large tip clearance. The 2CAD approach predicts the same trend. Essentially higher
Now let us consider the family of compressor characteristi¢aass flux toward the tight clearance region lowers the pressure in
shown in Fig. 5 and assume that unsteady losses and unsteguity region at the rotor inlet, and this nonuniform pattern persists
flow inertia effects are present. The compressor pressure rise digough the stage. Thus, the average pressure acting on the rotor
tribution around the annulus is now distorted due to curvature Afib has a phase shift of 32 deg relative to the clearance distribu-
the compressor characteristicsee lightly dashed line in Fig.)5
Part of the compressor pressure rise is now devoted to accelerat-
ing the fluid in the blade row passages. The flow coefficient varia-
tion lags the tip clearance distribution due to the fluid inertia. The
combination of a simplified tangential momentum analysis ar x y¢2

5 Discussion of Important Additional Issues

kinematic relations reveals that, to first order, the variation i ) ’ ' ) '

tangential blade loading is proportional to the variation in flov 2} , N

coefficient. Hence the tangential blade loading is predicted to i / I o \

the tip clearance distribution as is observed in the experiment g ~ / \ 19

shown in Fig. 12 of Part | of this paper. A more detailed discus=2 1t } T 109

sion is given in[7]. 2 AN \ 8
In other words, there is a finite amount of time necessary for t} & ,,-{:.l"' RN \ o

circulation around the rotor tip to be completely reestablished 8 0 ij 0 §

response to the change in clearance. This time is associated \45_‘4 e -/ N O g

that necessary for the fluid to transverse the axial length of ti5 rd / \\ 3

rotor. However, since the tip clearance is continually changin & -1 |~ — = 2CAD Model 109 O

this is a dynamic process. @ A ISPC Model \ rf'
Unlike the ISPC model, the fluid inertia in the blade passage / e Tip Clearance Variation \

not explicitly modeled in the 2CAD approach. Instead, the 2CAl -2 [N . 7 ---= Passage Pressure (Data)

model looks at the global flow behavior as it approaches the col . . , , .

pressor with nonaxisymmetric flow redistribution. The phase le 0 60 120 180 240 300 360

of the blade loading nonuniformity relative to the tip clearanc Circumferential Angle

variation is mainly due to the higher mass flux near the smaller
gap region. In summary the effect of flow redistribution due t@ig. 7 The circumferential static pressure distribution ob-
inertial flow effects induces a significant phase sfuoft the order tained from the ISPC and 2CAD models at mid-span compared

of 40 deg of the dynamic blade loading distribution.
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tion. The ISPC and the 2CAD modeling results differ in the pre-
diction of the magnitude of the pressure nonuniformity but show
similar trends.

A spool loading coefficienBg,q equivalent in form to thes
coefficient was introduced to assess the relative impact of th &
pressure nonuniformity. It is assumed in the calculation of the g
Bspool CO€fficient that the spool pressure distribution acts on the 8
hub surface of the rotor and the adjacent upstream and dowr §
stream interblade row gaps. @

The Bgpo0 coefficients predicted by the ISPC and 2CAD meth- e
ods are compared in Fig. 8. Both models’ results show the sam £
forward whirling trend due to the nonuniform spool pressure load- -~
ing. The estimategs, coefficient acts in a direction tending to
counteract the backward whirl induced by the net unbalanced tar
gential blade loadingsee Figs. 3 and)4 The B4, Coefficient
estimated by the 2CAD model is larger in magnitude than the
ISPC prediction, which is associated with the larger magnitude
and phase of the static pressure distribution in Fig. 7.

5.3 Effects of Actual Forced Rotor Whirl. The LSRC ex-
periment was performed with static offset of the rotor. In the
actual situation that is being modeled, the unstable rotor would b
whirling at the offset radius at the natural frequency of the system
It has been suggested that this whirling, which was not simulatet
in the experiment might have some significant effect on the value
of the B coefficients.

Forced shaft whirl was simulated by the ISPC model to asses
the effects of shaft motion on the destabilizing rotor forées
details se¢7]). (The 2CAD model can also be extended to include
unsteady whirl effects as has previously been done for turbines—
but that analysis was not available for this papéie forced
whirl frequency was varied from synchronous backward whirl to &
synchronous forward whirl. Figure 9 provides an estimate of the®_
impact of this effect on thg3 coefficient and the spool loading 8
coefficient Bgpoo. A detailed analysis shows that an enhanced@”?
distortion of the flow field, due to shaft motion, induces an am-
plification of the 8 coefficient near a whirl frequency close to the
frequency of rotating stall. The ISPC model predicts this fre-
guency to be in the range of 22 percent to 46 percent of roto
speed for Compressor A. It should be noted that, due to the flov
distortion that is generated by the shaft whirl, the rotating stall
frequency varies slightly with the forced whirl frequency.

By the same token, the phase shift of the spool static pressut
distribution relative to the clearance distribution varies as a func-
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tion of the forced whirl frequency. The direction of induced whirFig. 9 B coefficient (a) and B0 coefficient (b) attributable to

the compressor rotor whirl effect as estimated by the ISPC
model

changes from forward whirl for negative frequencies to backward
whirl for forced whirl frequencies above 0.1 times rotor fre-

It is important to note that the spool pressure-induced whirling
force dampens the whirl tendency when backward whirl occurs
due to the net unbalanced tangential blade loading, that is, the
spool loading coefficien{Bg,,q increases when the whirl fre-
quency grows in the negative directideee Fig. 9. The whirl
speed at which th@ coefficient is most affected by whirl and the
angular speed of rotating stall are nearly equal. This suggests that,
in an engine where the rotordynamics and compressor aerodynam-
ics form one dynamic system, shaft whirl might interact and reso-
nate with flow instability patterns such as rotating stall.

In summary, the simulation results from the ISPC model for
actual forced rotor whirl suggest the following two important ef-

8
7t — - 2CAD Model
6} —— ISPC Model quency.
5.
2.l -
3% /
-
a |
41
-2 ; . \ )
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Fig. 8 Computed pB coefficient attributable to the compressor
spool pressure effect estimated by the ISPC and 2CAD models
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fects, which are present in actual rotor whirl but absent in our tests
simulating whirl with a static offset.

1 For low flow coefficientdi.e., those near stallshaft whirl
close to rotating stall frequency enhances backward whirl, which
implies a more negativg coefficient, as seen in Fig(®. At the
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other flow coefficients shown in Fig.(®, the additional contri- the results were mixed, with some compressors having strongly
butions to thep coefficient of actual rotor whirl are relatively negativeB and others having’s near zero or slightly positive. At
small and constant. lower-flow conditions, the8's were generally strongly negative.

2 As forced whirl frequency changes from synchronous back- 3 It was established that the effects of rotor tip clearance ex-
ward whirl (negative frequencies in Fig(l9) to synchronous for- plain only about one-half of the total value of tecoefficient. It
ward whirl (positive frequencies in Fig.(B)), the sign of the is necessary to recognize the influence of the flow leakage around
Bspool COEAficient changes from positive to negative. This impliethe stator-shroud seal-tooth clearance to understand and account
that the spool pressure effect dampens the whirling motion.  for the full effect.

An additional finding f ically defl d is th .4 The ISPC model gave additional insight into the effects of an
n additional finding for a statically deflected rotor Is the exisy ,a| forced rotor whirl, which were not modeled in the experi-

tence of a relatively small contributiorompared to the tota ot For low flow coefficientsi.e., those near stallshaft whirl

coefficieni originating from the action of asymmetric pressure|,se {6 rotating stall frequency enhances backward whirl, which
forcgs on the spool; this contribution tends to oppose that of thﬁplies a more negativg coefficient. At the other flow coeffi-
blading itself. cients the additional contributions of actual rotor whirl to {Be

i~ coefficient are relatively small and constant.
6 Capability of the Three Models 5 The modeling results are not definitive for the effect of non-

« The 2SPC methofb] gave predictions of the basjg coeffi- axisymmetric spool pressure distribution on fheoefficient. The
cient for both the unshrouded rotor and the shrouded stator dfPC model suggests that, for static shaft deflectighg,q is
the combined effect of the two that were accurate enough to juHite small at flow coefficients typical of the operating regime of
tify their use in design calculation where the effects of nonaxthis class of compressors. The 2CAD model suggests that the
symmetric static pressure distribution on the rotor spool and teect of nonaxisymmetric spool pressure distribution may be
effects of rotor whirl might not be important. The method is apmore significant than predicted by the ISPC model. For forced
plicable to any axial-flow compressor where an experimental defibaft whirl Bg,q4 is of comparable magnitude to tigecoefficient
nition of the stage characteristics at two levels of axisymmetrf€otor effect only. It opposes the effects of thg coefficient
clearance is available. for two cases: for negative whirl frequencies and low flow

« The ISPC metho(i7] provides a much better prediction thancoefficients and for positive whirl frequencies and high flow
the 2SPC method of the basiccoefficient due to rotor tip clear- coefficients.
ances. The ISPC method is not limited to evaluation of the effect6 The validated computational capability described above pro-
of rotor tip clearance. It can also be extended to analyze stator h{iles the general means to predict the aerodynamic destabilizing
clearance and seal leakage flow effects but the results were f§ges for axial-flow compressors in gas turbine engifsebject
available for this paper. The rotor force model is not limited to thé® the limitations that might result from the approximations im-
particular compressor model used here: any prediction of the coRdicit in the analytic models where the effects of compressibility
pressor flow fieldi.e., CFD analysis, experimental data, tan and variations in radius ratio were not addregs@tis capability
be used to predict the aerodynamically induced rotor forces. TR&Mits improved accuracy in predicting the rotordynamic insta-
ISPC method provides a means for estimating the effects of thisity thresholds for existing, derivative, and new turbomachinery
static pressure distribution on the rotor spool and of the effects @¢signs that will operate at higher speeds and higher energy-
rotor whirl and can be easily integrated in existing engine desigignsity levels in the future.
tools, particularly where the effects of nonaxisymmetric static
pressure distribution on the rotor spool and the effects of rotor
whirl may be important. References
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Rotating Instabilities in an Axial
Compressor Originating From the
Fluctuating Blade Tip Vortex

Rotating instabilities (RIs) have been observed in axial flow fans and centrifugal com-

R. Mailach pressors as well as in low-speed and high-speed axial compressors. They are responsible
for the excitation of high amplitude rotor blade vibrations and noise generation. This flow
I. Lehmann phenomenon moves relative to the rotor blades and causes periodic vortex separations at
the blade tips and an axial reversed flow through the tip clearance of the rotor blades.
K. Voqeler The paper describes experimental investigations of RIs in the Dresden Low-Speed Re-
o search Compressor (LSRC). The objective is to show that the fluctuation of the blade tip
Dresden University of Technology, vortex is responsible for the origination of this flow phenomenon. Ris have been found at
01062 Dresden, Germany operating points near the stability limit of the compressor with relatively large tip clear-

ance of the rotor blades. The application of time-resolving sensors in both fixed and
rotating frame of reference enables a detailed description of the circumferential structure
and the spatial development of this unsteady flow phenomenon, which is limited to the
blade tip region. Laser-Doppler-anemometry (LDA) within the rotor blade passages and
within the tip clearance as well as unsteady pressure measurements on the rotor blades
show the structure of the blade tip vortex. It will be shown that the periodical interaction
of the blade tip vortex of one blade with the flow at the adjacent blade is responsible for
the generation of a rotating structure with high mode orders, termed a rotating instability.
[DOI: 10.1115/1.1370160

1 Introduction fans. In high-pressure compressors RIs were investigated by
L L L S . E|§aumgartner et al.10] and Witte and Ziegenhage1].

Extensive investigations of. aerodynamlc instabilities in axial In pressure or velocity frequency spectra RIs are to be found as
COMPressors _have been _carrled out In the last years. The mg"gignificant amplitude increase within a frequency band below
objective of this research_ is to avoid critical flow conditions and 0 BPF, usually superimposed by peaks with constant frequency
extend the stable op.eratl.ng range of COMPressors. . spacing. This pattern is related to a group of consecutively num-

Th‘?fe are two major different _staII Inception patterns. The fir red modes. The frequencies of Rls are not harmonically related
one is a short length scale disturbance, which is known g$iha rotor frequency.

“spike.” It is a small rotating stall cell which is in its initial phase  The main parameters of RIs in axial machines vary over a wide
limited to the blade tip region of only one or a few blade passagesnge. Mode orders of Ris of about 1/3 up to the double rotor
It grows within a few rotor revolutions to a fully developed rotatyade number have been observed. Thus the circumferential wave-
ing stall cell. ) _ _ length of this disturbance is only about 0.5-3.0 times the rotor

The second pattern is the modal wave stall inception. In thigage pitch. The rotation velocity of Ris in different machines
case a long length scale wavelike disturbance rotates around {B@ies hetween 25 percent and 90 percent of rotor velocity.
annulus. Often it occurs only a short time before exceeding thepjajor influence parameters on the origination of Rls axial com-
stability limit. The breakdown of the flow field is initiated in apressors are the tip clearance of the rotor blades, the pressure
velocity minima of the modal wave. Camp and DE give a gjfference across the rotor blade row and the axial component of
detailed overview on the recent work on these two stall inceptiQ|ocity depending on the operating point.
patterns. o y S Marz et al.[9] presumed the periodical interaction of the blade

Another aerodynamic instability, which is quite different to thejp vortex with the tip flow of the neighboring blade to be the
phenomena described above, can be found already in the staBlgson for the origination of RIs. However, recent numerical in-
range of compressors. The disturbance can be described byeatigations of Hoying et a[12] and experiments of Inoue et al.
group of superimposed modes or a part-span stall with fluctuatipgs] showed the influence of the blade tip vortex on short length
cell numbers. This phenomenon is known as rotating instabiligtale disturbances and rotating stall inception.

(RI). It does not necessarily lead to full-span rotating stall incep- This paper describes experimental investigations of the flow
tion, but it is responsible for an intensification of the tip clearandgeld at the casing, on the rotor blades and within the rotor blade
noise and for the excitation of rotor blade vibrations. passages respectively the tip clearance. The objective is to show

The first description of this unsteady flow phenomenon is givetibw the blade tip vortex influences the origination of Rls.
by Mathioudakis and Breugelmaf]. They described a group of
rotating stall cells with different cell numbers in a single-stag2 Experimental Facility
axial compressor. Monged@] and Bent et al[4] found this in-
stability in centrifugal compressors. Mongeau and Quirah T
Kameier[6], Krane et al[7], Kameier and Neisg8], and Maz
et al.[9] observed this aerodynamic instability in different axia

The experiments have been carried out in the Dresden LSRC.
he compressor consists of four stages, which are preceded by an
inlet guide vane, Fig. 1. Detailed descriptions of the construction

f the compressor are given by Boos et[d4] Table 1 gives a
_ ) ) ) summary of the main design parameters.

Contnbuted by the I_nternatlonal GaslTurbme Institute and prggented at' the 45th|t was assumed that Rls are a local phenomenon, restricted to
International Gas Turbine and Aeroengine Congress and Exhibition, Munich, Gej- . . . .
Iﬂ"_le blade tip region of the rotor blade row. At the nominal tip

many, May 8-11, 2000. Manuscript received by the International Gas Turbine h .
stitue February 2000. Paper No. 2000-GT-506. Review Chair: D. Ballal. clearance ratios* =1.3 percent(tip clearance/chord length at
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Fig. 1 Sectional drawing of Dresden LSRC

blade tip it could not be observed. To induce it, the tip clearance
of the third stage was enlarged step by step from the nominal size
to 2.0 percent, 3.0 percent, and finally 4.3 percent. This stage was
chosen for the investigations because the behavior of it is typical
for a middle stage of a high-speed compressor. Detailed results of
conventional flow measurements were also available there.

Different measurement techniques were used to investigate the
flow field of the compressor. A 2D-LDA system was applied to
determine the axial and circumferential velocity components of
the flow field within the rotor blade passage. Measurements within
the tip clearance were only possible for a tip clearance ratio of 4.3
percent. The measuring volume was 0.06 ®06 mmnx0.63
mm.

For postprocessing the data were ensemble averaged. Time-
resolved results of these measurements are not available because
of a low tracer particle rate. Detailed descriptions of the LDA
system are given by Mier et al.[15].

Due to the large scale of the compressor, many time resolviﬁ
pressure sensors could be used.

Kulite LQ47 sensors were applied to acquire unsteady press
on the rotor blade surfaces, Fig. 2. They were mounted at b
pressure and suction sides of two adjacent rotor blades of the t
stage. By this arrangement correlations between the signals

Fig. 3 Configuration C1 of microphones at the casing

An array of microphones, distributed over the circumference at
nstant axial position, was installed to determine the expected
h mode orders of RIs, Fig. @onfiguration CL The micro-
uphiones were mounted at the casing wall at the leading edge posi-
dign of the rotor blades. An equal spacing of 1.5° enables the
Higfluisition of mode orders up to 120. The 30 available micro-
pgpenes allow to observe the pressure fluctuations over a 45° sec-

both sides of the blade as well as between different blades of the circumference simultaneously. To determine the mode

possible. The signals were transmitted via rotating amplifiers aRgl€rs one of the sensors always remained at a fixed position as a

slip rings into the stationary system. All signals were acquird§€rence, while the others were moved stepwise over the whole

simultaneously. circumference. . . . .
One-quarter-inch capacity microphonéslicrotech MK303) A second measuring configuration C2 consists of an array of

were used to measure the pressure fluctuations at the casing WafiroPhones, covering the area of one rotor blade passage at the
in two measuring configurations. casing at different axial and circumferential positions. They were

arranged in different traces following the rotor blade contour. This
configuration was used for determining the propagation velocity

) and direction of the perturbation in the fixed frame of reference.
Table 1 Design parameters of Dresden LSRC

Hub diameter 1260 mm 3 Influence of Tip Clearance and Operating Point on
Hub to tip ratio 0.84

Design speed 1000 rpm

Reynolds number at inlet of rotor, midspan 5.7.-10° First signs of Rls have been found at a tip clearance ratio of 3.0
Mach number at inlet of rotor, midspan 0.22 percent. At a larger tip clearance ratio of 4.3 percent it was fully
',\\"'S;Sbgf"’(‘)’f%%ersg?: dgg'”t 52-35 kg/s developed. It has been found at all investigated rotor spé&fiis
Chord length of rotor blades, midspan 110 mm Percent, 80 percent, and 100 percent design 9pd&d17. The '
Chord length of rotor blades, tip 116 mm results shown in this section are referred to the measurements with
Nominal tip clearance of rotor blades 1.5 mm the largest tip clearance and design speed only.
S?a"'d'tgrOgr{oltgro?'%‘:grs'b}g’des i 1-2’6550 The formation of Rls is limited to a narrow operating range
Nu,%%er of %tator blades P 83 near the stability limit. At design speed this includes the range of
Chord length of stator blades, midspan 89 mm dimensionless mass flow rates of abgut0.87—0.81, Fig. 4. At

the operating poing=0.87 a narrow band increase of the ampli-
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Fig. 4 Compressor characteristic for design speed tis]
Fig. 6 Propagation of RlIs in circumferential direction at the

. casing wall, axial position at the leading edge of the rotor
tudes in the frequency spectrum at about 30 percent of blade pasigdes, design speed, £=0.82

ing frequency(BPF) can be observed. Approaching the stability

limit by throttling the compressor, the RI shifts to slightly lower

frequencies while the amplitude of the perturbation grows. Figure

5 shows a typical frequency spectrum measured at the casing watbr blade pitches. Hence the mean mode order of RIs is about
for an operating point near the stability limit. The largest ampli30. This is nearly half the rotor blade numb@g). Strong fluc-
tudes of RIs can be found at a frequency of 265 Hz. This is 2Bations of the amplitude, frequency and wavelength of the distur-
percent of 1. BPF of rotor blades. Furthermore a modulation of bkance can be observed.

BPF and RI frequencies can be seen. Referred to the rotating-or an exact determination of the mode orders the microphones
system RIs can be detected within about the same frequenegre moved stepwise over the whole circumference. One sensor
range. always remains at a fixed position as a reference. In that way

At the same time two different modal wavéfast and second evenly distributed signals were achieved. The phase angle of the
ordel can be observed in the whole compressor. They are reppgoss power spectra of each sensor referring to the fixed reference
sented as discrete peaks at much lower frequencies than Reésisor permits the detailed evaluation of the mode order depend-
(about 1 percent of BPF respectively 50 percent of rotor fréag on the frequency. A detailed description of this method
guency. An interaction of these long-length disturbances with thend the results for different operating points are given by
short-length Rls could not be detected. Mailach[16,17].

Measurements on the rotor blades show that RIs are limited toAs an example Fig. 7 shows the mode orders for an operating
the blade tip region. Maximum amplitudes appear at the positiopsint at design speed near the stability limit. It complements Figs.
of the upper measuring traces at 92 percent of the blade height &wind 6, which show results for the same operating point. Figure 7
20-30 percent of chord length. The disturbance is more prisidicates that Rls can be described by a group of superimposed
nounced on the pressure sitRS than on the suction sidgsS. modes. This is the reason why RIs can be identified as an ampli-
At the casing highest amplitudes occurs at the same axial posititide increase in a frequency band. The mode orders of RIs rise
A second maximum can be observed in the axial gap downstreavith frequency; they are consecutively numbered. Mode orders of
the rotor blade row at the casing. about 10—40 can be attributed to the disturbance. The highest

The mode orders and the rotating velocity of Rls were dete&mplitude of RIs given for a mode order of 28. This agrees very
mined using the C1 configuration of microphones. Figure 6 showeell with the observations in the time domain, Fig. 6.
the pressure fluctuations at the casing over a 45° section of thel'he strong fluctuation of RIs shown above is the reason for the
circumference~8 rotor blade pitchesfor about one rotor revo- appearance of RIs as an amplitude increase in a frequency band in
lution. The signals were band-pass filteréfthite impulse re- the spectrum, Fig. 5. These fluctuations are averaged in the fre-
sponse filterto suppress higher frequency pa(far instance rotor quency spectrum over a certain time period.
wakes, low-frequency parts of the signélke modal wavesand Contrary to that modal waves or rotating stall are flow phenom-
stochastic disturbances. It can be seen that Rls propagate in r@ea with constant mode order respectively cell number. This is the
direction with 50—-60 percent of rotor velocity. The estimateteason for their appearance as a discrete peak in the spectrum,
mean wavelength in circumferential direction is only about tw&ig. 5.

307 modal waves 1. BPF 40 7
25 R < )
/ 35 dominating mode order of Rl
20
= 1. BPF+RI 30
g, 15 '/ -
N 10 - o 5 287
i WU J’M e 20
5 -
15
0 T 7
0 500 1000 1500 10 i ‘ ' '
150 200 250 300 350

f[Hz]

Fig. 5 Frequency spectrum at the casing, design speed,
£=0.82, s*=4.3 percent
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Fig. 7 Mode orders of RIs, design speed, &=0.82
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against rotor turning direction. Contrary to the propagation at the
casing wall respectively within the tip clearance the axial compo-
nent of RIs in the blade tip region is directed downstream.

Both in the blade tip region and at the casing wall the phase
difference between leading and trailing edge of the profile is about
180° for constant circumferential position. That means if at the
leading edge a pressure maximum appears at the trailing edge a
pressure minimum can be found, etc.

To use a consistent frame of reference the observations made in
the fixed frame at the casing wall have been transformed into the
rotating system. With respect to the relative frame the flow within

Fig. 8 Propagation of Rls at the casing wall and circumferen- the tip clearance of the rotor can be described by a reversed axial
tial pressure distribution at profile leading edge, t=const (fixed component and a counterrotating circumferential component of
frame of reference ) RIs. The periodical flow due to Rls in the blade tip region also

counterrotates, but propagates downstream. Thus a spiral propa-
gation of the rotating instability modes against the rotor direction
takes place, whereby the disturbance propagates like wavefronts,
Fig. 10.

4 Influence of the Rotor Blade Tip Vortex on the For-
mation of RIs

The flow field in the blade tip region of the rotor blades is
dominantly influenced by the blade tip vortex. While the blade tip
Fig. 9 Propagation of Rls in the blade tip region, t=const Vortex occurs at each rotor blade, these investigations show domi-
(relative frame of reference ) nating mode orders of Rls of only half the rotor blade, the
disturbance occurs at the same time at each other blade.

The tip vortex is induced by the pressure difference between PS

. . an f the rotor bl . The maximum vortex intensi n
Up to now only the circumferential distribution and propagatlo(%d SS of the rotor blades. The maximum vortex intensity can be

- - . . xpected in the region of the maximum pressure difference be-
of RIs was described. Using statistical evaluation metho P g P

Mailach [16,17] could show that Rls propagate in the blade tif c?aigdptsh:rns SS, Inoue et flg]. The rollup of the vortex can be

region and at the casing wall like wavefronts. The measurementSy o ain influence parameter on the blade tip vortex is the tip
8Fearance height. Other parameters are the thickness of casing
wall boundary layer, Reynolds number, Mach number, blade
r'ﬂﬁckness, blade loading, and speed.

ing, Fig. 8. This corresponds to the findings of Kamé®&rwho
showed reversed flow due to RIs with hot-wire measureme
within the tip clearance. Ma et al.[9] also confirm this, using
measuring data of an array of time-resolving pressure sensors a4.1 Nominal Tip Clearance, s*=1.3 percent. First evi-

the casing. dence on the location of the maximum tip vortex strength is given

As the dominating mode order is about half the rotor bladey the time-averaged pressure differences between positions at PS
number that means, the same process repeats simultaneouslynatSs of a rotor blade, Fig. 11. Measuring positions on a line at
every other blade. This is schematically shown in Fig+8and—  r* =92 percent were used for this. Only signals of sensors at com-
marks the pressure maxima and minima of Rls. parable chordwise positions will be compared.

The propagation direction in the blade tip region is determined The largest pressure difference between PS and SS at design
by correlating the signals of pressure transducers on PS and Sg@lht can be seen close to the leading edge of the blade. Ap-
two adjacent rotor blades, Fig. 9. With respect to the rotatingroaching the stability limit this difference grows. Thus the vortex
frame of reference the circumferential propagation takes plaggensity increases in this region, while it is decreases in the rear
part of the blade.

The results of the LDA measurements are in accordance with
these observations. For nominal tip clearance at design point Fig.
12 shows the distributions of the relative flow angle in a measur-
ing plane atr* =95 percent.

2500 -
2000 7 - near stability limit
"
£, 1500 -
8
2
& 1000 -
<
500
0 T T ]
[} 20 40 60 80
~—» forward flow in the blade tip region chord length [%]

----3 reversed flow at the casing wall
Fig. 11 Pressure difference between PS and SS of a rotor

Fig. 10 Propagation direction of RIs in the blade tip region, blade vs chord length, s*=1.3 percent, r*=92 percent, design
rotating system speed
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Fig. 12 Relative flow angle in the blade tip region of the rotor
blades, nominal tip clearance (s*=1.3 percent), r*=95
percent, design speed, design point  (£=1.0). Dashed line: ex-
pected vortex trajectory

chord length [%]

Fig. 14 Pressure difference between PS and SS of a rotor
blade vs chord length, s*=4.3 percent, r*=92 percent, design
speed

The relative flow angle distribution indicates a spiral blade tip

vortex. Three areas of large flow angles and two areas of sma|). . .
flow angles clearly illustrate this. These regions of local undef: ial reversed flow for design point. In the front part of the blades

and overturning show the intersection points of the vortex with taa zone of low axial velocity which means an underturning of the

. : R fow can be seen in the middle of the blade passage. The relative
ﬂn:)eszzgzgaglznr% giTOhne o?ﬁ?\lvv\?elcl)oc é%e(jslsge'?\xgg?] tsr?e()\?f)r:?f);[[a gw angle remains positive. The reversed flow region within the
the SS of one blade and the rear part of the PS of the adja%agclearance is limited to the rear part of the blades and extends

. : : the whole circumference. Minimum axial velocities and rela-
blade, Miuler et al. [15]. Extremely low axial velocity compo- . ' ;
nents are to be found in the regions of underturned flow. tive flow angles can be observed between the middle of the blade

; - .passage and the PS. This can be explained by the existence of a
If the flow rate is reduced the vortex is displaced upstream wi arge tip vortex. This corresponds to the observations of Inoue and

a slightly stronger inclination toward the circumferential d'recuog?uroumaru[w], who also observed the center of the reversed

Fig. 13. This coincides with the results of the experiments : . .
Saathoff and Starkl9] and the numerical investigations of Hoy- owregion away from the SS at a compara_lble tip clearance ratio.
In the measuring plane near the blade tips*at 92 percent a

ing et al.[12]. The reason for this is the reduced axial velocit locit is visible in th t of the blades t d
component. The distances between the intersection points ofiﬁ‘é’ Velocity are€a IS visibie in the rear part of the blades towards

vortex with the measuring plane are also clearly smaller. € PS, Fig. 16. This is caused by the reversed flow due to the tip
An interaction of the blade tip vortex and the flow along the pyortex which radially moves away from the casing. This results in

of the adjacent blade seems to be possible in the rear part of Blog:(agke of the .ﬂOW in the re?r part Offt['he rf(l)tor :)Iadez, Ii;]g Iigb
blade at both operating points. The only evident periodical infly-"'S P'0CKage région causes a turning ot the flow towards the hu

ence on the pressure difference between PS and SS can be af@ififl the SS of the blades. Near the SS an overturning of the flow
can be seen, Fig. 16.

uted to the stator wakesompare Fig. 20 for large tip clearance The reversed flow region within the tip clearance is shifted

4.2 Large Tip Clearance, s*=4.3percent. At design upstream when approaching the stability limit, Fig. 17. This is due
point the pressure difference between PS and SS is nearly constarthe reduced axial velocity component and the increase of the
along the chord, Fig. 14. Thus the time-averaged tip vortex intepressure difference between PS and SS at the leading edge. In
sity is not depending on the axial position. However, at an opepperating points near the stability limit the blade tip vortex can be
ating point near the stability limit again an increase of this driving
pressure difference at the leading edge can be observed, which
indicates that an increase of the vortex intensity can be expected.

The results of LDA measurements show significant changes in
the nature of the blade tip vortex for large tip clearance.

Already at design point in the measuring plane through the tip
clearance large regions of reversed flow can be observed. This
seems to be due to the rolling-up of the blade tip vortex. The
positive pressure gradient across the rotor blade row intensifies
this reversed flow in the plane inside the tip clearance.

Figure 15 shows this region with low axial velocity or even

w,, [m/s]

-10.0
200
30.0

Fig. 13 Relative flow angle in the blade tip region of the rotor Fig. 15 Axial component of velocity and relative flow angle
blades, nominal tip clearance (s*=1.3 percent), r*=95 Wwithin the rotor blade tip clearance, large tip clearance
percent, design speed, operating point near stability limit (s*=4.3 percent), r*=97.9 percent, design speed, design point
(£=0.85). Dashed line: expected vortex trajectory (é=1.0)
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Fig. 18 Axial component of velocity and relative flow angle in
the blade tip region of the rotor blades, large tip clearance
(s*=4.3 percent), r*=92.0 percent, design speed, operating
point near stability limit  (£=0.85)

Fig. 16 Axial component of velocity and relative flow angle in
the blade tip region of the rotor blades, large tip clearance
(s*=4.3 percent ), r*=92.0 percent, design speed, design point
(§=1.0)

enced by periodic fluctuations. These parts of the signal disappear
due to the averaging of the results explained above.

located in the front part of the blade, Fig. 18. A strong underturn- The time dependence of the blade tip vortex can be described
ing of the flow occurs near the leading edge within the bladéSing once more the data of the unsteady pressure measurements
passage. Thus an interaction of the tip vortex of one blade and fiféthe rotor blade surface. At design point, where no signs of RI
flow at the tip of the PS of the adjacent blade is likely. Accordinfave been found, the pressure difference between PS and SS is
to the shifted reversed flow region the area of low velocity in theirongly periodically influenced by the stator wakes, Fig. 20.
blade tip region also moves upstream. Minimum velocities can be/At an operating point near the stability limit a totally different
located in the middle of the blade passage at about 50 percenfgfiavior can be seen. In addition to the stator wakes another much
chord length. This low velocity region is restricted to about th&lfonger influence appears, Fig. 21. Especially in the tip region of
upper quarter of the blade height. the front part of the blade. strong pressure decreases can be seen
One should remind that the results of LDA measurements dfd short time periods. This seems to be caused by the reversed
ensemble-averaged. It will be shown that the flow field shown f&foW of the blade tip vortex through the tip clearance. These pres-
the operating point close to the stability limit is strongly influ-Suré drops, which are stronger at the PS, strongly diminishes the
pressure difference between PS and SS. For short moments the
pressure on the SS is larger than on the PS, which means that the
tip clearance flow is stopped or even a reversed flow trough the tip
clearance from the SS to the PS, Fig. 21. The strongest influence
can be observed at positions where also maximum amplitudes of
RIs have been found.
Contrary to the design point the reversed flow affects the flow
w,, [mis] in a region where the maximum pressure difference between PS
a2 and SSis to be found. Thus the consequences of the reversed flow
= of one blade tip vortex on the formation of the tip vortex of the
adjacent blade are much stronger.

/

S \W
\_’

1.

ax
Fig. 17 Axial component of velocity and relative flow angle NNNNNNNNNNNANN
within the rotor blade tip clearance, large tip clearance (s*
=4.3 percent), r*=97.9 percent, design speed, operating Fig. 19 Blockage in the blade tip region induced by the blade
point near stability limit  (£=0.85) tip vortex, large tip clearance (s*=4.3 percent)
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Fig. 20 Periodical influence of stator wakes on the pressure Fig. 22 Fluctuation of tip vortex along the blade chord, fre-
difference  between PS and SS of a rotor blade quency spectrum of the difference of the pressure differences
(s*=4.3percent), r*=92percent, 10 percent chord, design between PS and SS near the leading edge (10 percent chord )
speed, design point and the rear part (60 percent chord ) of a rotor blade,
r*=92percent), s*=4.3percent, design speed, operating
point near stability limit  (£=0.83)
The vortex intensity in the front part of the blade strongly fluc- t
1

tuates. As a result of this the location of the strongest vortex
intensity periodically moves along the blade chord. This can
clearly be seen in the time trace of the difference of the pressur
differences between PS and SS near the leading €dppercent
chord and in the rear part60 percent chordof the blade. A
frequency spectrum of this time trace is shown in Fig. 22. It shows
the periodical fluctuation of the maximum pressure difference be:
tween PS and SS along the blade chord, caused by the period
characteristic of the tip clearance flow. This can be seen as
hump in the spectrum, which agrees very well with the typical
pattern of Rls shown in Fig. 5. This periodical fluctuation along
the blade chord is also according to the results for the propagatio---- trajectory of blade tip vortex
of RIs in the blade tip region, Fig. 9. The discrete peak at 1383 Hz# axial reversed flow of blade tip vortex within tip clearance
in Fig. 22 shows ones more the periodical influence caused by thex flow direction of blade tip vortex in the blade tip region
stator wakes. = mean flow in the blade tip region

This fluctuation of the blade tip vortex presumably propagates
into circumferential directiofil7]. At the timet, a blade tip vor- Fig. 23 Time-dependent development of blade tip vortex, ro-
tex with strong intensity near the leading edge occurs at bladetating system
Fig. 23. The large reversed flow region of this vortex affects the
flow in the front region of the neighboring blade 2 at the titpe

At this time the pressure difference in this region of blade 2 gytex presumably leaves the passage and does not affect the flow
diminished and the maximum pressure difference is shifted dO_Wthimets at blade 3, which again produces a strong tip vortex, etc.
stream fo the rear part of the blade. However, the pressure differr5 the fluctuating blade tip vortices propagate in circumfer-
ence in this region is considerably smaller than at the leading edg&ia| direction against the rotor turning direction along the rotor

without the influence of the reversed flow. This means the blag@ade row (referred to the relative frameAt the same time a
tip vortex at timet, at blade 2 is weaker than that at tiheat

blade 1 and can be localized to the rear part of the blade. The

Te

4000 - -
stator wakes
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-2000 1 t t t t
-3000 - blockage due to reversed flow
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Fig. 21 Pressure difference between PS and SS of a rotor 2 axial reversed flow of blade tip vortex within tip clearance
blade, s*=4.3percent, r*=92 percent, design speed, operat- ~ flow direction of blade tp vortex in the blade tip region
ing point near stability limit  (£=0.83), sensors at nearly the = mean flow in the blade tip region
same axial position: 20 percent chord at PS, 30 percent chord
at SS Fig. 24 Blade tip vortices at different times, rotating system
Journal of Turbomachinery JULY 2001, Vol. 123 / 459

Downloaded 01 Jun 2010 to 128.113.26.88. Redistribution subject to ASME license or copyright; see http://www.asme.org/terms/Terms_Use.cfm



strong blade tip vortex can be found at every second blade, Fig. s* = dimensionless tip clearance
24. At this time the other blades can only develop a weak tip t = time
vortex. Thus the mode order of the disturbance is about half the y = rotor velocity
rotor blade number. This rotating structure in the blade tip region w = relative velocity
is the rotating instabilitfRIs) which was to be investigated. a = mode order

The propagation direction of the periodically reversed flow due g = relative flow angle(from circumferential direction
to the strong tip vortices fluctuates, Mailagh7]. This seems to ¢ = circumferential position
be the reason for the fluctuation of the circumferential wavelength 7 = total pressure ratio
of the disturbance respectively the excitation of different mode ¢ = mass flow/design mass flow
orders. The time-dependent fluctuations are averaged in the spec: . .
trum. This is the reason why RIs are spread over a certain f bbreviations
guency range in a spectrum. ax = axial

At design point and large tip clearance RlIs have not been foundBPF = blade passing frequency
because only the rear part of the blade is affected by the tip cle&1/C2 = measuring configurations
ance flow of the neighboring blade. Stronger fluctuations at meatDA laser doppler anemometry
suring positions on the PS near the trailing edge and the blade tifRC = Low Speed Research Compressor
give evidence for that. Because the pressure difference betweenPS = pressure side
PS and SS near the blade tip is relatively constant along the chord SS = suction side
the effect on the formation of the tip vortex seems to be small and RI = rotating instabilities
does not result in a rotating structure.
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blade row and the axial gaps upstream and downstream of it. Thgs] Mongeau, L., and Quinlan, D. A., 1992, “An Experimental Study of Broad-

largest pressure fluctuations of the disturbance could be observed band Noise SOUFICQS in Small Axial Fans,” International Symposium on Fan
. s : e Noise INCE, Senlis, France, Sept. 1-3, 1992.

at measuring p(_)SItIOI’]S next to the b'a‘_je tip within the area _Of th%s] Kameier, F., 1994, “Experimentelle Untersuchung zur Entstehung und Min-

largest blade thickness, whereby th_e dlsturban_ce onthe PS iS MOr€ derung des Blattspitzen-Wirbéllas ~ axialer ~ Strmungsmaschinen,”

pronounced than on the SS. The circumferential structure and the Fortschritt-Berichte VDI Reihe 7 Nr. 243 Beeldorf, Germany. N

spatial development of this nsteady flow phenomenon has beefd] 208, U & B0 & 10 S0 GRR B o o8l e er Annun

described. Rls comprlse a group of ,mo‘?'es of much hlgher Ord,er Meeting, Turbomachinery Noise Symposium, San Iérancisco.

than those of rotating stall. The dominating mode order of RIS iS[g] kameier, F., and Neise, W., 1997, “Experimental Study of Tip Clearance

nearly half the rotor blade number. The circumferential velocity is  Losses and Noise Generation in Axial Turbomachines and Their Reduction,”

50-60 percent of rotor velocity. ASME J. Turbomach.119, pp. 460-471.

s [9] Marz, J., Neuhaus, L., Neise, W., and Gui, X., 1998, “Circumferential Struc-
The results of LDA measurements within the rotor blade pas- ture of Rotating Instability under Variation of Flow Rate and Solidity,” VDI-
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. . . . . Einsatz, Oct. 6—7, Hannover, Germany.
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Discussion: “Rotating Instabilities in rise. The existence of flow close to the wall flowing in the reverse

direction over the rotor tips is a real effect and the first published

an Axial Compressor Originating example that | know was by KodH].
i One of the most confusing features of the paper, including its
F!’OIT'I the I,:,IUCtua_tmg Blade title, is the term “rotating instability,” which appears to have
Tlp Vortex (Mallach, R., Lehmann, been coined relatively recently by Kameig]. | am confident
that what has been investigated is fully develogee., steady
|., and Vogeler, K-’ 2001’ ASME rotating stall with multiple part-span cells. One of the features of
J. Turbomach.. 123. No. 3 rotating stall, whether it is part span or full span, is its stability;
! ! ! indeed sometimes it can be hard to get a compressor out of rotat-
Pp. 453—460) ing stall. A compressor operating in stall can be stable, but on

opening the throttle the compressor will become eventually be-
come unstable in the stalled condition and it will then change to

N. A. Cumpsty become unstalled. The use of the words “rotating instability” to
Rolls-Royce plc, P.O. Box 31, Derby DE24 8BJ, United denote “rotating stall” is unfortunate and its use can only lead to
Kingdom confusion where none is necessdlymay also be added that the

term itself is without meaning; it is applied to a nominally steady

Itis very welcome to see papers appearing with results obtainggbcess, yet the word “instability” implies that it is in the process
on the superb compressor facility in the Technical University aff change from one state to another.
Dresden. One feels confident that these have been obtained to thiehe paper refers back to the original work by Kameier, which
highest standards in a machine that models the flow in higivas performed on a single stage fan. Single-stage compressors
performance compressors. have a tendency to go into part-span, multicell stall; see [Bay

I am less happy about some aspects of the paper. | believe thatdesign speed the well-matched multistage machine tends to go
the phenomenon that is the basis of this paper, which the authpr® full-span stall with a very small number of stall cells, most
call “rotating instability,” is part-span rotating stall. This phe-often only a single cell, extending the whole length of the com-
nomenon is very common in high-speed multistage axial comprgsgessor. Only when the multistage machine is mismat¢hiher
sors in which the front stages quite normally go into a multicelbecause its speed is below design or because of geometric
part-scan rotating stall when the machine is operating at speefiéngesdoes a multicell, part-span stall occur.
below the design value. This phenomenon was described in some
detail in the famous NACA report “The Aerodynamic Design of
Axial Flow Compressors,” first published in 195pL]. The
present authors are quite mistaken to say that this unsteady flaﬁferences
phenomenon was first described by Mathiodakis and Breugelmanid] NACA, 1956, “The Aerodynamic Design of Axial Flow Compressors,”
in 1985[2]; indeed these authors referred to the phenomena the%/2 NACA TN 3662.

. . . ] Mathioudakis and Breugelmans, 1985.

saw as rotating stall, either small stall or big stall. [3] Silkowski, 1995.

The particular flow that the authors have investigated is thef4] koch, C. C., 1975.
mismatched stage in a multistage compressor. It seems probablg Kameier, 1994. ] ] ) o
to me that over a narrow range of flow coefficients their third [6] Day, I. J., 1976, “Axial Compressor Stall,” PhD Dissertation, University of

. . . K Cambridge, United Kingdom.

stage stalls, since the tip clearance for this stage is larger than the
others, but the other three stages maintain the whole machine
stable. What results is a part-span rotating stall in the third stage.
A very similar flow was investigated by SilkowskB], who in- o~ . . .
creased the tip clearance of the first stage, so for his tests it wWadosure to “Discussion of Rotatlng
the first stage that was entered into part-span rotating stall. Th iliti ; ;
are particular reasons why the stall of a single stage in a muITiﬁStabllltles in an Axial

rs}tage com[)lret§5()|r ils likely to tt)ae b(f)thtrﬂultiﬁellt?]nd part slg)an. E(\Zompressor Originating from the
aving a relatively large number of stall cells, there can be rap . . )
decay in the axial direction, which is necessary since the adjoinil%IUCtuatmg Blade Tlp Vortex (2000'

stages are unstalled. The part-span nature of the stall allows s@ér_506)” (2001’ ASME J.

axial flow through the blades that are stalled at the tip so that t
stages upstream and downstream can be unstalled at the sﬂenurbomach., 123, P. 461

circumferential position. This makes possible the close proximity

of stalled and unstalled stages at the same circumferential posi- .

tion. To be more definite about what was going on when operatiffigonrad Vogeler, Ronald Mailach, and

in the condition the authors refer to as “rotating instability,” ondngolf Lehmann

needs to see the raw dafiee., signals showing, as a function ofpresden University of Technology,

time, the wall stafic pressure signals, or the upstream and doWgit\te for Fluid Mechanics, 01062 Dresden, Germany

stream velocities The processing to give Figs. 5, 6, and 7 in the

paper necessarily gets rid of important information that might

clarify what the phenomenon. The authors thank Prof. Cumpsty for his critical comments.
The authors make a number of definite statements and condifter the discussion in MunictASME Turbo Expo 2009 it is

sions regarding the role of the tip vortex and its part in the “rodisappointing that a major part of this comment still focuses on

tating instability.” 1 would prefer that these were seen as highlthe chosen term “rotating instability(RI). It is understood that a

tentative hypotheses for the behavior, since they are based cmmmon term for a certain effect is needed in order to ensure

inference rather than direct observation. It is well known thafficient communication. This is the reason the authors used the

increasing rotor tip clearance increases the flow across the tip apgstioned term, as it was already in (8eoined”) by several

(beyond a very small minimum clearanaeduces pressure riseinvestigators to name the observed characteristic flow unsteadi-

and efficiency. It is less clear that the clearance flow forms reess.

well-defined vortex; what appears to matter most is the formationThe authors agree that there might be better names for this

of flow blockage, with the consequent reduction in static pressueéfect. They do not agree that the term “rotating instability” is

Journal of Turbomachinery Copyright © 2001 by ASME JULY 2001, Vol. 123 / 461
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Unsteady flow phenomena in the stable operating range
close tothe stability imit of axial compressors

long-lengthscale disturbance [ short-lengthscale disurbance |

* modal waves

single cell ] muliple cells |
* spike
stable configuration unstable configuration
(constant cel number) (fluctuating number of celk)
+“—»
* mulicell rotating stall * nteraction of tip dearance flow
(rotating instabilly, RI)

Fig. 1 Overview of the main unsteady flow phenomena in the stable operating range close to the
stability limit of axial compressors

totally wrong. They are still convinced that the physics of théntervals between consecutive passing cédlg., Day et al[1],
observed flow unsteadiness is different from the typical part-sp&ig. 14). In the frequency spectrum of this signal the disturbance
rotating stall caused by overloaded blades. is reflected by a discrete peak.

Figure 1 shows the classification of different flow effects that The multicell configurations are truly unstable if their numbers
can be observed close to the stability limit of a compressor. &nd size of cells are strongly fluctuating. The phenomenon ob-
addition to modal waves and spikes, multicell disturbances casarved in the Dresden LSRC has this unstable characteristic. The
appear. It is well known that part-span multicell disturbances oterm “rotating instability” was taken from an ongoing discussion
cur in the front stages of multistage compressors at speeds belovthe literature to avoid confusion with stable unsteady stall phe-
the design speed while the compressor works well. In multistagemena. To the knowledge of the authors, the first description of
low-speed compressors, this normally does not take place asthif unstable, unsteady behavior of a multicell disturbance is re-
stages are loaded nearly equally. In this case, multicell distyerted by Mathioudakis and Breugelmal8 in a single-stage
bances can be found only in mismatched stages. This could becenpressor. However, at that time they used another term for it
single mis-staggered blade row or a single blade row with largéfsmall rotating stall”’). Unstable behavior in multistage compres-
tip clearance. Increasing the tip clearance of one rotor blade r@ars is also reported by Longley and Hyrdd, who used the
was our way to excite a part-span multicell disturbance in theame “rough running” and Baumgartner et ], who termed it
four-stage low-speed research compressor of DregBeesden ‘“‘rotating instability.”

LSRO). The reason for this was the assumption that the observedProfessor Cumpsty claims that information is lost due to the
unsteady characteristic of the RI has its driving force in the phypestprocessing used. The authors do not believe that this is the
ics of the tip vortex. case. Figure 2 shows raw data from a sensor positioned close to

Nevertheless, the authors propose to distinguish between stahle tip. Very strong nonperiodic fluctuations of the pressure sig-
and unstable multicell configurations. Although this classificationals due to RI occur. Some periodicity can be observed but is not
cannot be found in the literature, it is thought to be necessadpminating. This is where the observed flow shows its unstable
because of the different behavior of the cells and presumably difehavior.
ferent origination mechanisms of the disturbances. Much additional information can be obtained when the analysis

A stable configuration is characterized by a constant numbef the raw signals is coupled with filtering of the time-dependent
and a nearly constant size of the rotating cells. This stable mulsignals and statistical evaluation methods like autopower and
cell configuration is commonly known as multicell rotating stallcross-power spectra. This allows us to isolate the information on
It was reported by Day et dl1] and Inoue et al.2]. In a pressure the disturbance in which we are interested from the influence of
or velocity signal versus time, one can observe nearly equal timake passages and from other disturbances like modal waves.

The time-dependent fluctuations of the amplitudes, frequency,
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g &8 & 8
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Fig. 2 Signal of a pressure sensor on a rotor blade, sensor
near blade tip (92 percent of channel height ) and leading edge Fig. 3 Frequency spectrum with typical sign of a single-cell

(-]

(10 percent of chord length ), operating point near stability limit full-span rotating stall in Dresden LSRC ~ (measured at the cas-
(design speed, £=0.82), tip clearance ratio s*=4.3 percent ing)
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and wavelength of the disturbance can clearly be seen in Fig. 6 oBoth for the stable multicell configuratiofinoue et al.[2])
the paper. These signals are bandpass-filtered to get rid of #mel—as shown in this paper—for the unstable multicell configu-
influence of modal waves and passing wakes. ration, the tip clearance flow is responsible for the resulting dis-
The time-averaged results of the statistical evaluation methogsbance. As shown in this paper, the axial reversed flow only
confirm the unstable behavior. It can be seen that many frequemcurs within the tip clearance and causes a reduction or a block-
cies as well as mode ordefsespectively cell numbeysof the age of the incoming flow in the blade tip region. It is the opinion
disturbance are presefftigs. 5 and 7 in the paperThis typical of the authors that this is definitely not a classical stall, even if we
behavior was also shown by other auth¢esy., Kameier[6]). observe reversed flow within the tip clearance with influence into
Contrary to that a stable single-cell or multicell rotating stall, withhe outer blade passage.
its stable number of cells and constant circumferential velocity, It is agreed by the authors that the term “rotating instabilities”
would be recognized by a dominating discrete peak and possilelyuld be substituted by a more precise one. We did agree on that
its harmonics in the frequency spectryfig. 3. already in Munich. But considering the above said, it is definitely
From Fig. 7 of the discussed paper it follows, that the wavewt wrong. However, in order to avoid confusion with stalled
length, that is, the distance between adjacent cells, varies from blades due to separated flow on the profiles, one can discuss
to 5.0 pitches of the rotor blad€63 rotor blades (In the model whether the expression “stall” should be used in the eventually
presented in Fig. 24 in the paper only the dominating wavelengtiproved term at all. In the opinion of the authors a term like
of 2.0 pitches is considergdHence the disturbance is far from“propagating tip vortex instability”(“rotating tip vortex instabil-
being stable. It is not a frozen rotating pattern but changes perng;” “interaction of tip clearance flow’ . . . ) would be more suit-
nently. Because of this, the term “rotating instability” is absoaple, since it applies more specifically to the physical mechanism

lutely correct for this disturbance. However, Prof. Cumpsty igf the disturbance, described in the discussed paper.
correct in this point, the compressor unit is running stable.

Additional remark: The strong fluctuations of the disturbance,
which were investigated in the third stage of the Dresden LSRC,
are not caused by the passing blade wakes and the high turbulence
of the flow. This is shown in the recent investigations of MailaciReferences
et al.[7] in a plane cascade. Even in a plane cascade, this disturf4] Day, I. J., Breuer, T., Escuret, J., Cherett, M., and Wilson, A., 1999, “Stall
bance propagates along the tip region of the blade row. In spite of Inception and the Prospects for Active Control in Four High-Speed Compres-
the low turbulence intensity of the incoming flow and without , 7' ASME J. Turbomach121, pp. 18-27. . .

. . noue, M., Kuroumaru, M., Tanino, T., and Furukawa, M., 2000, “Propagation
passing wakes, the wavelength of the short-length-scale d|StU|I' of Multiple Short Length-Scale Stall Cells in an Axial Compressor Rotor,”
bance is strongly fluctuating. Of course we cannot talk about a ASME J. Turbomach.122, pp. 45-53.

“rotating” instability in the plane cascade anymore. But the [3] Mathioudakis, K., and Breugelmans, F. A. E., 1985, “Development of Small

mechanism of the disturbance, which propagates along a blade 2Rzo;at|ng Stall in a Single Stage Axial Compressor,” ASME Paper No. 85-GT-

rOW-_ is the _Same- ) ) [4] Longley, J. P., and Hynes, T. P., 1990, “Stability of Flow Through Multistage
It is the tip clearance flow that is responsible for the character-  Axial Compressors,” ASME J. Turbomachi12, pp. 126-132.

istic of this kind of disturbance. There is no doubt that it results in[5] gaélmgsrtger,v!\g-, tI_<am_eler,Hl?.,hagd Hourmcounadls, J.,”1P995, ‘il\zl?hn-IEPglne
H H rder blade Vibration in a Rig ressure Compressor, roc. nterna-

a strong tip vortex. This can Cle.arly. be seen from t.he results of tional Symposium on Airbreathing Engines, Sept. 10-15, Melbourne, Austra-

LDA measurements for the design tip clearance ratio of 1.3 per- s

cent(Figs. 12 and 13 in the paperAs shown in the discussed [6] Kameier, F., 1994, “Experimentelle Untersuchung zur Entstehung und Min-

paper, for larger tip clearance ratios, the tip vortex fluctuates derung des Blattspitzen-Wirbeltas axialer ~Strmungsmaschinen,”

_ f : : _ Fortschritt-Berichte VDI Reihe 7 No. 243, Bseldorf, Germany.
strongly. Due to the ensemble-averaging, its structure is less pI’0[7] Mailach, R., Sauer, H., and Vogeler, K., 2001, “The Periodical Interaction of

nounced in the results of the LDA measuremdmigs- 15-18in the Tip Clearance Flow in the Blade Rows of Axial Compressors,” ASME
the paper. Paper No. 2001-GT-0299.
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Tip Clearance Actuation With
s smovene | MAONELIC Bearings for
o ea | High-Speed Compressor Stall
T 111 (1]

Department of Aeronautics and Astronautics,
Massachusetts Institute of Technology,

Cambridge, MA 02139 Magnetic bearings are widely used as active suspension devices in rotating machinery,

mainly for active vibration control purposes. The concept of active tip-clearance control
suggests a new application of magnetic bearings as servo-actuators to stabilize rotating

R. Larsonneur stall in axial compressors. This paper presents a first-of-a-kind feasibility study of an
' active stall control experiment with a magnetic bearing servo-actuator in the NASA Glenn
A. Traxler high-speed single-stage compressor test facility. Together with CFD and experimental

data a two-dimensional, incompressible compressor stability model was used in a sto-
chastic estimation and control analysis to determine the required magnetic bearing per-
formance for compressor stall control. The resulting requirements introduced new chal-
lenges to the magnetic bearing actuator design. A magnetic bearing servo-actuator was
designed that fulfilled the performance specifications. Control laws were then developed
to stabilize the compressor shaft. In a second control loop, a constant gain controller was
M. M. Bright implemented to stabilize rotating_stall. A detailed closeq loop sim_ulation at 100 percent
NASA Glenn Research Center corrected design speed res_ulted_ln a 2.3 percent reduction of ste_llhng mass flow, which is
Cleveland. OH 44135’ comparable to results obtamgd in the same compressor by Wel.gl et al. (.1998. ASME J.
' Turbomach.120, 625-636) using unsteady air injection. The design and simulation re-
sults presented here establish the viability of magnetic bearings for stall control in aero-
engine high-speed compressors. Furthermore, the paper outlines a general design proce-
dure to develop magnetic bearing servo-actuators for high-speed turbomachinery.
[DOI: 10.1115/1.1370163

MECOS Traxler AG,
Winterthur, CH 8404,
Switzerland

1 Introduction metries. The work presented here uses a modified version of this

. . compressor model and introduces the concept of tip-clearance ac-
The stable operation of axial flow compressors, as they Ation for compressor stall control

encountered in modem jet engines and gas turbines, is often limyagnetic bearings are widely used as active suspension devices
ited by two flow breakdown processes known as surge and rotgi-rotating machinery, mainly for active vibration control pur-
ing stall. Surge is a circumferentially uniform pulsation of thoses. The concept of active tip-clearance control suggests a new
mass flow through the machine, while rotating stall appears aspplication of magnetic bearings as servo-actuators to stabilize
reduced flow region in part of the circumference, which travekotating stall in axial compressors. The magnetic bearing servo-
around the compressor annulus at a fraction of rotor speed. ActR@uator is used tactivelywhirl the shaft, inducing an unsteady
control of rotating stall was first proposed by Epstein ef Hland variation of the rotor blade tip-clearance distribution as shown in
since then a significant amount of further research has been do'ﬁ'@l; = I .
In particular, theoretical and experimental investigations have his paper presents a fea5|b|I|_ty study and the design of a stall
. gontrol experiment on a transonic compressor stage. The follow-

been conducted at the NASA Glenn Research Center on a Singly research questions are of interest and are addressed in this
stage transonic core compressor inlet stage. Active stabilization, per.
rotating stall and surge using unsteady air injection was first pre-
sented by Weigl et al[2] in the NASA high-speed stage. The
experiments showed a significant benefit in stable operating range.

Blade tip clearance in axial flow compressors is known to have y
a strong impact on compressor performance and stability; it also
plays a major role in the interaction between rotordynamic shaft
deflections and the aerodynamic behavior of the compressor. Graf
et al. [3] report an experimental and analytical investigation of
circumferentially nonuniform tip-clearance effects on axial com-
pressor stability and performance. The study reveals that the com-

pressor prestall dynamics are very sensitive to the blade tip clear- X
ance. Based on this conceptual framework Gorpnextended
this approach to analyze the influence of rotating clearance asym- Unsteady
Blade Tip- )
Clearance Casing
Contributed by the International Gas Turbine Institute and presented at the 45th
Internataional Gas Turbine and Aeroengine Congress and Exhibition, Munich, Ger-
many, May 8-11, 2000. Manuscript received by the International Gas Turbine Insti-
tute February 2000. Paper No. 2000-GT-528. Review Chair: D. Ballal. Fig. 1 Active tip-clearance stall control concept
464 / Vol. 123, JULY 2001 Copyright © 2001 by ASME Transactions of the ASME
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Fig. 2 Design process for an axial compressor magnetic bear- facility

ing system

« How does a magnetic bearing servo-actuator for stall contr§€@r the motor drive couplings well as a fluid film thrust bear-
differ from conventional magnetic levitation devices? ing on the motor coupling side. A schematic of the test section

« How much control authority and shaft motion is required t&"d the compressor shaft is shown in Fig. 3.~
stabilize rotating stall? In this specific case it is desired to limit modifications to the

« How beneficial is tip-clearance actuation compared to u§OMPressor test rig as much as possible. The rear quid' filmjourr]al
steady air injection and other actuation schemes? and thrust bearings must be kept the same to mate with the exist-

What analytical process has to be conducted in order to 489 motor drive train. Th_e front _fluid film journal bearir_lg is to be
sign a stall control experiment with magnetic bearings? ~ rePlaced by the magnetic bearing servo-actuator. Fail-safe opera-
tion of the magnetic bearing is compulsory and a special catcher

The organization of the paper is briefly outlined to guide thbearing system is to be designed. Also the compressor gas path
reader through the design process. The general sequence of stepst remain the same to yield an unchanged aerodynamic com-
involved in the analysis and design of an axial compressor magressor performance.
netic bearing system is depicted in Fig. 2. First, in Sec. 2, the axial
flow compressor specifications and the test facility envelope are
discussed. Then in Sec. 3 an unsteady compressor tip-clearaBcePreliminary Analysis

model and a simple, first-cut rotordynamic model of the compres- e effect of tip-clearance asymmetries due to shaft deflections
sor system are implemented in a preliminary analysis to determigg compressor performance and stability is addressed next. The
the control authority and the design requirements, which are disyiective of the preliminary analysis is to determine the magnetic
cussed in Sec. 4. The detailed design of the magnetic bearigy ing force bandwidth and the stall control authority required to
servo-actuator and rotor system is outlined in Sec. 5, and the figghquct rotating stall control with tip-clearance actuation. The
closed loop system simulation results are presented in Sec. 6. gpecific question is: how much shaft motion and magnetic bearing
_The above design process is implemented in an example angfyce s required to stabilize rotating stall? To answer this question
sis for the NASA Glenn high-speed single-stage axial flow comy gimpjified rotordynamic design analysis and a unique stochastic
pressor and results specific to this compressor are reported in {i$mation and control analysis are conducted.
paper.

3.1 Simplified Rotordynamic Design and Analysis. A
. . I preliminary design of the magnetic bearing rotor is suggested in
2 Axial Compressor Rig Specifications Fig. 4. The solid shaft in Fig. 3 is replaced by a hollow shaft
The NASA Stage 37 test compressor, originally designed as emtluding the magnetic bearing rotor laminations. The shaft is
inlet stage of an eight-stage 20:1 pressure ratio core compressimned at the reafjournal and thrust fluid film bearingsand
[5], has a total pressure ratio of 2.05, a mass flow of 20.2 kg/scaupled to the motor drive train. Typical catcher bearing designs
rotor tip speed of 454 m/s, and a rotation frequency of 286 Hz db not contact the shaft during magnetic bearing suspension.
design conditions. Rotor 37 consists of 36 blades with an aspéttwever for the proposed stall experiments in the NASA high-
ratio of 1.19, a hub-to-tip radius ratio of 0.7, and a blade tippeed test facility, a fail-safe suspension system is mandatory. In
diameter of approximately 50 cm. The mean-line rotor chorgdarticular, the compressor blades must be protected from possible
length is 56 mm. Detailed performance descriptions are given bjade-tip rubs; destructive impacts must also be avoided in the
Reid and Moorg6]. case of a loss of magnetic levitation. A possible failsafe solution is
Atmospheric air is drawn into the test facility through an orificéo use a spring loaded catcher bearing that is always in contact
plate and a plenum chamber upstream of the test section. Dowvith the shaft. This is the approach adopted for the design
stream of the compressor the flow is regulated with a sleeve-typealysis.
throttle valve and the compressor shaft is coupled over a driveln the general case of free-free magnetic suspension a simple,
train to a 2.2 MW DC drive motor. The shaft setup of the testingle lumped mass analysis is sufficient to obtain a first-cut esti-
compressor is an overhung rotor with radial fluid film bearings amate of the required magnetic force. Since in this magnetic bear-
the front(near the rotor diskand at the back of the compressoiling application shaft motion is constrained at both eisisft
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Fig. 5 Preliminary open loop rotor model eigenvalues and

shaft 3.5 shaft 4.5 mode shapes
ISFD Catcher Bearing System Journal and Thrust Bearings  eigenvectors. The forward whirling modes are marked with pluses
and the bearing location®odes 2, 6, and 7 in Fig.)4re indi-
Fig. 4 Preliminary magnetic bearing compressor rotor and cated by the dotted lines. The preliminary hollow shaft design
corresponding lumped parameter model yields two conical modes, denoted as the first and second rigid

body modes, which rotate at 0.16 and 0.7 times the rotor fre-
quency, and two flexural modes. The rotation rates of the flexural

. . modes are well above the operating range but note that the first
spring loaded catcher bearing support at the front and convepsyral mode is less damped than the second rigid body mode.
tional fluid film bearings at the repthe rotordynamic analysis  Tpjg preliminary shaft setup conforms well with the design is-
needs to be more detailed. ) ) ) _sues for active tip-clearance control. The magnetic bearing rotor is

Therefore in this preliminary design analysis a simple, diregfyiq with a dominant conical rigid body mode at a natural fre-
stiffness lumped parameter methgdescribed in[7]) is con- quency of 0.16 times rotor frequency. The low rotation rate of this
ducted. The rotor model consists of thin rigid disk elemenigst rigid body mode is due to the softly supported catcher bearing
(lumped massezonnected either by massless flexible beam elgystem(ISFD). None of the open loop rotordynamic modes are in
ments or by flexible uniform shaft elemeritfistributed massas e vicinity of flow field resonances such as rotating stall, which
depicted in Fig. 4. The overall mass of the shaft is 128.5 kg. Eagly this compressor rotates at 0.4 times the rotor frequency. This is
disk element has four degrees of freedom: two displacement di-crycial constraint on the rotordynamic design to avoid direct
rections normal to the axis of rotation and small angle rotatioRgeraction between the compressor prestall dynamics and the
about the spin axigprecession and nutatipnAxial motion is  sryctural dynamics. Note that the suggested magnetic bearing ro-
neglected but the fluid film thrust bearing constrains the shaft {g, yields supercritical operation with respect to the rigid body
angular deflections at the rear and is modeled as an angular spriftes.
and an angular damper. The rear journal bearing and the soff, grder to obtain an estimate of the required foficeroduced
spring loaded catcher bearing are modeled as spring and dampeiine magnetic bearingor a certain blade tip deflection, the
elements. For a closed loop a_mal);snlse magnetic bearing force open |oop transfer function from magnetic bearing force input to
can be introduced at node points 3 and 4. ) blade tip deflection is computed and shown in Fig. 6. However,

The catcher bearing system for this nonstandard high-speed gps necessary blade tip deflection for rotating stall control still

plication is suggested to consist of a fluid film journal bearingeeds to be determined. This is the key analysis in the preliminary
embedded in a soft spring loaded support. This allows for shgfésign process and is discussed next.

deflections but still yields a hard stop in case of an emergency. To
ensure safe transient operation without large vibrations when criti-3.2  Analysis of Tip-Clearance Control Authority. In or-
cal frequencies are crossed during an emergency shut dowar to determine the effective shaft motitre., blade tip deflec-
damping must be added in parallel to the soft spring loaded suj$n) for rotating stall control the closed loop system depicted in
port. One possible, compact solution is an integral squeeze fifng. 7 is considered. The compressor prestall dynamics are de-
damper(ISFD) setup as reported by Santiago et[8l. ISFD’s are noted by the transfer functioB(s). The outputs ofG(s) are the
comprised of arcuate squeeze film pads rendering viscoelagifestall pressure perturbations sensed upstream of thedpfoy,
support and wire-electrical discharge machined webs acting likevhich are fed back to the rotating stall feedback contrdfi¢s).
squirrel cage. The controller outputs are the actuator commanadgt), which
The open loop whirl speeds, natural frequencies and mogége modified by the magnetic bearing servo-actuator dynamics
shapes are obtained from an eigenvalue problem resulting fréwwg(S) to yield the actual shaft position and the corresponding
the equations of motion. Assuming that the rotor is spinning &p-clearance distributiorSe(t). The open loop stable magnetic
design spee®86 H2 the first four eigenvalues are plotted in Fig.bearing servo-actuator dynamiég,s(s) consist of the shaft ro-
5 and the mode shapes are reconstructed from the correspondiigynamics and the magnetic bearing servo control loop. The
inputs to the compressor prestall transfer funct®fs) are the
INote that the rotor system is open loop stable and that the magnetic bearindiR-clearance distributiode(t) and background noise modeled by
primarily used as a servo-actuator. unsteady velocity fluctuation®w(t). The actuator dynamics
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1 steady in the absolute framean be prescribed. In a first step the
= steady, fully nonlinear flow field equations are solved in the asym-
E 162 metry frame to obtain the nonuniform background fIf8y. In a
= second step a linearized version of the model equations is solved
c to obtain the behavior of unsteady, small amplitude perturbations
3 10 to the known steady state nonuniform flow field. Assigning con-

trol inputs and outputs to the model and identifying states in the
; R R R R . ; resulting dynamic equations yields a state-space formulation of
0.01 . the compressor modéd].

The compressor model by Gordph] was modified to include
unsteady air injection in addition to tip-clearance actuation. Air
injection was used in stall control experiments by Weigl ef 2.
in the same compressor. This modified compressor model will be

o " : :
§ ST | fedendodidb bl F useful to match the modeled compressor dynamics to the experi-
o : iV mental data by Weigl et al2] and to verify the control authority
- analysis in a test case for jet injection.
o1 i The inputs to the model are the compressor geometry, an axi-

Y — o7 ] i ”:;0 symmetric tip clearance compressor characteristic, and the sensi-
) : tivity of the compressor characteristic to changes in axisymmetric
Frequency / Rotor Frequency tip clearance. These inputs were based on CFD calculations of the
NASA Stage 37 compressor performance. BR8ASA blade pas-
Fig. 6 Transfer function from magnetic bearing force input [N] sage code by Adamczyk et dl11] was used to calculate the
to blade tip deflection  [um] three-dimensional, viscous flow through the stage for different
levels of axisymmetric tip clearance. In addition, the modeled
compressor dynamics were compared to the experimentally ob-
Apg(s) and the compressor tip-clearance transfer func@s) tained system identification results by Weigl et[@]. The dy-
form the plantP(s), which will be considered in the rotating stallnamic model parameters, i.e., loss time lags and system reduced
control law design process. Note that this feedback control systéfsquency, were adjusted to match the open loop and closed loop
is a regulator system since the error signak(t) is composed compression system poles to the measured eigenvalues. This gives

only of the sensed pressure perturbations. The purpose of #ifidence in using the tip-clearance actuated compressor model
regulator is to drive the pressure perturbations to zero, even if thigihe stochastic estimation analysis.

plant is unstable.

The objective of this analysis is to determine the required Stochastic Estimation of Closed Loop Shaft Motioithe sys-
closed loop shaft motiode(t) to stabilize rotating stall. Since the tem input noisesw(t) is modeled as white noise of intensity,
feedback system is highly resonant and in a noisy environmemthich is determined by comparing the spectrdm,(w) of the
the compressor dynamics must be included in the analysis.sBnsed prestall pressure perturbatidip{t) obtained from the
stochastic estimation approach is then applied. experiment2] to the spectrum of the open loop model transfer

Compressor Dynamics With Tip-Clearance Effecto inves- function G(j w):

tigate the effect of blade tip deflection on compressor stability, the P (@) =G(jw)GT(jw)W. 1
compressor prestall dynami€{s) need to be modeled. Based o
the conceptual framework developed by Hynes and Grej&er
Graf et al.[3], and Gordon4] (see Sec. Jla two-dimensional,
incompressible, state-space compressor model actuated by r
tip clearance was created. The derivation of the compressor mo
equationgsee[4]) is omitted here and a short model description i
given instead.

The overall modeling approadhO] consists of incompressible
models of the inlet and exit ducts, the blade rows, the downstream
plenum, and the throttle. The hub-to-tip ratio is assumed high so
that the model is two-dimensional with axial and circumferentic" Experiment Model
unsteady flow field variations. The rotor and stator blade rows &

nThe white noise intensityV is adjusted to match both the peak
and the RMS values of the measured and modeled spectra for a
pressor operating point that is close to stall. This is shown in
lep 8. Note that the compression system is highly resonant and
xhibits a sharp peak in the spectrum at a frequency of about 0.4
imes the rotor frequency. This resonance of the flow field corre-
sponds to a rotating stall precursor.

modeled as semiactuator disks with unsteady inertia, unsteady ' ' i 02 ' | '
viation, and loss terms. The model assumes that the backgrot L
flow is steady in the reference frame locked to thaating tip- é& S
clearance asymmetry so that any tip-clearance distribuiion g~ %17 i o o
B
P(s) > %2 03 04 05 06 %2 o5 o4 05 06
/A A ) frequ. / rotor frequ. frequ. / rotor frequ.
de o de ; X103
K(S) et AMB(S) > ; - 4 ) w 8p
- ! G(s) 5 a
; > i | oP <0 — G(s) —
S USSR d -4 w
) ] 0.1 0.2 0.3
r time {s]
dw
Fig. 8 Spectral analysis of open loop prestall pressure pertur-
Fig. 7 Closed loop magnetic bearing compressor system for bations (experiment by Weigl et al. [2]) and of open loop com-
stall control pressor model
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A closed loop analysis is conducted next. The circumferentially 0=AS,+ EXAI+ BcWBI , 3)
sensed pressure perturbations are decomposed into circumferential . . o . ) .
spatial Fourier harmonics. The prestall mode with first-harmonhereW is the white noise intensity matrix. The output covari-
circumferential structure is linearly controllable with tip-clearanc@nce and the RMS ofe(t) then yield
actuation(if the rotor is offset from its casing a first-harmonic _ _ [~~N T
tip-clearance distribution is inducednd all other harmonics are RMS(d¢) = \/E_‘_ Ce2Ce- )
linearly uncontrollable. To simplify the analysis only first- This procedure is applicable to any actuation scheme and is
harmonic linear control with tip-clearance actuation is considerétplemented in a test case for unsteady air injection. The esti-
here. Additional unsteady injection is implemented in this case tated RMS of injector valve motion of 0.14%+0.009 compares
stabilize the zeroth-harmonisurgelike mode. In general nonlin- well to the RMS of the measured actual valve motion of 0.121 in
ear control laws can be used to stabilize the zeroth- and secotite NASA Glenn stall control experiment, where the valve com-
harmonic modes with tip-clearance actuation as discussgi®]n  mand ranges from (valve half opeinto 1 (valve fully open. This
Such control schemes, however, will yield further bandwidth argives confidence in using the presented technique to estimate the
magnetic force requirements. effective shaft motion for tip-clearance actuation. The analysis

A simple constant gain control strategy is implemented fgoredicts
K(s) to stabilize the compressor dynamics. The idea behind con-
st;n)t gain control is aspfollows. ¥I'he sensed spatial harmonic RMS(J€) =207.5£5.0 um.
waves of the pressure perturbatiofis(t) are rotated by an opti- The indicated uncertainty in the prediction is due to the uncer-
mized angle and multiplied by a constant gain to form the spatialinty in the data matched white noise intendity
harmonics of the control signal. The commanded shaft positionThe constant gain control law commands shaft whirl at a fre-
oc(t) is modified by the magnetic bearing servo-actuator dynamuency of 0.4 times the rotor frequency. This corresponds to the
ics Ayg(s) to yield the effective shaft position and tip-clearanceotation rate of the first-harmonic rotating stall precursor. To guar-
distribution de(t). In this analysis a simple Pl-lead network isantee a robust magnetic bearing design the required force band-
used in the inner servo control loop of the magnetic bearing agidth is determined for a shaft displacement of 2&® for fre-
tuator. The constant gain stall controller was tuned to stabilize tgaencies up to 0.5 times rotor frequency. Using Fig. 6 the required
zeroth-harmonic mode with unsteady air injection and the firstaagnetic bearing force yields 25 kN for frequencies up to 0.5
harmonic mode with tip-clearance actuation. The mass flodmes rotor frequencyl43 H2. This high load capacity is due to
through the compressor is gradually decreased in the simulatipie large mass of the shdft28.5 kg, the high whirl speed143
until the second-harmonic mode becomes unstable. This is shoMr) and radiug250 um), and the rotordynamic constraints of the
in Fig. 9. Note that it is this mode that determines the overahaft at the front engcatcher bearingand at the rear en@notor
compressor stability and the compressor operating range. drive coupling. Analyzing a typical five-axis magnetic bearing

Defining the state-space matric&s, B., andC, the time in- would result in different requirements, but could use the exact
variant closed loop system in Fig. 7 is cast into state-space forprocedure described here.

X(t)=Ac-X(t)+ B dw(t),
(2) 4 Design Requirements

Se(t)=Cq-x(1), _ : . .

The magnetic bearing servo-actuator design requirements from
where the same system input noiée(t) of intensity W is as- the preliminary analysis are summarized here. The concept of
sumed during stall control. The system output of interegiel®).  rotating stall control with tip-clearance actuation requires a mag-
The RMS ofeffectiveshaft motion, which is required to stabilizenetic bearing servo-actuator design with state of the art perfor-
the compression system, can be estimated from the steady siatéce and very high load capacities. The desired design and per-
output covariance, .= E{Je(t)?}, where the expected mean offormance requirements include the following:

Se(t) is zero E{de(t)}=0) andE{ } denotes the time average ) . .
of an ergodic process. Assuming steady state, the state covariande Rotordynamically stable shaft operation over the entire com-

S, is obtained from the Lyapunov equation pressor speed randé to 286 H2. , ,
X yap g » Maximum shaft deflection of 25am to avoid blade tip rubs.

e 250 um whirl radius between 0 and 143 Hz excitation fre-

quency.
2 . . . . * Desired minimum whirl radius of 7m at the maximum
excitation frequency of 286 Hz.
x  no control e Maximum bearing diameter of 0.356 m to fit into the com-

+ const. gain control
16+ # 3rd mode -<¢- MB actuation ]
-<€- air injection

pressor hub housin@ee Fig. 3 without modification of the com-
pressor gas path.

The next section discusses these design issues and presents the
12 - ] detailed design of the magnetic bearing servo-actuator.

* 2nd mode
0.8 E

5 Magnetic Bearing Servo-Actuator Design

Standard magnetic bearing suspension devices usually only
1st mode yield large forces during static shaft levitation. The magnetic bear-
04 | | ing servo-actuator for active stall control, however, must deliver a
’ o e Lo x large dynamicload capacity and high magnetic forces must be
generated over an air gap substantially larger than the nominal
0Oth mode gap, since the rotor is whirling offset from its centerline. In addi-

* ’ tion, the outer bearing diameter and the space within the compres-
0.15  -0.1 -0.05 0 0.05 0.1 0.15  sor hub housing are limited in this application. Hence a special
Growth Rate (Real Part) magnetic pole configuration and a new soft magnetic material

with relatively small magnetic losses and very high saturation flux

Fig. 9 Open loop compressor dynamics  (X) and closed loop densities were considered. Apart from the magnetic bearing actua-
poles with constant gain control  (+) tor itself, the above issues will also strongly influence the actuator

Rotation Rate (Imaginary Part)

0 L N +--la-x
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Table 1 Optimized magnetic bearing servo-actuator design

[}

[}

7 Stator Back-Iron parameters

H

i Actuator dimensions
Number of poles 16
Inner actuator dia. 220 mm
Outer actuator dia. 320 mm
Actuator length 175 mm
Pole width 24.4 mm
Nominal air gap 60Qum

Electromagnetic properties

Saturation flux densityCo iron) 24T
Max. force(at nom. air gap 31.6 kN
Flux density(at max. force 228T
Current stiffnessK;) 1.021 kN/A
Position stiffnessK,) 93.149 kN/mm
Max. current(saturation 100 A

i Max. voltage(saturation 300 V

; Electric resistance 37
Coil inductance 6.9 mH

Fig. 10 Pole configuration and rotor lamination of magnetic
bearing servo-actuator

] ) ) ) well balanced trade-off between available copper volume, pole
power electronics design. It has to be mentioned that, since {f{fith, and actuator surface area that is necessary to conduct the
magnetic bearing actuator system design is a highly iterative pigenerated heat loss to a heat sink. The final results of the iterative
cess, only the final results are discussed here. design process are shown in Table 1. Note that the maximum
. . achievable force at the nominal air gégero shaft offsetis ap-

51 FElectro-Magnetic Actuator Analysis proximately 20 percent higher than the estimated requirement of
Pole Configuration. In order to achieve as much dynamic25 kN. This is due to the fact that the case of a whirling shaft
load capacity as possible within the given compressor housititg air gap is increased and a larger force is needed for the same

envelope a nonstandard 16-pole configuration is considered. T#igft displacement

allows one to pack the required amount of copper wiring within

the narrow space between the inner and outer stator diamete®.2 Overall Dynamic System Analysis—Achievable Whirl
Also, a rather unconventional alternating N-S-N-S pole configiradii. In order to compute the achievable whirl radii the mag-
ration is used here with the advantage that the magnetic flogtic bearing servo-actuator model must be combined with a ro-
through the rotor laminations and the stator back iron is half t@rdynamic model of the compressor shaft. Since large forces are
value of a standard N-S-S-N pole configuratfoftherefore to generated at high frequencies, nonlinear current effects and volt-
obtain the same magnetic flux density as delivered by a stand@@f saturation of the electric power amplifier must also be taken
configuration, the stator back iron and rotor lamination radidto account. These models are briefly outlined here.

width can be redu_ced by a_facto_r of 2. This yields a lighter weight Rotordynamic Model. A standard finite element modeling ap-
magnetic rotor with beneficial influence on the overall rotordys .- 1 "ic" 2 rried out to obtain a system of differential equations

namics, bending mode frequencies, and achievable whirl ra Iescribing the rotor motion. This approach accounts for shear

Howe.ver, the eddy current qnd hysteresis Iqsses will be h'ghf‘aFce influence, gyroscopic effects and additional lumped mass
than in the standard case since the magnetic flux reversal f‘[j‘ id rotational inertia effects:

quency is doubled. It is clear that in general a trade-off between .
overall rotor weight and size and rotor heat loss must be made. In MZ+ (G+D)z+Kz=B,fact» (5)
the presented application higher priority is attributed to th

acievable i fad, i 10 lusats the 16 ple IS e vertca epocemencandy of the imentat docic
ing servo-actuator. The stator and rotor dimensions are giveri| ¢ mass matrix .and |ncludes.all Inertia propertﬂﬂmss,.radlal
Table 1 ’ moments of inertia The G matrix contains the gyroscopic terms
: (polar and radial moments of inertia, rotational spedthe radial
Servo-Actuator Load Capacity CalculationThe load capacity and axial fluid film bearings at the motor coupling end and the
calculation is based on a full 16-pole flux network model whichSFD catcher bearing system at the compressor wheel end are
includes all magnetic interactions and nonlinearities resultingodeled as spring damper elements and are included in the stiff-
from the magnetization curve of the soft magnetic material. Inditess matrix< and the damping matri®. The actuator forcé,is
vidual rotor and stator magnetic path geometries are also takegupled into the rotordynamic system by the influence magjx
into account but the stray flux between the magnetic poles is nghich defines the geometric point of action of the magnetic force.
glected. One major advantage of the flux network model corthe homogeneous solution of E&) can be analyzed in terms of
pared to finite element modeling techniques is its numerical effeg-Campbell diagram which is shown in Fig. 11. The two rigid
tiveness while yielding about the same accurfty]. The load body forward and backward whirling modes are crossed by the
capacity calculation mainly depends on the geometry, the air g@gme-per-rev line(1-E) at about 30, 180, and 200 Hz. Note that
and the maximum flux density of the soft magnetic iron. Furthepone of the flexural modes are crossed despite the strong gyro-
more, a very important and sometimes limiting factor in the descopic effects and that the rigid body mode frequencies compare
sign is the ability of the magnetic bearing servo-actuator to dissiell to the preliminary result§see Fig. $ obtained from the
pate the heat that is generated from coil, eddy current, aginple lumped parameter model. The frequencies of the two rigid
hysteresis losses. Therefore an optimal actuator design yieldbagly modes mostly depend on the stiffness of the fluid film and
catcher bearings, the mass properties of the compressor shaft, and
2Usually N-S-S-N pole configurations are considered when high magnetic forl@€ actuator feedback control. In order to limit the vibration level
capacities are required. when the rigid body critical frequencies are crossed, either the

herez is the rotor position vector, containing both the horizontal
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Fig. 11 Campbell diagram of magnetic bearing servo-actuator
(forward and backward whirling modes are marked solid and
dashed, respectively )

where the matriX, contains the two identical position stiffnesses
in thex andy directions and{; contains the corresponding current
stiffnesses of the magnetic bearing servo-actuator. Veetoasd

i denote the rotor position within the magnetic actuator and the
control current input, respectively. In order to combine E&S.
and (6) z, must be transformed inte assuming rigid body rela-
tions between the shaft locations. The amplifier dynamics contain
the influence of the actuator inductance and resistanead R

and the back-EMF term due to rotor motitfor details se¢14]):

()

. di 1 ..
u R|+Ldt+2Kizb,
where the vectomu contains the coil voltages. The achievable
whirl radii can now be determined by solving E¢S), (6), and(7)

for position vectorz.

The resulting high-order system of nonlinear differential equa-
tions must be solved numerically and the solution procedure is
quite involved and time consuming. Instead a much faster iterative
solution procedure was developed. First let us consider the fol-
lowing thought experiment. If the whirling rotor is a single
lumped mass then it is kept in orbit by a single radial force of
constant amplitude with a phase of 180 deg relative to the dis-
placement vector. Therefore in the iterative solution procedure the
excitation force is assumed to be 180 deg out of phase despite
gyroscopic effects of the rotor and external stiffnesses and damp-
ing properties of the fluid film journal bearingslt has to be
mentioned that in the experiment the same effect can be achieved
by introducing a synchronous signal rejection scheme in the mag-
netic bearing feedback controlléfor details se¢15]). This yields
a completely force-free rotation about the principal axis of the

rotor must be well balanced or the bearings, especially the magror and eliminates the transmission of synchronous unbalance
netic actuator, must dissipate a substantial amount of energy, ifgrces to the machine housing. Also, since the steady state whirl
provide a sufficient amount of external damping to the system.qrpits are of interest all transient parts of the solution are ne-

Actuator and Power Amplifier Model.A linearized model of 9lected and Egs(S), (6), and (7) are solved in the frequency

the magnetic bearing servo-actuator is used to keep the comp

main.

tion times at an affordable level. Nonlinear effects are included jn '€ results of the iterative solution procedure are shown in Fig.
the voltage and current saturation characteristics of the power abd-for the shaft spinning at design spe€@6 H2. The plot on the

plifier. The linearized actuator force can be written as

SIt can be shown that this assumption yields a maximum error in the phase of

fac= Kyzp + Kii, (6)  about 20 deg for frequencies above 50 Hz.
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Fig. 12 Current-force characteristic of magnetic bearing servo-actuator and operating locus
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Table 2 Total mechanical, electro-magnetic, and aerodynamic 6 Closed Loop Stall Control Simulation

losses at design speed (286 Hz) . . . .
The final design of the magnetic bearing servo-actuator was
Loss[W] FrequencyHz] then used to simulate the closed loop stall control experiment. The
final magnetic bearing system dynamigg were included in the
closed loop system shown in Fig. 7. As mentioned earlier, a

Stator losses

Coil resistance ) 560 115 simple Pl-lead network was implemented in the inner servo con-
Eddy current and hyStereS'SR | 180 190 trol loop of the magnetic bearing actuator. Again a constant gain
otor losses stall controller was used in the outer loop to stabilize the zeroth-
Windage loss 2500 286 harmonic mode with unsteady air injection and the first-harmonic
Eddy current and hysteresis 5060 286 mode with tip-clearance actuation. The compressor was throttled
Bearing dissipation into stall and a 2.3 percent reduction of stalling mass flow was
ISFD catcher bearing 864 120 obtained.
Fluid journal bearing 2729 185 The stable operating range extension with tip-clearance actua-

tion is comparable to the results obtained in the same compressor
by Weigl et al.[2] using unsteady air injection. These results
show that tip-clearance actuation with magnetic bearings is an
effective actuation scheme and establish the viability of magnetic
|eft hand Side depiCtS the fam”y Of nonlinear Curl’ent-force Chab'earings for stall control in high_speed Compressors_

acteristics of the magnetic bearing servo-actuator and the locus of

operating points ranging from 0 to 300 Hz excitation frequency at

maximum available powe(thick solid ling. Note that the effect 7 Summary and Concluding Remarks

of a varying air gap is included in the calculation. The achievable Thi | desi d devel
whirl radii at several shaft locations are plotted on the right hand IS paper presents a general design procedure to develop mag-

side together with the operational constraints of the ampli#ee netic bearing servo-actuators for high-speed compressor stall con-

V saturation voltage, 100 A saturation current split into 50 A biagc’l'hThﬁlgseiggI proc;]e_dﬁre IS caarqledl out in an _e>|<?|mple analysis
and 50 A maximum control currenand the whirl radius limita- or the enn high-speed single-stage axial flow compres-

tion at the magnetic bearing locati¢é®50 um). The results show SO @nd results specific to this compressor are reported in this
that the design requirements stated in Sec. 4 are fulfilled;.260 paper. It has to be pointed out that this specific application intro-

compressor blade tip deflection is achieved up to 185(tHe duced.spemal de§|gn constraints fand unusual complexities due to
: g}? existing test rig setup and environment. For example, the con-

the requirement since the actuator is operating at maximum av raint of a two-axis magr!etjc bea_ring Wi.th a contactjng catcher
able power and a minimum of 75:m is obtained at the synchro- earing system and an existing fluid film journal bear_lng setup at
nous excitation frequency of 286 Hz. The nonlinear current af?e motor drive coupling end are not encountered in a general

voltage saturation effects of the amplifier are well visible in the eS|g|n pl(rjo?lem. If "’; ﬁompresschrthwng magnetlctbgatrlngs ‘l'éege
performance characteristics. eveloped from scratch, many of the design constraints would be

relaxed. Therefore the design process is emphasized here rather
5.3 Heat Loss and Cooling Analysis. As mentioned ear- than the presented numbers.
lier, a trade-off between achievable whirl radii and magnetic bear-The key analysis in the design process is to determine the con-
ing heat loss had to be considered in this design. Since the el authority of tip-clearance actuation and the design require-
quired shaft displacements and excitation frequencies are rathents of the magnetic bearing. A unique stochastic estimation and
high compared to standard magnetic bearing applications the heatrol analysis is presented and applied first to unsteady air in-
loss is expected to be substantial. Therefore a detailed heat Igdion actuation as a test case. The obtained results compare well
and cooling analysis described[ib6] was carried out. The analy- to experimental data and give confidence in using this procedure
sis involved the modeling of magnetic bearing stator logses for tip-clearance actuation.
resistance, magnetic revergalysteresis and eddy current logs Next the magnetic bearing servo-actuator design requirements
magnetic bearing rotor lamination losgbysteresis and eddy cur- are determined by combining the stochastic estimation and control
rent los$, aerodynamic windage loss in the magnetic bearing gagpproach with a preliminary rotordynamic analysis and a dynamic
and dissipation in the fluid film journal and catcher bearing sysompressor tip-clearance model that utilizes both CFD and experi-
tems due to high-frequency rotor whirl. All magnetic bearing stanental data. Although the results are for a specific experimental
tor loss and the dissipation in the fluid film journal bearings musig, they indicate that in general the concept of rotating stall con-
be supplied by the power amplifiers. The lamination and aerodyel with tip-clearance actuation requires a magnetic bearing
namic losses in the magnetic bearing rotor however must be sgprvo-actuator design with state of the art performance and very
plied by the motor drive. The results of the heat loss analysis drggh dynamic load capacities.
summarized in Table 2. It should be mentioned that these value®A detailed electromagnetic and mechanical analysis of the mag-
correspond to a worst-case situation since all losses are takemetic bearing servo-actuator is conducted and the design fulfills
their peak valuegdifferent frequencies in Table) 2nd the shaftis the requirements. The magnetic bearing servo-actuator yields a
assumed to be spinning at design sp&zsb H2). remarkably high dynamic force level and bandwidth which are
The cooling concept for the NASA Stage 37 magnetic bearingecessary for this application due to the large mass and the high
axial flow compressor includes three different cooling systenexcitation frequencies. The design considers a trade-off between
and a preliminary cooling analysis was also conducted. Watre achievable whirl radii and the generated heat loss. The heat
cooling through a cooling jacket around the stator is estimated ltzss calculation reveals rather high values due to the special con-
provide a cooling power of 950 W which covers the stator lossagraints and in addition a cooling analysis is conducted. Active
plus a part of the aerodynamic losses. Cooling ail is run througtater, oil, and air cooling are considered necessary to provide
and around the fluid film bearings at the front and rear shaft esdfficient cooling power.
and is expected to exchange a total of 8650 W power due to theStall control laws are then developed and the final magnetic
bearing dissipation and rotor lamination loss. In addition coldearing servo-actuator design is implemented in a closed loop
high-pressure air is run around the shaft with an estimated coolisll control simulation to determine the benefit in stable compres-
power of 2280 W to cover most of the aerodynamic lossesor operating range. The simulation results yield a 2.3 percent
Clearly this analysis indicates that heat dissipation significantigduction in stalling mass flow which is comparable to results
complicates this particular magnetic bearing design. with unsteady air injection. The design and simulation results pre-
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sented in this paper establish the viability of magnetic bearings fof6] $eid, L., agd Moore, D., .1h97R8, “Perfgrgnancerf a Siggle-StE}gf i';xial-(l;lf\g/6
i - i H - ransonic Compressor witl otor an tator spect atios of 1. an .20,
stall control in aero engine hlgh speed COMPressors. Respectively, and With Design Pressure Ratio 1.82,” Technical Report TP-

1338, NASA.
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sianmario L amui | AN INNOvative Device for Passive
pietro Giannattzsio | GONtrol of Surge in Industrial
smeaennesioe L Compression Systems

Udine, Italy
The present paper reports a numerieakperimental study on the dynamic behavior of a
. . . compression system based on a multistage centrifugal blower and fitted with an innova-
Dlegﬂ M'che“ tive device for the dynamic suppression of surge instability. The control device is of
~ University of Trieste, passive type and is based on the aeroelastic coupling of the basic compression system
Dipartimento di Energetica, with a hydraulic oscillator. The controlled system is modeled at first by using a nonlinear
Trieste, Italy lumped parameter approach. The simulated system dynamics within a wide range of
operating conditions allows a parametric analysis to be performed and the optimal values
. . . of the control parameters to be singled out. Such optimal values are then used to design
Piero Pinamonti the hydraulic oscillator, which results in a technically feasible and very simple configu-
o ~ University of Udine, ration. Finally, experimental tests are carried out on the compression plant with and
Dipartimento di Energetica e Macchine, without the passive control device, which demonstrate the effectiveness of the proposed
Udine, Italy control system in suppressing surge instabilities, at least within the limits predicted by the
numerical simulation. [DOI: 10.1115/1.1348021
Introduction vere difficulties in the design of a practical control device for an

industrial compression system, mainly due to the very low natural

Dynamlc suppression of surge, based on the use of aCt'Vef quency required to the movable wall. In fact, it turned out that
passive control devices, appears to be a very promising appProgiid control device requires, to be effective, a very large mass of

since it allows normally unstable regions of the compressor MAks movable wall and a very large auxiliary volurfigpically, an

to be made accessible. The control of surge is based on the cgij.. magnitude greater than the plenum volurAs an at-
pling of the compression plant with a dynamic system capable f{gpt to overcome such difficulties, the present study proposes the
absorb_mg an_d_ d'SS'Pa‘"_‘g the unsteady energy associated W'thé foelastic coupling of an industrial compression system with an
surge instability. Epstein et a[1] proposed that surge can e ative, very simple and compact device, based on an oscillat-
inhibited by actively damping the small disturbances associat water column. The idea arose from the observation that a
with the early stages of instability, so that the unsteady perturbayrayjic oscillator has an intrinsically low natural frequency.
tions are directly affected, while the average flow parameters arey nopjinear lumped parameter model of the compression sys-
virtually unaltered. For the active suppression of surge, a clasgif, fitted with the new passive control device is presented at first.
feedback control system is used, i.e., a sensor/actuator pair ang\g,s ysed to obtain the optimal values of the control parameters,
suitable control law. Ffowcs Williams and Huaf@] and Pinsley \yhich allowed the hydraulic device to be correctly designed. The
et al.[3] proved the concept of active stabilization by means qhgyjts of an extensive experimental study are then reported. Mea-
experimental tests carried out on small centrifugal compressorsgsfyements of various flow parameters in both steady and unsteady
detailed linear stability analysis of compression systems ﬂtt%(ﬂ)erating conditions have been carried out, in order to test the

with different active control devices was performed by SimOBtfactiveness of the control device when varying compressor
et al.[4], who pointed out the impact of the choice of the sensog/peed mass flow rate, and control parameters.

actuator pair on the control effectiveness.

An alternative concept of surge suppression was suggested by
Gysling et al.[5], who proposed the aeroelastic coupling of theassijve Control of Surge
compression system with a mass-spring-damper device through . . .
the action of a movable plenum wall. In this way, the external | e device proposed by Gysling et (] for the passive sup-
control law required by an active device is replaced by the strygression Qf surge is schematically shown in Fig. 1. The_ basic
tural feedback of the movable wall, resulting in a passive-tyf®MPression systemcompressor, plenum, throtle vajves
control. Giannattasio and Giust®] carried out a theoretical coupled to @ mass-spring-damper device, where the inertial ele-
analysis of the effectiveness of the passive device when appliecmgm Is a movable pIepum yvall, the gas in an auxmary plenum
an industrial compression system, such as the one describedaﬁéf‘ as an aerodynam_lc spring, and a viscous _dashpot is used for
Arnulfi et al. [7]. The numerical results of a nonlinear model offi€ damping. The main plenum and the auxiliary one are con-
the controlled system showed that surge suppression is very F—Cted .t?y a pressure equilization tube, such that the pressure in
ficult to obtain over the whole operating range of the compress e auxnlla_ry Chamb?r can be made_ equal to the steady equilibrium
because of the abrupt stall, which affects the compressor chargSSure in the main plenum, while only the unsteady pressure
teristics. Furthermore, a parametric analysis allowed the optim ctuations can act on the movable wall. The control device is

values of the control parameters to be singled out ased on the concept that the aeroelastic coupling of the compres-

The present paper further develops the concept of passive spig SYStem with @ proper mechanical oscillator should produce
pression of surge. A first attempt of using the optimal contrg e effect of absorbing and dissipating the unsteady energy intro-

: ; ; . ~ duced by the compressor in the early stages of its unstable opera-
parameters provided by Giannattasio and Giysjoshowed se tion, so inhibiting the surge development. Such a concept has been
demonstrated both theoretically and experimentally by Gysling

Contributed by the International Gas Turbine Institute and presented at the 4 : i . B
International Gas Turbine and Aeroengine Congress and Exhibition, Munich, G@{]al' [5]’ who performed a linear Stablllty analySIS of the con

r- .
many, May 8—11, 2000. Manuscript received by the International Gas Turbine Ins%—c’”ed SySt.em and a comprehensive set O_f measgfements on a
tute February 2000. Paper No. 2000-GT-352. Review Chair: D. Ballal. small centrifugal compressor for turbocharging application.
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Fig. 1 Compression system with movable plenum wall

The dynamics of a compression system under unstable opel
ing conditions is usually and effectually modeled by using ;
lumped parameter approad8,3,5,4,9. In particular, the con- 0. ] ] 0.10
trolled system in Fig. 1 can be described by the following set ¢ W
dimensionless equations,6]:

Fig. 2 Contour lines of (RMS) in W-Q plane for a compres-

Pc sion system with movable plenum wall (n=2000 rpm, V,
F_B(wc_ l/jp) (1) =3.132 m2‘ §=2) P
d 1 1
%ZE(%—%)—Z%Wv @) - - i i
0 and (6) describe the movable wall dynamics, being equivalent to
dy. 1 the classical second-order linear equation of motion of a single-
= (s ) (3) degree of freedom elastic system.
dr 7o Equations(1)—(6) have been employed by Giannattasio and

o= (A IA) 22 ) Giusto[6] to perform a nonlinear stability analysis of the indus-
P c!ft) ¢t trial compressor system described by Arnulfi et[@l, fitted with

dzy the passive control device proposed by Gysling e{dl. The

ar Y (5) compression system is based on a four-stage centrifugal blower
and includes a plenum of large capacity. The compressor charac-
teristic curves exhibit abrupt stall, compelling one to employ a

v _
g— = 2WBZ(¢p— ) —24Q & i v— Qzﬁ 7 (6) nonlinear approach to predict correctly the dynamic behavior of
4 Pp Po Po the system. In fact, as pointed out by Giannattasio and G[63to
where the variables are defined as: the finite pressure jump associated with the abrupt stall introduces
) a large amount of unsteady energy into the system when the stall
__m _Ap —out=a /it limit is crossed, which can cause instability even in linearly stable
?7 pUA,’ V= poU%2" TR TS Ny L operating points. Indeed, both experimental and numefican-

linean results obtained by Arnulfi et gl7,9] for the uncontrolled
_ Aﬂ compression system show that all the operating points on the left
= Vo a9 of the stall limit are unstable, even at the lowest compressor speed
and the following dimensionless parameters are introduced: of 2000 rpm, while a linear stability analysis predicts that, still at
* 2000 rpm, over 40 percent of such points should exhibit a stable

U U Vv, behavior.
B= ——=—1\/—— (stability or Greitzer parameter The nonlinear analysis carried out by Giannattasio and Giusto
2oyL. 2a, VA

c-c [6] results in a number of plots of a proper stability indékMS),
U in the plane of control variableg¥/ and Q, for fixed values of
M= = (tip Mach numbey damping paramete and compressor speed. Stability index
p (RMS) is defined as the mean, over flow coefficient interval 0
poAﬁ,Lﬁ <@<@gai, Of the RMS values of signal,(7). Obviously, a
W= (aeroelastic coupling parameter stable operating point implies RM&((7)) =0, so that small val-
myVp ues of(RMS) denote wide stable intervals of flow coefficient and
oo @y |Po vice-versa. Figure 2 shows the contour lines{RMS) in W-Q
Q=—"=—"\/=— (frequency parameter plane, as obtained by Giannattasio and Giyéfdfor (=2 andn
@Ho @H Y Pp =2000rpm. The broken line in the diagram represents contour
c c line 7,,2,=0.03, which was assumed to be the maximum accept-
(= = \/H_ppo (damping parametgr able wall displacement; points with,,,,<0.03 are located on the
2Mywyo  2My@y left-upper side of this curve.

Equation(1) expresses the momentum conservation in the com- The parametric analysis in Fig. 2 allows one to select values of
pressor duct of equivalent length [8], while Eq.(2) is the mass W and Q that correspond to the lowest values (8fMS), maxi-
conservation equation in the plenum, which, in the present ca&izing the effectiveness of the passive control device. As an ex-
includes the effect of the plenum volume variation due to th@mple, valuesV/=0.06 andQ=0.45 appear to be a good choice,
moving wall (see the term containingon the right-hand sigeA  since the corresponding point W-Q plane lies in the middle of
time constant,r, is introduced in Eq(3), which represents a the region of low(RMS) values. Since the natural frequency of
first-order model of the transient response of the compressor. THi§ movable wall can be expressed as

time constant can be related to the time needed for the complete —

development of a stall cell8,9] Equation (4) represents the 0u=Ay [_YPo )
steady-state characteristic of the throttle valve. Finally, Efks. VauMy
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from the definitions oW and Q one easily obtains: hydraulic oscillator to the pressure fluctuations in the plenum can
2 result in an effective absorption and dissipation of the unsteady

_ (ﬁ)ﬂ ®) energy associated with surge.
axl AL,/ Q? As shown in the appendix, the dynamics of the hydraulic device

Equation(8) can be used to evaluate the required volume of iR described by the following nonlinear second-order differential

auxiliary plenum as a function of control parameters and plaﬁguatlon.

geometry. The compression system considered by Arnulfi et al. 1
[7] includes a plenum of volumé,=3.132 nt and a compressor (legt ax)x+ 5
duct of areaA,=122.7 cnf and equivalent length,=13.5m. By

substituting such values in E®), together with the selected val-wherex(t) is the displacement of surfad® with respect to the
ues of W andQ, a volume of 17.5 rhis found for the auxiliary €quilibrium position corresponding to steady-state plenum pres-
plenum. Furthermore, the required mass of the movable wall c8#€pp ss- Although Eq.(10) is formally an energy equation, it
be easily obtained from the definition Wf: allows all the dynamic parameters of the system to be singled out.
The inertial effect is represented by the coefficientxoénd is

at |:L|C _ pp(t)_ pp,ss
X

X2+ Kx= ——— 2= 10
P (10)

m :poAvaﬁ ~1200 K ) associated to the length of the liquid column, which can vary with
A AVA g displacementx if A;#A, (a#0). The coefficient ofx? in the

second term accounts for lossg3) and for the changes in the

if, for example,A, =17 is assumed for the wall surface areayjneyic energy of the liquid columfie) that occur during the os-
The estimated values &f,,, andm,, appear to be too large for a .jations if A #A,. Coefficientk =g(1+A,/A,) can be inter-

reasonable technical application of the movable wall device to tl feted as the “stiffness” of the elastic system; it grows linearly

pregent cor(;pression jystegn. ﬁn the ((j).tf?er handl, if agNattemp {th area ratioA; /A, and tends to the gravitational acceleration
made to reduc¥,,, andm,, by chosing different values al, Q,  ag5a /o, .0, i.e., whenA,<A,. Finally, the pressure difference

andA,, within their acceptable variation ranges, an unsatisfactopn on ‘the right-hand side of E(L0) represents the action of an
practical solution is still obtained. This is mainly due to the OPaxternal force on the hydraulic oscillator.

posite effects of aV variation onVy,,andm,, and to the require- g q,a1i0n(10) is nondimensionalized by using the same refer-

ment of a sufficiently large wall area to guarantee an effectivg, o quantities as in Eq&l)—(6). obtaining:
interaction between the gas in the main plenum and the con;{r%] q G g

device. The real reason for the aforementioned difficulties is that dv 1 [ 5 Fp Po

an effective control device should have a very low natural fre- (1+Ry) -+ 5| R+ jg)v +Q (P_E_ U

guency, comparable to the Helmoltz frequency of the compression °Fe

system. This explains the high values required for the auxiliary :ZWBZ(I,/Ip_ bp,s9) (112)

plenum volume and the movable wall masse Eq.(7)). There-
fore, an effort was undertaken aimed at finding a dynamic syst
that combined an intrinsically low natural frequency with reduced

evt¥pen compared to E@6), Eq.(11) contains an additional dimen-
onless parameter, namely,

mass and dimensions, and thus is suitable to be used as a passive A A2 Vv,

control device in industrial-size compression systems. Such an R=a|—= a1t )

effort resulted in the conception of the innovative control device eds 2 ed1

described in the following section. while parameter®V, Q, and{ are now defined as:
_poAile o KTleg O(LHALTAS) e

Hydraulic Oscillator p1leqVp' W who '

If a liquid column contained in a constant-are&)™ tube is A
perturbed, it begins to oscillate at undamped angular frequency §=C| .
w=2g/l. It is easily noticed that small values bére sufficient et

to produce low natural frequencies of the liquid column. Thisherew, ;=ay\A./V,L. is the Helmholtz frequency referred to
simple observation suggested the idea of using a hydraulic oséimbient conditions.

lator as a device for passive control of surge. The concept isSBy coupling Eq.(11) with Egs. (1)—(5), the mathematical
schematically shown in Fig. Gatent pending SurfaceA; of a model is obtained of the compression system including the novel
liquid filling two communicating vessels is in contact with the gaglevice for the passive control of surge. Such a model has been
contained in the plenum, while the second liquid surface, of areanployed preliminarily to test the effectiveness of the control de-
A,, communicates with the atmosphere. The hydraulic device igice and to perform its optimized design.

cludes a dissipative componeff?), such as an orifice, a throttle  The compression system considered here is described by Ar-
valve, etc. If proper length, surface areas, and loss characteristigfi et al.[7,9] and the interested reader is referred to their papers
of the liquid column are selected, the dynamic response of ther details. The initial conditions for the present computations are
prescribed by simulating a valve throttling process from a steady
equilibrium point on the stable branch of the compressor charac-
teristic (for example pss=0.25 up to the desired steady operating

condition. In fact, differently from a linear stability analysis where
an arbitrary initial perturbation can be imposed, the present non-
_B_ — — == linear model produces results that are normally affected by the
Az g dynamic system trajectory required to reach a given operating
A1 v /////////’/////////,///’/ point. Consequently, t_he real initial evolution has to be simulated
A as accurately as possible.
7502077 150050007707 o - -
’//////////////// D ////,///////,/////////’ The numerical simulation of the controlled system dynamics
_///////////,/////’ ~_ ////////////,/////////////// typically produces time histories ap., ,, and  at a given
///////////// //////////////,//////; compressor speed and for a single steady equilibrium flow coef-
Ve S A%, ficient, ¢gs (see, for example, Fig. 11Such data can also be
employed to represent the system dynamics in plasie, (see,
Fig. 3 Compression system with hydraulic oscillator for example, Figs. 8—)Qwhere surge cycles are eventually dis-
Journal of Turbomachinery JULY 2001, Vol. 123 / 475
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Fig. 4 Contour plots of (E) in W-Q plane for the compression system controlled by means of a hydraulic oscillator: (a)
By=0.2, £=4000; (b) By,=0.3, {&=4000; (c) B;=0.4, {=4000; (d) B,=0.3, {&=8000

played. In order to quantify the control effectiveness in a givepractical control device are obtained whag<A,, i.e., a=—1.
operating condition, a new dimensionless parameter is here int@ensequently, the parametric analysis has been carried out by

duced, namely: setting:
T dec V Pod Az Q4
E:f (o= thp) ——d7 R=— 2 — ( S ) 13
t ¢ TMdr (12) legA1 (P192V§ W (13)
-B T 24 1 T dec d wherel ., andA; have been eliminated by using the definitions of
=B | (Y hp)dr= ar o W and Q. Position(13) simplifies the parametric analysis, since

the number of independent variables is now reduced to three,

where the integrals are computed over perTodf a surge oscil- namely,W, Q and{. The sensitivity analysis has been carried out
lation and the second and third equalities descend from(Bg. by computing, for each set of control parameters, the mean value
ParameteE can be interpreted as the unsteady energy associatfd= over the whole unstable branch of the compressor character-
with the surge cycle, being defined as the integral over the cyé#ic curve, i.e.:
period of perturbing “force” (/. — ;) multiplied by “displace-
ment” de, [8]. Furthermore, it can be immediately shown that, in _ 1 stall
the case of transient response of the compressor with no delay (E)= Oetal Ede.
time (7,=0= .= . so, E is equal to the area of the limit cycle
in planeg.— ¢, . Itis clear thatE=0 in a stable operating point, ~The results of the parametric analysis are a number of contour
while high values of this parameter indicate an ineffective stahplots of (E) in planeW-Q at fixed ¢, the most representative of
lization. A useful representation of the control effectiveness cavhich are shown in Fig. 4. Plots 4(b,c) refer to{=4000 and to
be obtained by plotting the values Efin all the operating points different values of stability paramet&;, i.e., 0.2, 0.3, and 0.4,
on the unstable branch of the compressor characteristic curve, irespectively, while plot 4d) refers to the casé=8000 andB,
within interval 0< p¢< ¢4 - This is done, for example, in Fig. 7 =0.3. These diagrams have been obtained by using the compres-
with reference to the compression system with and without tis®r characteristic at 3000 rpm, but only slight deviations can be
control device. expected at different speeds within the compressor operating

The model of Eqs(1)—(5), (11) has been employed to performrange (20086cn<<4000 rpm), due to the closeness of the blower
a sensitivity analysis to the variations of control paramef®eM/, characteristic curvg¥]. However, it is noted that, if the compres-
Q, and ¢, aimed at selecting their optimal values for a contrasor speed is changed, the same valuBgptorresponds to differ-
device of maximum effectiveness. Preliminary simulationsnt plenum volumesgat 3000 rpm, value8,=0.2, 0.3, 0.4 cor-
showed that the most favorable conditions for the design ofraspond tov,=0.62, 1.4, 2.5 m respectively.
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For each set of parameter values, the maximum displacement - 1720
the liquid column, 7. can also be computed and reported a -

contour plots similar to the ones in Fig[@]. Such information is Plenum

helpful to the designer, since excessive liquid column displac o
ments have to be avoided. For reference, one of syghcontour /1 )] =
lines (7max=0.05) is reported as a broken curve in each plot ¢ 7} (7 Jio 1 -
Fig. 4. Lower values ofy,,,, are reached on the upper side of sucl ' Q

a curve, while the region below the reported contour line refers |
Nmax Values greater than 0.05. -t @200 N
Figures 4a,b,c) show that, when the stability parameter is in-
creased, the region of maximum control effectiveness, i.e., wi
minimum values of E), shrinks and moves towards lower values
of Q and higher values ofV. It means that high compressor ‘
speeds and/or large plenum volumes require long liquid colum :
with large surface areA; (see the definitions oV andQ), while
large displacements of the liquid surface must be accepted.
practice, it is difficult to obtain an acceptable configuration of th h
control device for the present compression systenBgt 0.4,
which can be thus considered as the upper limit of the prese
investigation. By comparing Figs(# and 4d) the effect of the
damping coefficient can be singled out. It appears that an incre¢
in ¢ causes the shift of the loYE) region toward higher values of
W, which results in a larger surface arég,, of the liquid column.
All these results have been used to address the design of an efi ' \
tive control device based on the concept of hydraulic oscillator™

2260
Y
&

<

P

<
1460

Design of the Control Device -

The compression system considered by Arnulfi et @]. in-
cluded a plenum volume of 3.132°mand was operated with val-
ues ofB, varying from 0.304 to 0.608 by modifying the compres- AN /I\ y 4 \ \
sor speed from 2000 to 4000 rpm. Since the results of tt l
parametric analysis reported in the previous section showed tl 0600
the hydraulic oscillator can be effective Bg values smaller than
0.4, the possibility of an experimental evaluation of the control
effectiveness by varying the operating conditions of the original
system appeared to be too limited. Therefore, the plant was modi-
fied by using a plenum with a smaller volume, nameW,
=0.78 nt. This way, B, values ranging from 0.153 to 0.305 canplots of parameterg/ andQ versus 4. The figure also shows the
be obtained by varying the compressor speed, if the increase in #ffective air volume of the system, which is the sum of the ple-
system volume due to the introduction of the control device i3um volume and the air volume inside the control device. The
neglected. values ofBgy, which can be obtained when the compression sys-

As already mentioned, low values of area rafig/A, were tem is coupled with the present hydraulic oscillator, range from
considered, so as to redukg, to the height of the liquid column 0.171, at 2000 rpm and maximum submersigtminimum effec-
of areaA; and to obtain sufficiently high values of paramefér }gveeﬁ(lﬁn\gilﬁmj?ﬁ tgff%gt?vlé 2Er4\9§8nr-;%m and minimum submersion
Zﬁ‘ng\éaggwtg C:L anivrv:rtneern?cigl S é Ifirlgﬁeggr_frahcee (i‘rﬁatgf) wag The comparison of the curves in Fig. 6 with the contour plots at

: : =0.3 in Fig. 4 allows a significant prediction of the device
- 0
Qe3|gned as a box of PTOpEr cross sectional amga,submer%ed effectiveness to be obtained. With reference to the &as#000
in the pool, thus resulting in an area ratfo,/A,, of order 10 “.

(Fig. 4(b)), it is observed that the system can be stabilized for any

g e 2 11 ek i caie it o I S of . i Imied vlues oy (e msmum diplacemrt
(Fig. 5. The box height was made large enough to allow the the water column is about 200 mmAt £=8000 (Fig. 4(d))

system to be operated within a wide range of pressure, i.e., of
compressor speed, without the need to modify the box submer-
sion, I5. Value A;=0.36 n? was chosen as a compromise be 1.35
tween the requirements of high values and of limited air vol- yqy.
ume variations due to changes of the water level inside the cont[m3] w
device. In addition, areA; was selected so as to reduce the amr
plitude of the water column oscillations during the unsteady o) 1.20 [ 0.15
eration of the system. An adjustable gate is employed as the ¢
sipative component of the control device. It is placed at tt
bottom of the box and allows different damping values to be ol
tained by changing the flow area. It is also possible to vary tt 1051 010
equilibrium length of the water columng,, independently of
pressure conditions, by simply modifying the submersion of tr
box in the pool. The control device is connected to the plenum |
means of a PVC pipe of large diameter, so that negligible pressi
differences between plenum and oscillator are obtained also
unsteady conditions.

The performance of the control device is shown in Fig. 6, as Fig. 6 Performance of the hydraulic oscillator

leg

Fig. 5 Schematic of the hydraulic oscillator

0.20 0.65

1 0.50

090 = 0.05 : : : 0.20
0.3 0.6 0.9 1.2
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stabilization can be achieved only for low valued gf, so thatit These results have been obtained with gate settings corresponding
is possible to operate the system also in conditions of progressteéedamping valueg=8000 at 2000, 2500 and 3000 rpm, and

failure of the control effectiveness. {=4000 at 3500 rpm. Each plot shows the experimental and the
numerical results in both cases of controlled and uncontrolled
Experimental Validation compression system.

A test plant was suitably equipped for the experimental evalu- The_effectivep_ess of the hydraulic oscillator is evident in all the
ation of the control effectiveness. The instrumentation syster?lperat'ng conditions. At 2000 rpm, where the uncontro_llec_i_com-
described by Amnulfi et al.7] and previously used for testing thePréssion system tur_ns' out to be_ §table at _flow rates significantly
compression system without control devices, was completed W|9y\{er than thg stall I|m|t,.the stability range is W|den.ed further on,
a capacitive transducéinjected-charge typeof the water level in While at the higher rotational speeds the suppression of surge in-
the hydraulic oscillator. Measurements of plenum pressure, cofiability is obtained in a large flow range. At very low flow rates
pressor delivery pressure, pressure difference at the orifice fléwss<0.05) the system remains unstable, but the associated un-
meter, and water level in the oscillator were performed during 3teady energy is reduced by about 50 percent, in very good agree-
Helmoltz periods at a sampling rate of 512 readings per Helmoltzent with the theoretical prediction. Another region of residual
period. The pressure in the oscillator was not measured, becainstability is observed near the stall limit, as predicted by the
preliminary tests showed that it is very close to the plenum presenlinear stability analysis. In this zone, nonperiodic flow oscil-
sure also in unsteady conditions. lations sometimes occur, as found under similar conditions by

Tests were carried out at compressor speeds of 2000, 2500, apdulfi et al.[7,9]. It must be observed that, in such conditions,
3000 rpm, with an oscillator submersion of 1.836 m. The aim QfarameterE cannot provide a reliable measure of the unsteady
these tests was to verify the control device capability of operatighergy associated with the system instability. The differences be-
in different conditions without varying;. Tests were performed yyeen experimental and theoretical results, which can be observed

device effectiveness. For comparison, measurements on the C%‘%ied with the stall development, E@), which implies an inac-
pression system without the control device were also performed a ' !

the same rotational speeds. The measurements were carried lﬂ?te prediction of th_e compressor delivery pressure, |.e.,_of the
for different settings of the valve at the plenum exit, obtained by¢ values to be. used in EG12). On the con.trary, the numerical
gradually decreasing the throttle area. The transient behavior §FUItS concerning the controlled compression system appear to be
the system during processes of valve throttling and re-openiMEry accurate at low and medium compressor speeds. Only at
was also recorded at all the compressor speeds. 3500 pm the suppression of surge |n§tablllty, Wh_lch is found
The experimental investigation demonstrates the effectivenéd@erimentally in a large flow range, is not predicted by the
of the present control device, at least within the limits predicte@odel. This can be justified by considering that such a compressor
by the numerical simulation. This is shown in the diagrams of Figpeed condition is close to the effectiveness limit of the hydraulic
7, which report, for all the compressor speeds, the values of @scillator, so that both the theoretical analysis and the experimen-
mensionless unsteady energyevaluated at different equilibrium tal results are extremely sensitive to small errors in the setting of
flow coefficients. For conveniencg,values are divided by/Ty,.  the control parameters, such &andlq,. This is also the reason

0.6 0.6 -
-~ = contr. sim. ——— contr. sim.
EATTY) unctr. sim. EAT/T,) unctr. sim.
04 [e) contr. exp. 04t [e] contr. exp.
A& unctr. exp. 4 unctr. exp.
02r 02
00T & o 0.0t B — — O O—G O— — >
2000 rpm 2500 rpm
0.2 1 A 1 0.2 ) L .
0.00 0.05 0.10 0.15 0.20 0.00 0.05 0.10 0.15 0.20
(pss ‘pss
0.6 0.6 -
- — — contr. sim. ~— = = contr. sim.
ENT/Ty) unctr. sim. E/T/T,) unctr. sim.
04F O contr. exp. 04 r O contr. exp.
unctr. exp. & unctr. exp.
0.2Ff 0.2 f
0.0 F d———0o-6-0 ®©lg 00t a0
3000 rpm 3500 rpm
0.2 1 L 1 0.2 L R A
0.00 0.05 0.10 0.15 0.20 0.00 0.05 0.10 0.15 0.20
(PSS (\DSS
Fig. 7 Stability index E/(T/ T,) versus flow coefficient for controlled and uncontrolled system at different compressor speeds
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6.0 : 6.0
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Yo O  contr. exp. : Yo : O  contr. exp.
4 unctr. exp. : _ P & unctr. exp.
50r1 50F :
\
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\ A
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- \
i SN \
(045=0.157 ; 055=0.027 : N
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02 01 00 01 02_ 03 92 01 00 04 02 03
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Fig. 8 Surge cycles at 3000 rpm and  ¢5=0.157 Fig. 10 Surge cycles at 3000 rpm and  ¢4s=0.027

why hthg in\éllestigation a_h tbhe hig_hZSt va_lueszf which aref a quarter of a period when referred to the pressure oscillation. The
reached at 4000 rpm, will be carried out in a future stage of the,a4ive values ofy are due to the fact that, in the present oper-

research. ; " .
The effect of the control device in some significant operatingfIng condition, the mean plenum pressure is smaller than the

conditions is illustrated in detail in Figs. 8—10. These figure ea;]dy equ'l'llljr'?rm pressure.f h | devi b | d
show the surge cycles in plane.— i, at 3000 rpm and for the The overall effectiveness of the control device can be evaluate
steady equilibrium flow coefficients of 0.157, 0.100, and 0.02PY computing, at every compressor speed, the mean value of pa-
For reference, the steady characteristic curves of the compretfﬁwemr E/(T/Ty) over the instability region, & ¢ss<¢sa-
(broken lind and of the throttle valvédotted ling are also plotted 'Ot of mean stability indefE/(T/Ty)) versus parametd are

: : : : hown in Fig. 12 for the cases of controlled and uncontrolled
in the figures. Atps=0.157(Fig. 8), corresponding to a flow rate S ) X
little lower than the stall one, it turns out that the control device i§ystem. Such plots are only based on experimental data, while the

only able to slightly reduce the surge oscillations, as alrea lues °ﬂ.3 in c_ontrolled conditions are computed on the basis of
shown in Fig. 7. Ate..=0.100(Fig. 9), surge is complétely sup- e effective air voluméplenum+ oscillato) evaluated at a flow
7. Atpgs=0. .9,

pressed and the limit cycle is reduced to a stable equilibriufﬁte slightly higher than the stall limit one. It turns out that, at the

point. When the compressor is operated at a very low flow ragtme value oB, the mean uns.tea(.jy.energy is reduped by about 90
©.=0.027, the control device is not capable of stabilizing thgércent when the control device is introduced. This result appears

system(Fig. 10. However, it is worth noting that also in such al0 be even better considering that, at the same compressor speed,
Q@ presence of the oscillator implies an increas® ifdue to a

severe condition the hydraulic oscillator produces a strong red X
tion of the amplitude of the surge cycle. The agreement betwe ger air VOIL."W and hence a greater tendenc_y of the system to
§tab|I|ty. This effect could be limited by selecting a proper value

numerical and experimental results appears to be very good he box heidht f h ai
the uncontrolled system, while some acceptable differences can € box neignt for each given pressure range. .
o complete the present analysis, the results of two experimen-

h h ill i | h i ; .
g}l;)sstirr\r/]ed when the oscillator is coupled to the compre55|?6r1'1 tests carried out at 3000 rpm on the controlled system during
Figur.e 11 shows the time histories @f , ¢, , and 7 obtained throttle valve operation are shown in Figs.(&B8and 13b). The
in the operating condition of Fig 101=36000r1pm 0e=0.027) former refers to a gate setting which determingsvalue of about
. 1¥ss . ] . .
for the only case of controlled system. The oscillations of all thr%gggf nglg 'tl'hhee l\%tl(\e/re (\:/\?a:rseiIlc())osre]z?jsfrfmaadgyepr:ngta%?éaé?)ztgﬂr?gf]

variables appear to be correctly predicted, as amplitude, f t10 a final i 4ing to a i e cl H
guency, and phase are concerned. It can be observed that RRE t0 @ final position, corrésponding to a flow rate close 1o zero,

curve of water level in the oscillator exhibits a phase shift of about

0.2
6.0 : ; o8
simulated :
Yo O  contr, exp. 0.2 . \ , )
A& unctr. exp. by
sol 5.0 =
. v,
3 O 1 1 1 1
407 0.00 o measured ——  computed
n °°°°o 00% 09%,
-0.01
3.0 50 6.0 7.0 8.0 9.0 YT 10.0
-0.2 H
Fig. 11 Time histories of ¢, #,, and 5 for the controlled
Fig. 9 Surge cycles at 3000 rpm and  ¢4,=0.100 compression system  (n=3000 rpm, ¢s=0.027)
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0.24 Conclusions

<L> < unctr. A detailed theoretical analysis of devices for the passive control
T[Ty —O— contr. of compressor surge has been carried out. The controlled system

018 | has been modeled by using a nonlinear lumped parameter ap-
proach. It was demonstrated that a mass-spring-damper controller,
based on a movable plenum wall, is not suitable for the applica-

3500 rpm tion to industrial compression plants, due to intrinsic technical

o2 limitations (overly large values of wall mass and of auxiliary ple-

2500 rpm num volume. To remove such a limitation, an innovative control

3000 rpm device has been developed, namely, a hydraulic oscillatent
0.06 F 2000 rpm \ pending. The new device was analyzed theoretically and a para-
’ metric study was performed in order to single out the optimal
‘7 ' \ values of the control parameters. A prototype was then designed,
0, O O— n®) built, and coupled to the low pressure, industrial size compression
0.00 1 1 L system described by Arnulfi et 4i7].
0.15 0.20 0.25 030 g 035 Experimental tests carried out at various operating conditions
demonstrated the effectiveness of the proposed control device:
Fig. 12 Experimental values of mean stability index The compression system was stabilized, within significantly wide
(EI(TITy)) versus parameter B ranges of flow rate, for values of stability parameBaxp to 0.3 or

slightly larger. The reliability of the theoretical model and the
accuracy of the numerical results were also proven.
Future developments of the present research include a deeper

and then it was re-opened until the initial stable point was recolpsight into the behavior of the controlled system whénthe
ered. The figures show that during the closing stage the systeniiits of the hydraulic oscillator effectiveness are approactied
stabilized, as previously discussed, and that the valughafs no values cIo_se to 0.4, with reference to th_e features of the present
significant influence on the stabilization process. On the contraf§PMPression systemand (i) the system is moved from a deep
during the opening period the system turns out to be quite upHr9e condition to an operating point where stability is normally
stable, which means that, in the present condition, the hydrau"f’rEh'_eV_Ed when startlng from astead_y condition. In both situations,
oscillator is not able to damp fully developed perturbations. In thi€liminary tests, partially reported in the present paper, showed
latter case, the possibility of stabilizing the system at flow pararff?at the system can be stabilized only if a very accurate selection

eters smaller than the stall limit one strongly depends on the val@kthe control parameters is performed.
of the damping parameter. The main limit of the present configuration of the control de-

vice appears to be the large hydraulic head caused by high plenum
pressures, which prevents the hydraulic oscillator from being
coupled with high pressure systems. Therefore, a study will be
undertaken to overcome such a limitation by considering technical
solutions such as the equalization of the mean pressure on the two

7 Sll/ liquid surfaces of the oscillator or the use of a pressure converter.
fo]
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Nomenclature

area

= speed of sound

stability parameter

loss coefficient

surge unsteady energy
friction factor

gravitational acceleration
equivalent length

= liquid column length
oscillator submersion
mass

mass flow rate

Mach number

pressure

frequency parameter

= wall displacement

time

= period

= dimensionless periogTwy
= impeller peripheral velocity
= flow velocity

= volume

= aeroelastic coupling parameter
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Fig. 13 Time histories of ¢, and 4, during throttle valve op-
eration for different damping values  (n=3000 rpm)
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y = volume flow rate i.e., volume flow ratey is independent o§, as well as its time
z = liquid level derivativey. By substituting Eq(A2) into Eq. (A1), the following
vy = ratio of specific heats equation is obtained:
¢ = flow coefficient . 2
o : . d/1 1 ﬁp f
n = dimensionless displacement X+y__(_) cosf=0 (A3
p = density A 2 ds A2 2A3|y|y g ( )
= g!mens!on:ess t'";e . Equation (A3) can be integrated along the instantaneous liquid
v = dimensionless velocity column length, i.e., fromx;l to s,, so obtaining:
o = rotational frequency
¢ = pressure coefficient . [s2ds y? 1 |y| Szfc
{ = damping parameter TJF 5 A2 ~7)
6 = angle *1 Az
Subscripts _P17P2 (Ad)
0 = ambient P1
aux = auxiliary sincedscosf=—dz
¢ = compressor A simpler form of Eq.(A4) can be obtained by assuming that
eq = equilibrium the two liquid surfaces oscillate in vertical constant-area portions
H = Helmholtz of the “U” tube. In this case, if the liquid column oscillates
I = liquid around an equilibrium position corresponding to constant value
p = plenum (P1—P2)eq, ONe can write:
ss = steady state
t = throttle valve 2ds_ [%2eadS_$1—Sieq L 527 S2eq (A5)
w = wall s A S1eq A Ay A,
By settlngleq—Alfszequ/A X=8;— S04, and by observing that
Appendix mass conservation requweAl(sl S1eq) =A2(S2— 209, EQ.
(A5) reduces to:
Equation of Motion of an Oscillating Liquid Col- s2ds 1 AL\? 1
umn. Let's consider a liquid filling a “U” tube with a general LA A A, —1x= A_l(leq+ ax)  (A6)
1

distribution of cross-sectional arég(s), s being the curvilinear
coordinate along the tube axis; see Fig. 14. Liquid surfégeand Similarly, the gravitational term in EqA4) can be expressed as:
A, are subjected to pressurpg and p,, respectively, which, in

general, can vary with time. If a one-dimensional unsteady flow §f<z —2))=0| (2y—2) og+ X+ ﬁx - (P17 P2)eq +g( 1+ ﬁ) X
the liquid column is assumed, the force balance over an elemen ed Az P1 A
portion of fluid, such as the one shown in Fig. 14, leads to the (A7)
following momentum equation: Furthermore, the approximation is made:
au g [(ur) 1p s2fc
FRrE ey +E£ —f—|u|u gcosd=0 (A1) CZA%L +3 ds=const @8)
1

where flow velocity and pressure are functions of both sgacel
time t, f is the wall friction factor ¢,,=1/2p,f|ulu) andc(s) is
the tube perimeter at locatian

If the assumption of incompressible flow is made, the contin
ity equation provides:

u(s, ) A(s)=y(t) (A2)

i.e., friction losses are assumed to be independent of time.
By substituting Eqs(A6), (A7), and (A8) into Eq. (A4) and by
L(i)_bserving thay=uA=s,;A;=xA;, the final equation is obtained:

x| (pl_pz)_(pl_pZ)eq
(le +ax)x+2( +—C o

(A9)

whereK=g(1+A;/A).
For the application of EqA9) to the present case of hydraulic
A2 p2V oscillator, it is assumed that coefficie@itaccounts also for losses
due to obstructionévalves, orifices, elbows, el¢cbesides friction
Z-2 losses. Furthermore, the present application requgesp,eq
=pg, So that the term on the right-hand side of E&Q) assumes
the simpler form p;—pieq)/p -

O

3

>
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Effect of Stator Design on Stator
Boundary Layer Flow in a Highly
Loaded Single-Stage Axial-Flow
Low-Speed Compressor

The paper describes an experimental investigation of the stator hub and blade flow in two
different stators of a highly loaded single-stage axial-flow low-speed compressor. The first
stator (A) is a conventional design with blades of rectangular planform. The second stator
(K) is an unconventional, more advanced design with blades of a special planform,

characterized by an aft-swept leading edge with increasing sweep angle toward hub and
casing. The experimental results show that stator K exhibits a much better hub perfor-
mance than stator A, finally leading to a better overall performance of stage K compared

TU Braunschweig,
Braunschweig, Germany

to stage A. The better hub performance of stator K is, primarily, the result of a planform
effect of the newly introduced blades with an aft-swept leading edge and the aerodynam-
ics of an aft-swept wing.[DOI: 10.1115/1.1370168

blading[5-7]. With one exception, all the aforementioned papers
deal with the flow in rotors; only Tweedt et §#4] investigate the
%bw in stators.

Introduction

In highly loaded single-stage low-speed compressors of |
hubl/tip ratio the hub degree of reactidR) may be less than 0.5.
Accordingly, the stator hub de Haller number may be quite low
and the diffusion factor quite high so that hub boundary lay . -
separation and corner stall are likely to occur. The present pape%gage Design and Test Facility
concerned with the aerodynamics of two different stators of a Performance tests and flow field investigations were carried out
highly loaded single-stage low-speed compresger=0.45, on a low-speed single-stage axial compresgéig. 1) at the
#=0.6,v=0.55. The design point diffusion factdD) and the de Pfleiderer-Institute, Technical University of Braunschweig. The
Haller number(DH) of the critical stator hub section ai® compressor has an outer diamebey=0.4 m and a hub to tip ratio
=0.62 andDH=0.56 at 5 percent span of both stators. While the=0.55. The rotor comprises 16 blades of stand&t0) NACA
diffusion factor is close to the limif0.6), the de Haller number is 65-series blade sections and the aerodynamic design is such as to
far beyond the limit, usually taken as 0.75.

The first stator(A) is a conventional design with blades of
rectangular planform and standa@10) NACA 65-series blade
sections. The second statdf) is a more advanced design with
blades of special planform, characterized by an aft-swept leadi
edge with increasing sweep angle toward the 8® deg and
casing(10 deg, combined with an unswept trailing edge, agait
with NACA 65-series blade sections, but this time with circula
arc mean camber lines. For blades of this type a three-dimensio
relief of the endwall sections could be expected, following swe|
wing theory[1,2], together with a reduction in cross-passage flov
endwall boundary layer separation, and losses. For the same |
sons the shape of the mean camber line has been changed f
A10 to circular arc.

The data to be presented for each of the two statorsiptbe
stage characteristic§ij) the stator hub and blade pressure distri B
butions,(iii ) the stator hub and blade oil flow pictures, did the
stator exit contour plots of the axial velocity. The two data se e u
will be compared and discussed. Special attention will be paid

/ w AP
; e
the development of the boundary layers on hub and blades, sf
Co /

cluding boundary layer separations. These separations will * & ucc‘

shown to be highly different in stators A and K, especially at pa Cs ) Sy
m

There is little information in the available literature for the us: |

load conditions.
of sweep for subsonic core compressor bladi®@]; more infor- @ = El
m 7

mation is available for the use of sweep for transsonic compres:
Rotor Stator

Contributed by the International Gas Turbine Institute and presented at the 4ou.
International Gas Turbine and Aeroengine Congress and Exhibition, Munich, Ger- . . .
many, May 8—11, 2000. Manuscript received by the International Gas Turbine Indiiig. 1 Single-stage axial-flow compressor and midspan sec-
tute February 2000. Paper No. 2000-GT-616. Review Chair: D. Ballal. tion
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Table 1 Stage design parameters profiles were radially stacked in such a way as to give a straight
trailing edge and a backward swept leading edge. The usage of

circular arc mean camber lines, instead of standard A10 camber

Flow coefficient ¢=CqlU, 0.45
Pressure rise coefficient Y=2A p/(puﬁ) 0.60

Hubl/tip ratio v=D, /D, 055 lines, leads to a basic reduction in leading edge loading, which is
Casing diameter D; 0.4m reinforced by the planform produced loading reduction.
Rotational speed n 75 /s The stage was run at a constant spé&sD0 rpm) and the air

flow rate adjusted by means of a throttle and an auxiliary fan until
a prescribed flow coefficienp was obtained. The velocities en-
countered in the stage were such that the flow may be regarded as
give a free vortex flow for the design parameters in Table 1. Thiecompressible. The Reynolds numh&e) based on chord and
rotor tip clearance to chord ratio &l =0.0067 with a tip clear- relative inlet velocity at the rotor tips is Ret.1x10° for the
ances=0.4 mm and a chort=60 mm. design flow conditions. The rotor/stator distanceais 80 mm

To complete the stage, two different stators were designed fi®m rotor trailing edge to stator leading edge at midspan height.
ing a smoothed rotor exit angle distribution—a distribution withThis is comparatively large and leads to a reduced unsteadiness of
out the “kickups” at hub and casing—as a design infit The the stator flow.
stator blades are shown in Fig. 2 and some of the geometric and
aerodynamic parameters are summarized in Table 2. The first %sults and Discussion
tor (A) is a conventional design with 19 blades of rectangular
planform and standar@A10) NACA 65-series blade sections of Qverall Performance. The unstalled static pressure rigg)
constant chord. The second statis) is a new design with blades and efficiency(s) characteristics for compressors A and K are
of special planform, characterized by an aft-swept leading edggown in Fig. 3. As expected, the stage with the aft-swept stator
between hub and casing. At hub and tip, this planform creatgs and the flow physics of an aft-swept aircraft wing, has a higher
geometric and aerodynamic similarities to the center section gfessure rise and a higher efficiency than the stage with the con-
hypothetical swept-back wings with similar sweep angle distribyentional unswept stator A. Far=0.35 (part load, 0.45 (design
tions. Accordingly, the blade hub and casing sections were effow rate), and 0.55(overload, the increase in efficiency is about
pected to reduce the leading edge loading and, as a consequegce, and 3 efficiency points. The flow field investigations, which

to initiate less secondary floj®,10]. A stator of this type was are described below, were carried out for0.37 and 0.45, spe-
designed by using circular arc mean camber lines of constant cgjally marked in Fig. 3.

vature at all radii resulting in an increasing chord length toward o o

the hub and, to a much lesser extent, toward the casing. The meaRressure Distributions. Surface pressure distributions may
camber lines were combined with NACA 65-series thickness dige used to analyze the flow next to the surface under consider-
tributions (constantd=5.4 mm, variabled/I) and the resulting ation. Figures 4 and 5, for example, show measured and calcu-
lated pressure distribution& pf,=[p(z) — pol/[ Ps—Po] for the
blade hub sections in stators A and K, respectively, at design flow
rate ¢=0.45. The experimental distributions were measured on
the hub along the blades with pressure taps close to the blade
surfaces. The theoretical distributions were calculated using the
Martensen11] method developed for two-dimension@D) in-
viscid flow. The inlet anglex; was assumed 6.5 deg above the
measured hub endwall angler;=28deg, both stators, taken
from the oil flow pictures at a position far in front of the stajors

in an attempt to allow, at least approximately, for the 3D relief
discovered by Wadia and BeacH@&i. This relief, which is not a
topic of the present paper, consists of an unloading of the leading
edge region in 3D Euler results compared to 2D cascade results
using measured inlet flow angle distributions.

A comparison of Figs. 4 and 5 is not an easy task because more
than one parameter was changed when stator K was designed on
the basis of stator A. Nevertheless, the results expected can be
seen immediately(i) A basic reduction of the leading edge load-
ing is achieved by using circular arc mean camber lines instead of
standard A10 camber lines. This may be seen by comparing the

Stator A Stator K

Fig. 2 Stator blades

Table 2 Stator blades and design geometry

Stator

A K
Chord Ih=500 90 mm 90 mm
Pitch th=s500 51.3 mm 64.8 mm
Span h 90 mm 90 mm
Aspect ratio h/l =500 1.0 1.0
Blade number Z 19 15
Solidity [/1th = 596/5096/95% 2.38/1.75/1.39 2.13/1.39/1.11
Stagger angle Nh=59%/500%/95% 21.2/17.4/19.1 deg 23.1/18.5/19.2 deg
Camber line A10 circular arc
Camber Veql O 62.4/49.8/60.3 deg 71.8/62.6/64.0 deg
Blade section NACA 65-006 NACA 65-006
Rel. thickness d/l =500 0.06 0.06
Diffusion factor D= 506/50%/95% 0.62/0.45/0.56 0.62/0.50/0.63
de Haller number Ce/C3 h=5%/95% 0.56/ /0.69 0.56/ /0.69
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Fig. 3 Compressor performance characteristics

theoretical results in Figs. 4 and Bi) In addition, a three-
dimensional reduction of the leading edge loading is obtained by
the introduction of new blades with a special planform, character-
ized by an aft-swept leading edge between hub and casing. Thi 2 ' T ‘
can be verified by comparing the theoretical and experimental I

results in Fig. 5. Together with a slight increase of the trailing &py,

1.50
-
1
1 B pressure side
1.00p
| - |
0.50 suction side
0.00F
™ ~—  2D-theory
L oB experiment
-0.50 L 1 1 1 L 1 ! 1 | ] L 1
20.0 50.0 80.0 z[mm] 140.0

Fig. 4 Experimental and 2D calculated pressure distribution at

blade hub section stator A at design point (¢=0.45)
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Fig. 5 Experimental and 2D calculated pressure distribution at

blade hub section stator K at design point (¢=0.45)
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Fig. 6 Comparison of the hub pressure distributions on pas-
sage center lines at design flow rate  (¢=0.45)
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Fig. 7 Comparison of the hub pressure distributions on pas-
sage center lines at part load (¢=0.37)
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Fig. 8 Qil flow picture of stator A at design point (¢=0.45) on stator hub and suction surface

Fig. 9 OQil flow picture of stator K at design point (¢=0.45) on stator hub and suction surface

Fig. 10 Oil flow picture of stator A at part load (¢=0.37) on stator hub and suction surface

Fig. 11 Oil flow picture of stator K at part load (¢=0.37) on stator hub and suction surface
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edge loading, this is in agreement with aircraft wing theory. Th
integrated section loading is nearly the same in both casesin /\/ /\/
experiment and theoyy

Figures 6 and 7 are leading edge to leading edge comparist
of the hub pressure distributions for stators A and K measur pressure side
along the passage center line between inlet and outlet for the fl: /
ratese=0.45 (design flow ratpand 0.37, respectively. The pres- ;’:ﬁfa;:::"eam _______________
sure coefficientAp}; in Figs. 6 and 7 is defined as before anc e
plotted against the axial directian Figure 6 shows that the de- /"7 ==-e__ __________
celeration of the flow starts directly at the beginning of the pa: \ suction side o
sage for stator A, which is a camber lit®10) effect, and at some ,
point further downstream in the passage for stator K, which is AP AP 7P r Al 7 A7 Al PPl rr 7777
planform effect. For stator K the pressure distributions fc
¢=0.45 (Fig. 6) and 0.37(Fig. 7) are quite similar in shape,
indicating a hub boundary layer development without dramat
changes. This is different in the case of stator A with a complete
changed pressure distribution fgr=0.37 compared ta=0.45.
For ¢=0.37, Fig. 7 shows a long-drawn-out pressure rise, indice
ing severe hub boundary layer separation.

shear stress lines on:

Flow Visualizations. Because of the high stator hub loading S8 | PS
expressed by the low de Haller numb@&H=0.56 at 5 percent )
spar), severe hub boundary layer separation could be expectec ss
stator A. Stator K can be assumed to show a much better h real stream
performance as a result of a reduced cross-passage pressure l\/ surtace
dient with smaller secondary flow, hub boundary layer separ \ o
tions, and losses. From the surface pressure measurements,
scribed and discussed before, a reduced cross-passage pre:
gradient is known to exist. The corresponding reaction of the en
wall flow, including separations, was investigated with an oil flov mean stream<%
technique. surface \

Oil flow pictures showing the hub endwall and blade suctio
surface flow in stator A and K are presented in Figs. 8 and 9 f
¢=0.45 (design point and in Figs. 10 and 11 fop=0.37 (part g
load). In addition rough sketches of the endwall characteristics a classical secondary flow
included. secondary flow due to sweep

Oil flow pictures are photographs of specially prepared surfaces
showing the surface pattern of the shear stress lines. The diredsig- 12 Combination of classical and new secondary flow
tions of these lines are nearly identical with the flow directions of
the fluid particles next to the surface.

Following the criteria described by Tobak and P¢aR], the present investigation. At high stator hub loadings, when wall stall
characteristic features of the surface flow may be identified, fof the hub is likely to occur very soon, the use of aft-swept stator
example, adi) three-dimensional separation lin€SL, conver- blades turns out to be a possibility to delay wall stall to higher
gence of the shear stress line@i) three-dimensionalre)attach- loadings or lower de Haller numbers. It should be recalled that
ment lines(AL, divergence of the shear stress lineand (iii) stator K represents a very simple design. Still better results may
so-called singular pointssaddle and nodal points, focWith the be expected with an optimized design.
help of these features, a first idea of the flow field next to the The tendency of stator K blades to produce less secondary flow
surface under consideration may be developed. than stator A blades has been mentioned and explained as a plan-

An analysis of the hub endwall flow starts best with Figs. 8 anfdrm effect of the aft-swept bladéplus a contribution due to the
9 for ¢=0.45. By comparison it may be seen that both configurarean-line change Now, by inspection of the right side pictures
tions develop a classical secondary flow superimposed on a pni-Figs. 9 and 11, nonaxisymmetric stream surfaces may be seen
mary flow. At about the end of the entrance region, the endwadl exist in stator K[13], thus indicating a new secondary flow,
boundary layer is separated in stator A, as well as in configuratisimilar to the classical secondary flow, but opposite in direction.

K, with the important difference, however, that A a vortex— The new secondary flow is again a planform effect and has a
with a spiral point at the hub—is established, which is not so in ktrong influence on the net amount of secondary flow in stator K.
The vortex in A has a strong influence on the downstream flow, A good description of the new secondary flow has been given
which is, due to the vortex induced velocities, partly reversday Place and Cumpsfi14] in a discussion on Sasaki and Breugel-
between the cross-passage attachment line and the spiral pointnemns[14]: “Over the forward part of the blades, the backward
K, without a vortex in the passage, there is no backward flow bsiveep induces flow near the suction surface toward the endwall,
forward flow only throughout the passage. (which can be seen nicely in Fig. 9 of the present pgrjaed

With decreasing flow rate, the hub endwall flow deteriorates induces flow near the pressure surface away from the endwall.
stator A as well as in stator K, in K, however, to a much smalléFhese changes to the spanwise flow oppose the classical second-
extent than in A, which follows from Figs. 10 and 11 for theary flow created by turning the increasing endwall boundary layer
special flow rate 0.37 and from Fig. 3 for all flow rates betweewithin the blade passage, and therefore reduce the cross-passage
design and stall. Figure 10 shows backward flow in stator flow of endwall fluid toward the suction surface.”
throughout the passage between outlet and inlet while Fig. 11 forA corresponding sketch with a shear stress line on the suction
stator K indicates backflow in a small region only, similar to statand pressure side of an aft-swept blade, with a real and a mean
A at ¢=0.45 in Fig. 8. stream surface, showing the classical and the sweep induced sec-

Figures 8 to 11 show the experimental results, which are andary flow is presented in Fig. 12.
close agreement with the expectations at the beginning of theFurther inspection of the right side pictures in Figs. 8-11
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Wake Measurements. Detailed radial-circumferential mea-
surements of the dynamic and static pressure and the flow direc-
tion (yaw and pitch were made at the stator inlet plane “360
mm ahead of the stator leading edge at midspan heagid at the
stator exit plane “6” (90 mm aft of the stator trailing edgeThe
measured velocities were resolved into components in &xjal
radial (r), and circumferential®) directions. Contour plots of the
normalized axial velocity ¢s,/Cg,) at the stator exit plane are
shown for stators A and K in Figs. 13 and 14, respectively. Con-
tour plots of the axial velocity may be used to identify possible
regions of high blockage and losses.

A passage vortex and a moderate corner stall are the important
phenomena of stator A and K exit flow fer=0.45 in Figs. 8 and
9. Downstream of the stator these phenomena combine to a single
one as indicated in Figs. 13 and 14, that is, to a single vortex with
an axial velocity distribution as shown in the contour plots. The
hub boundary layer is extremely thin, in stator A as well as in K.
Lowering the flow rate tap=0.37 results in a similar growth of
the hub corner stall in stators A and (Kee Figs. 10 and 110n
the other hand the simultaneous development of the hub endwall
flow is known to be different in stators A and K. While stator A
(with a conventional bladingdevelops a severe wall stall, stator
K (with a new blading shows little change of the endwall flow,
apart from a small amount of reverse fl¢gee again Figs. 10 and
11). In stator A, the wall and corner stall generates a substantial

Fig. 13 Axial-velocity ratio behind stator A amount of endwall blockag@=ig. 13), which is completely miss-
ing in stator K(Fig. 14), although the endwall loading is as high,
and the de Haller number as low as in stator A. On the other hand,
there is also blockage in stator K, caused by the passage vortex
shows hub corner stall for stators A and K, growing dramaticalignd the corner stall, which do not combine to a single feature. All
with decreasing flow rate. This happens in stator A with a forwairid all there is less blockage in stator K than in stator A and this
(against axial flow directionmoving stall point and a following leads to an increasingly better performance with decreasing flow
separation line, which remains roughly parallel to itself, and irate of stage K compared to stage(gee Fig. 3.
stator K with a fixed beginning of the corner stall and a following
separation line, which becomes increasingly inclined toward t :
blade axis. The resulting stall zones are different in shape but h}\?‘émmary and Conclusions
nearly the same size. The flow direction in the stall zones is fromAn experimental investigation, with theoretical support, has
radial to axial reverse and vice versa and has its origin on the hia@en carried out to analyze the blade and hub endwall flow in two

or on the pressure side of the blades, respectively. different stators of a highly loaded single-stage axial-flow low-
Allin all there seems to be much less effect of sweep on corngpeed compressép=0.45, y=0.6, v=0.55. Design point diffu-
stall than on hub endwall flow and stall. sion factor(D) and de Haller numbe(DH) of the critical hub

section ardD =0.6 andDH =0.56 for both stators. The first stator
(A) is a conventional design with blades of rectangular planform
and NACA 65-series thickness distribution on A10 mean camber
lines. The second stat@K) is an unconventional, more advanced
design with blades of special planform, characterized by an aft-
swept leading edge with increasing sweep angle toward the hub
and casing combined with an unswept trailing edge, again with
NACA 65-series thickness distribution, this time on circular arc
mean camber lines.

An analysis of the experimental results, that is, the stage char-
acteristics, hub and blade pressure distributions, oil flow pictures,
and contour plots of the axial velocity at the stator exit shows an
increasingly stalled hulgcovered with reverse flowin stator A
and an unstalled hubwith negligible reverse floyvin stator K
with decreasing flow rate. This result is partly due to the success-
ful implementation of sweep into the blade design and partly due
to the reduced curvature of the mean camber lines. Further analy-
sis shows increasing hub corner stall with decreasing flow rate for
both stators A and K. In stator A, wall and corner stall together
generate a substantial endwall blockage, which is completely
missing in stator K, although the endwall loading is as high and
the de Haller number as low as in stator A.

With less blockage overall in stator K than in A, stage K shows
an increasingly better performance than stage A with decreasing
flow rate.

Nomenclature
Fig. 14 Axial-velocity ratio behind stator K See definitions in Fig. 1 and Tables 1 and 2.
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Kinematic Analysis of 3-D Swept
Shock Surfaces in Axial Flow
Compressors
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Beijing 100083, P. R. China types of high loading swept blades are under intensive study. So, in both direct and
e-mail: PShan@buaa.edu.cn inverse design methods and experimental validations, an accurate grasp of the sweep
characteristic of the blade's 3-D swept shock surface becomes of more concern than
before. Associated with relevant blading variables, this paper studies the forward and
zero and backward sweeps of shock surfaces, defines and resolves every kind of useful
sweep angle, obtains dimensionless sweep similarity factors, suggests a kind of method
for the quantitative classification of 3-D shock structures, and proposes the principle of
3-D shock structure measurements. Two rotor blade leading edge shock surfaces from
two high loading single stage fans are analyzed and contrasted. This study is the foun-
dation of the kinematic design of swept shock surfadé€sOl: 10.1115/1.1370159
Introduction is strongly inhomogeneous in front of and behind a three-

Since the 1980s, the design strategy of swept blades or SW‘glémensional(&D) cascade shock, so it generates a direct shock
' netrating loss and many kinds of indirect viscous losses. Third,

aerodynamics has been an important technique for the devel . - h

; - : e controlling principle of the aftershock flow is no longer a
ment of modern high Iouadlng _aX|a| compressors and fans. Wevr\]/-edge deflecting flow but a radial-equilibrium flow. So, in addi-
nerstrom([1] stated that “a variety of attempts were made to e.ﬁon to the reduction of a direct loss, an optimum 3-D shock sur-
ﬁl(?tgbtgssf (?Cnecsesptov;l]léhrl)r;ottt;lzml S\jvsaosstﬁgtdalngu?gts)'er’\gn;t;nnf;t\g;ac_e should suppress every kind of mixing loss generated in the
ply swept a leading edge in a linear manner.” Nowadays, marywnstream primary flow due to the shock-induced intensive in-

types of supersonic forward or backward sweep blades and var, ‘omogeneous velocity and pressure. Minimizing the total sum of

S e . D .
) . ) - ock losses is this paper’s intention in 3-D swept shock studies.
which employed a variety of leading edge spatial curves a %;I\&lioting the following ideas is helpful for one to grasp the kine-
atl

achieved much higher performances, have been designed or teﬁli ¢ analysis. A forward/zero/backward sweep of a shock sur-

2,3]. Even so, it has been difficult up to now to indicate certainl ; : . . ;
1Eor JNhat purpose what kind and egtent of leading edge swe ce should be judged from the viewpoint of a relative motion
should be used. The mechanisms of sweep on the supersonic flo fveen a flow and a shock, because a resultant physical flux

field should be further investigated, and the application sche

formulated. It is thought reasonable to divide the issue into kmvécéor to the relative incident flo6]. Quoting the original use of

matic and aerodynamic analyses, and develop the associated 4f aerodynamic sweep angle[7], we call this kind of 3-D
progressive studie$4]. Part | concerning the helical surface hock f d : c v th
model (HSM) was offered by Shan and Zhd#]. shock surface sweep an aerodynamic sweep. Consequently, the
sweep of a leading edge spatial curve onto the meridional plane is
. called a meridional sweep, or a formal sweep of the leading edge,
Features of Turbomachine Sweep Shocks because it serves only as an influencing factor of the aerodynamic
The swept leading edge of a blade is mainly used to reduce #®eep. Though, by taking into account the flow’s relative motion
Mach number component normal to an oblique leading edgeward a leading edge, a concept of the leading edge curve aero-
shock surfacéLESS), in addition to its boundary layer controlling dynamic sweep has been analytically defifig}l to the idea and
effects in subsonic flow fields. The appearance of shock is notgaalytical purpose of the aerodynamic sweep of a shock surface,
profitless thing, since a shock offers a strong gain in loading amigis leading edge curve sweep should also serve only as a kind of
pressure. A double-shock system consisting of a LESS andfoamal sweep.
downstream passage shock also naturally offers a stall margin. In
fact the swept leading edge directly controls the structure of every

shock surface. However, in this kinematic analysis attention [Sefinitions of Shock Surface Sweep Angles

paid first to an arbitrary single shock surface, and the result is not_ . . .
subject to the patterns of shock systems. Taking a model compressor with a steady, axisymmetric up-

The sweep aerodynamics of turbomachinery is not the sameS§&am flow and a shock system, one obtains the undisturbed up-
that of an airplane. First, the task of the compressor cascade i$tgam velocity distribution and two kinds of its non-complete
load and compress, so the pressure difference between the up fRRS:
downstream of the cascade is great, while that of the wing is Wy (1) =Wy, (1€ +Wye(r)e.+Wy,(r)e,
small. Second, due to rotation, the spanwise velocity distribution

Xtor penetrating a shock with its distribution is substantially
termined by the relative angle of the shock surface’s normal

=cp(r)e+[Cic(r)—rwle+cy (r)e, )
Contributed by the International Gas Turbine Institute and presented at the 45th
International Gas Turbine and Aeroengine Congress and Exhibition, Munich, Ger- Wl(r) =W1C(r)ec+wlz(r)ez (2)
many, May 8-11, 2000. Manuscript received by the International Gas Turbine Insti-
tute February 2000. Paper No. 2000-GT-492. Review Chair: D. Ballal. Cim(r)=cy (r)e+ci,(r)e, 3)
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Fig. 1 The leading edge spatial curve and helical surface radial g

model (HSM) generated on it relative
sweep

With a single parameter, the leading edge curve’s parametric

equations in the relative cylinder frame are definedrag. 1) ‘

r=r, 60=6(r), z=z(r) (4)  Fig. 3 The jump of a shock’s N, the left-running shock’s ap-
pellation

Concepts of Ten Kinds of Important 3-D Shock Sweep
Angles. The definitions below are for a right-running shock
specified by Shan and Zhd8] unless otherwise stated.

v IS the angle included between the normal vector of a 3-
shock surface on its poir® and the negative relative velocitya
—w; (Fig. 2). The subscript 8 means that complete 3-D relative
velocity w; of Eq. (1) is used hereys, is the real and largest
sweep angle at poirnP of a shock surface, and determines th
direct shock loss @P. Alternatively, when adopting a 2-B; in

g. (2), an approximate spatial relative sweep angle together
ith it two easily comprehensible projection sweep anglgson
2-D cylinder surface, ang,, on a 2-D meridional plane, are
three kinds of frequently used relative sweep angles. Here the
subscriptscr and rr denote circumferential relatively and radial
?elatively respectively.

Analogously, y3, is the angle included between the 3-D
shock’s normal vector on poiR and the meridional component
of the negative absolute velocity c;,,. The subscripti denotes
using an absolute velocityy,, is very helpful for judging the

->
N ﬁ) orientation of a shock surface in the rotating cylinder frame
(re e, le,). Alternatively, when adopting a 1-B,,,, by omit-
—W P ~Cyuk P ting the radial component in E¢B), an approximate spatial abso-
lute sweep angley,, together with its two projection sweep
Y % anglesy., on a 2-D cylinder surface ang, on a 2-D meridional

plane, are three kinds of frequently used absolute sweep angles.
When, e.g., poinP is on a leading edgey,, is approximately the
meridional sweep angle of the leading edge’s meridional projec-
tion z(r), the most familiar sweep angle.

Among the above eight kinds of sweep angles, six of them,
Yers Yirs Yas Year @andy,, are frequently used in design pro-
cesses. Why are only the projections of the approximate spatial
sweep angley, andy, used more? The reason is that employing
a projected sweep angle is useful both for obtaining a simplified
expression of the shock’s sweep head and magnitude in three
orthogonal coordinate surfaces and for approximately calculating
a direct shock loss. This paper also derived two projected circum-
ferential sweep anglegs., and y;., from the above two accurate
spatial sweep angleg;, and ys,, for they are more useful.

Yer

Domains of Sweep Angles and Sweep Angles of a Left-
Running Shock. As a cross product of two tangent vectoks,
always points from the downstream to the upstream of a shock
surface, in terms of the upstream/downstream of an absolute com-
ponentc,,k. When a right-running shock turns to a left-running
shock at the angle.,= 7/2 (Fig. 3), an upwind surface alterna-
tion of the shock must be encountered, together with a direction-
jump of N and, if using a HSM, a sign jump of the ascendent
function f(r). Considering this one can derive the domains of
sweep angles as

Ya,V3a€[0,7/2] (Having an angle jump
YearYacar Yra Y €[ —@/2,m/2]  for N jumping
Fig. 2 Definitions of six kinds of frequently used shock sweep Yer»Yacr Yr Yar €[ —m,7/2] within the domaink
angles (5)
Journal of Turbomachinery JULY 2001, Vol. 123 / 491
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Among these, there are half domains which are beyantl2, r=r
becauseg itself occupies a domain of/2.

According to the direction o, we now analyze the reasonable O=0(r)+o¢ (112)
and convenient appellation of a left-running shock’s sweep head.
Takey., as an example. A left-running shookO7, belonging to (=2 xe-f(N[—wie(r)/wa(r)]
the circumferential absolute “forward sweep” shoalo in Fig. _ T+
2, is assumed in Fig. 3. We call another left-running shogkn, 2r)+ - [21(n)]tanA(r)
an absolute “backward sweep” shock, though it has the negative h,=h;cog 6(r)+e]+h, sino(r)+¢]
value of the absolute sweep angleyig, e[ — 7/2,0], because this
shock is obtained by odd jumps of the shockis With ., in- =r{z' —[f(r)tanp(r)]6' +[f(r)tanB(r)]’ ¢}
creasing further and going into the positive domldinr/2] as the (12)

shockngO4, we still call it an absolute “forward sweep” shock.

Finally, by even jumps oN, it returns to a circumferential abso- he=—hgsin 6(r)+¢]+h, cod 6(r) + ¢]

lute “forward sweep” shockn O;. =f(r)tanB(r) (13)

hy=—r (14)
Direct Solution of the Exact Spatial Relative Sweep Physically,f(r) is a 1-D control function for the 2-D sweep char-
Angle acteristic of a 3-D shock surfacér, ¢).

From Eg.(1) for the cylinder frame, the parametric equation of
w, in a Cartesian frame is
Similarity Factors and Dimensionless Sweep Vector of

Wl(r):ng(r,(P)l“FWl,](r,(P)j+Wl{(r,§0)k (6) the 3-D Shock Structure
W1g(F, ) =Wy, (1) Co4 6(r) + @] —Wac(r)sin 6(r) + o] HSM Solutions of Sweep Angles. Introducing the normal
Wy,(r, @) =Wy, (r)sin 0(r)+ ¢]+wy(r)cog 6(r)+ ¢] vector of the HSM surface in Eq$12)—(14) into those formal

solutions in Appendix B, one obtains the concrete sweep angles

W(F, @) =Wi(r) which are associated with some relevant flow and blading vari-

) ables. Two dimensionless factors

so the spatial incident anglg;, of a relative flow toN is , , ,
Si(r,e)=2z'—[f(ntanp(r)]¢’' +[f(r)tanB(r)]'¢ (15)
cosyy =i N _ Wt Wa gl S(1) = F(r)/r tanf(r) (16)

P wlINL T W2+ w2+ w2, JhE+ h2 |
irm Tie BTz Ve T Ty T are found to control all the sweep angles. Six frequently used
B —tana(r)h,+tanp(r)h.—h; @® sweep angles are

Vtar? o(r) +tar? B(r) + 1yh?+hZ+h? Yia=Tan 'S(r,¢) yae[—m/2,m/2] (17)
where Yea=Tanm 1S(r)  yeael— wl2,m/2] (18)
B(r)=Tan [ —w;(r)/w,(r)]=0 9) ya=Tan 1S2r, @)+ SAr)  yae[0,m/2] (19)

a(r)=Tan Y{wq (r)/wy,(r)]=Tan Ycy(r)/c,(r)] (10) The plane containing, is

ys is laid in a plane having a normal directidix (—w;). For tan '[Se(r)/Si(r,¢)]  (S#0)

clarity and uniformity, this plane will be solved later by a linear F= ( g=c=constg=cz[

transformation method. SignSy(r) - m/2 (§=0)
gee[—m, 7] (20)
) i S(r,e)
A General Formal Solution of Sweep Angles 1 -
R Vi = Tan S.(r)sinB(r)+cosp(r) (Sctang#—1)

By developing a linear transformation meth@dppendix A), ]
first, related to the absolute velocity componeptk and to the SignS (r,¢) - m/2 (Sctang=—1)
wy,(r)-omitted relative velocity in Eg(2), we obtain six kinds of

frequently used sweep angles with their situated plaAppendix Yer €[ — wl2,7/2] (21)
B). Second, related to more spacial velocities in Ea;and(l), Yer=Tan 1Sy(r)— B(r)  ye e[ —m /2] (22)
two more sweep angles and planes are sol¥gapendix B. All
results are expressed in terms of coordinates and components of tanB(r)S.(r)+1
the shock’s normal vector. CcoSvy, = 5 5 yoel—m,ml2]
Vtar? B(r)+1vSi(r, @) +S2(r)+1
(23)
Review of the Helical Surface Model The plane containing is
The above general formal solutions of sweep angles can be _, S(r)cosp(r)—sinp(r) 0
embodied in any kind of analytical 3-D shock surface model sugh_ .= conslq;= an S.(r,¢) (57#0)
as the HSM. The HSM5] assumes a 3-D shock surface to be ¢ ¢ ) B
composed of a set of cylinder helixes which originate from con- Sign Se(r)—tanp(r)]-=/2 (§=0)
tinuous pointsO4(r, 6(r),z(r)),0,,04,... on theleading edge, Goe[—m 7] (24)
c ]

and stretch out rotationwise or oppositellfig. 1). With the
double parametensand ¢, the finite parametric equations and theSweep angles related to more spatial velocities in EB)sand (1)
differential form of the HSM are written as are
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Tan* Se(r) (S tano#1)
an —S,(r,¢)sino(r)+cosa(r)
YseaT ) yie[— m2m12] (25)
SignS,(r)- m/2 (S tano=1)
Tan! =(1) tang+# 1
an —S,(r,¢)sino(r)+coso(r) Bn(r) (S tano#1)
Y3cr= Yacer € [7 7_[.'7_[./2] (26)
SignS,(r) - m/2— B(r) (S tanoc=1)
1 —tano(r)S,(r,e)+tanB(r)S.(r)+1 [ 2] @
Ccos r= r —ar,
7 Jart o(r)+tarf B(r)+1 VS2(r @)+ SA(r)+1 sty
The plane containing, is
- e —[—S,(r,go)sino(r)+0050(r)]sinpm(r)+Sc(r)cos,Bm(r) (S, +tano+0)
F=| g.=consig.= Si(r,¢)cosa(r)+sina(r)
Sign S¢(r)—tanB(r)]- m=/2 (S +tano=0)
gee[—m 7] (28)
I
where N-di1=(h,e+h.e+h.e,)-(edr+erd®+e,x0)
=h,dr+h,d®
B(1) =Tan [~y (1) \WEL () T W) N
_ =(—hy)Sdr+(—h,)Srd®
=Tan {tanB(r)coso(r)]=0 (29)
=(—h)(S,S)(dr,rd®)’
and B(r) and o(r) are given by Eqs(9) and (10). Equations =—h;N-d1 (34)
(15—(28) may be called analyzing equations for the shock’s spa-, def
tial sweep angles and their projections. where we define a vector
Nc=(S ISC)T (35)

Derivation of Sweep Similarity Factors. The fact that all
analytical results for shock sweep angles are only functior® pf
S., B, and o should be very meaningful. Combining Eq42)—
(14) yields

h/(=h)=S5(r.¢) (30)

he/(—h)=S8(r) (€1Y)

In fact the two equations have revealed the original kinemat
definitions ofS; andS;. So, to a certainty, in sweep aerodynam

ics, for a general 3-D shock structure independent of models, th
exist a dimensionless radial sweep similarity factor

S(r,®)=h./(—h;,)=(h;cos®+h,sin®)/(—h,) (32)
and a dimensionless circumferential sweep similarity factor

Se(r,®)=h./(—h,)=(—hsin®+h, cosd)/(—h,) (33)

HereSmeans sweep. Equatioft5) and(16) are therefore special
forms of S; andS; in the HSM. Equation$17)—(28) also suit a
general shock when only substitutigy(r,¢) andS,(r) with S,
ands;.

Essence of Sweep Similarity of Factors and Sweep Vector.

Noting that there is a component rat® /S.=h, /h,, we can
designateS, andS; along directionse, ande. respectively. This
makes the definition d,; reasonable. S, lies within a plane
{=const(Fig. 4), and is a dimensionless vector normed by the
N’s negative axial componenth, [Eq. (34)]. N, may be called

the dimensionless axial normed sweep similarity vector of a gen-
eral 3-D shock surface, or briefly, the sweep vector. The direction
or the component values of,. subject only to the relative mag-
nitudes of theN’s componentd,,h, ,h,, i.e., to the orientation

of a frame. This is consistent with the fact that sweep magnitudes
Teflects only the relative orientation of a shock surface to coordi-

nates coincident with the incoming flow. Consequently, in es-

%reence, we know,., with S, andS;, to be “observed variables”

which are not identical to the first or second category variables of
a curved surface.

Converting Between Sweep Vector and Normal Vector.
Substituting a unit normal vectan= (h.i+h,j+h/k)/|N| into
Egs. (32 and(33), one obtains the sanf® andS;. This means
that a sweep vector is subject only to the direction and not to the
norm of the normal vector. Equatior{82) and (33) convert a
normal vector into the sweep vector. Reversing them one obtains

he/(—hy) =S, cos®—S;sin® (36)
h,/(—h,)=S; sin®+S; cos® 37)
—h,=|N|/\/SF+Si+1 (38)

Significance of Sweep Similarity Variables

On the axial plan€(r,®)=const a turbomachine, any projection Decomposed radially and circumferentially from a sweep vec-

of a shock’s normal vector on a differential elemddtof a planar
curve can be written as

Journal of Turbomachinery

tor, S; and S; are the ratios oh, ,h;,h,, which are along the
gradient directions of the independent variakiesnd ® and all
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running shock and a sort of sweep angle, must be prescribed.
Following is a classification of all 3-D shock surfaces according to
their sweep heads. This classification is performed first on the
right-running, then on the left-running shocks. The classification
is found generally identical with that according to the sign
value of S, andS; or the quadrant oN,. . It makes the analysis

or design of a 3-D shock surface a clear and operable task.

Classification Based on Radial or Circumferential Sweep
Head. In Eqgs.(39) and(40), S, is the controller of the radial

. : sweep head.
a. Point P on shock surface and P ‘
turbomachine frame O§nC,0§n§,0r<DC <0 (S,<0) Radial absolute forward sweep shock
Yy =0 (§=0) Radial absolute zero sweep shock
. direction >0 >0) Radial absolute backward sweep shock
Curved shock (5>0) P
(39)
A _’i‘_c"ln_ <0 (§<0) Radial relative forward sweep shock
[ M YVer| = (S;=0) Radial relative zero sweep shock
ne Plr.e.O) >0 (S,>0) Radial relative backward sweep shock
- \Plane (40)
' ¢ =const. Likewise, S is the controller of the circumferential sweep head:
G ¢ <0 (S:;<0) Circum. abso. forward sweep shock
b. Plane £&-1 ¢. Plane £-N,. Yeal =0 (Sc=0) Circum. abso. zero sweep shock

. . . > > i . .
Fig. 4 The meaning of the sweep vector N . with its compo- 0 (S>0) Circum. abso. backward sweep shock

nents S, and S, of a 3-D shock surface and the relation of the (42)
sweep vector to the normal vector <0 (S,<tgB) Circum. rela. forward sweep shock

Yery =0 (S,=tgB) Circum. rela. zero sweep shock

the flow’s aerodynamic variables. This indicates that as in turbo- >0 (S;>tgB) Circum. rela. backward sweep shock
machine through-flow theories, for the shock’s kinematic and (42)

aerodynamic variables, taking their meridional orthogonal compo- e . .
y 9 9 P Classification Based on Spatial Sweep Head.On pointP,

nent resolutions is also the most advantageous method. h 4 the incid loci d the si d olsnef
N, S, andS, afford a decisive control on a shock’s sweefn€ N and the incident velocity crossed the situated pléne

characteristic. With different blading methods or leading edg&9!€ ¥a Or ;. Within F we can define a forward or backward
curve shapes, the sweep characteristics of two points on differef€Pt ShocKsee, e.g., Fig. @)], while F itself is located at the
shock surfaces must be the same under the conditiorSthand anglegc on the=p_lar_16 normal to the incident velc_)cny. But by the
S, and the flow directiong8 and o are the same. Further, theyMagnitude ofg; it is not convenient for us to image the 3-D
must not be the same wh& and$S, are not the same. Sb,. is deflection of an after shock velocity. Alternatively, as the control-
. . Sbl, : n e .
a controlling vector of the sweep characteristic including the efld factors ofg in absolute spatial sweepEq. (20)], S, ands,
fect of leading edge sweeps. are two stralghtfor_ward pointers for thls de_flectlon. Aldy, is
Further comprehension can be gained by taking the HSM as hglpful for us to dlrgctly image th_e orientation of a complete or
example. Equation&l5) and (16) reveal that for a certain distri- |0c@l shock surface in turbomachine coordinates.

bution rule ofS; and S;, infinite kinds of leading edge curves ( (+,+)T (N,. Locates at quadrant)l

6(r) andz(r) can be chosen. This implies that only the distribu- .

tion of S, and S, is important for the classification of 3-D shock Radial absolute backward sweep
surfaces, though many kinds of slightly different leading edge circum. absolute backward sweep
curves can be employed. To some extent, what is being pursued is T

an optimum shock category, and the concrete leading edge curve (=+)" (N Locates at quadrant JI

can be released from an intensive study and design. For example, Radial absolute forward sweep

two nearly equivalen§, andS; distributions of the LESS can be

afforded by a slightly meridional forward swept blade or a nearly (S,5)T—

meridional zero sweep blade. But the latter is better for solving "~ '~°

the blade’s strength problem. In modern high loading fans with a

strong shock system, this kind of problem is often encountered. Of

course, the only consideration here is shock control. circum. absolute forward sweep
For a 3-D shock structure measurement, when any two angles AT

in Egs.(17)—(28) are measured, all angles and structure variables, (+:7)" (Nrc Locates at quadrant [V

circum. absolute backward sweep
(—=,—)" (N, Locates at quadrant I)I
Radial absolute forward sweep

especially the importangs, , can be calculated in terms 8f,S; . Radial absolute backward sweep

L . \ circum. absolute forward sweep
Sweep Characteristic and Shock Structure Classifica- (43)
tion

whensS; or S; or N, equals zero, we have a radial or circumfer-

The sweep characteristic is a joint appellation for the sweemtial absolute zero swept shock or a loalconst shock plane,
heads and sweep magnitudes of a shock surface. To obtainespectively. As to relative spacial sweepg, andy,, serve most
sweep characteristic, two necessary conditions, a right- or lefencisely as the two pointers:
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(+,+)" Radial relative backward sweep )—J[\L\
CCh2 cCp 1
circum. relative backward sweep Q Q

\

X Lase,sl'ee \
r

Laser 1 AN

(—,+)" Radial relative forward sweep ~

cirum. relative backward sweep

\

.
(er Yer) = (—,—)7 Radial relative forward sweep

. . Trigger
circum. relative forward sweep

(+,—)" Radial relative backward sweep

circum. relative forward sweep
(44)

The relative spanwise sweeps are considered in here.
. For 3-D incident Ve.IOC|t|e$Eqs.(1) and(3)], Sho.Ck Class!flca- Fig. 5 One plan to use a one-point—two-directions scheme of
tions can not be as simple as that stated by radial and circumfgia ek structure measurement

ential sweeps. But expressions like Ed4) are also useful.

Classification for a Left-running Shock Surface. Simply,
in Egs.(39)—(44) substituting all the statements “circumferential
forward/backward” by the statements “circumferential backward/
forward,” we obtain a new set of equatiof39)—(44) as the clas-
sification system of a left-running shock surface.

Experiment Scheme of 3-D Shock Structure

The 3-D shock structure measurement might be carried out ac-
cording to the relations described in Eq&7)—(28). This mea-
surement is independent of whether a shock model is added or
not. The task is obtaining sweep characterishics on the shock
surface points, then transferring to all interesting variables. The
laser techniques such as hologragBgnser et al[9]) and par-
ticle image velocimetry are thought suitable for the measurement.

One-Point-Two-Directions  Scheme. N. on point 0
P(r,®) of a shock surface can be calculated under the condition
that two absolute sweep angles on any two profiles passifil§- 6 Principle of a two-points—one-direction scheme of
through pointP is measured out. Referring to Figs. 4 and 5, her@l1ock structure measurement
we take an absolute franferc{, then cut the shock surface Rt
along any two directiont? andL3 within the plane Rr, then on
the two cut planes perpendicular to this paper, we photograph two
sweep anglesy;, and vy,, included between planBrc and the IS (r,@) de=[f(r)tanB(r)]" =[rSc(r)]’ (50)
shock surfac andy,, are in fact two projections of, . Thus
the projectede)éguatiozéaqfa and its solufi)onJ are Fe 9S(r)lde=0 (51)

cogL%,r)-S +sin(L%,r)-S.=tany, So fromS;; andS;,, four more variables can be calculated:
1 1 a
45 =
cogLY 1) S +Sin(LS,r)- Se=tanys, @9 s(r.09=s,
Sr=[sin(L° r)tanyla—sin(L(l) r)tany,, /s, - (23— 21) = 11Sc1 (0= 01) + (1 2Sg—11S) (P1— 61)
]
S.=[—cogLY,Ntany;,+cogL? rtany,,l/s;,  (46)

— oj 0 _ 0 0 0
s=sillte D= (L0l (LixLz#0) S(11.92) =S10= .1+ IS (1, @) dpto=S1 +[1S(r)] d
Four angles” (LY,r), y1a, £(LY,r), andy,, need measuring in

this scheme. One plan is illustrated in Fig. 5. ~ St (F2Se2 = 11Sc) (P2 = @)/ (rz=1y) (53)

Two-Points—One-Direction Scheme. This scheme makes ~— Sc(T1,®)=Sc[r1,6(r1) +¢@]=S(r1) =S
use of the circumferential direction and employs the HSM. Much

(52)

. . . 0 =tanyica (any @) (54)
like the above scheme, on poiRt(r,,¢4) (Fig. 6), we takelL
along the (l:ircumft?]rengaltgirection and photographfthe absolute S (r,,®)=S,=tany,., (any ®) (55)
sweep an ; then do the same on poiRL(r,, or . i . i
Thus the gr?)/jlééted equations are POIRL(2, #2) fOr Yzca: 116 relative ascendents for embodying this HE&. (11)] are
Nre1-L9=(S/1,S)[cog 7/2),sin(7/2)]T= S, =tany;ca [f(ntanp(r)]i = =riS;=ritanyia (i=12)  (56)
47
@7 It is noted that by using the HSM, measuring on two points at
N,Cz-ng(Srz,Scz)[cos{wIZ),sir(WIZ)]Tz Sco=tanysc, different radii, we can obtain two complete sweep vectors on
(48) points P, and Py, of the same radius. The precision drops a
On the other hand, from Eq&L5) and (16) we have little, but the test efficiency increases when compared with the
' first scheme. In practice this can be used as a
S(r,o)=2z"—[rS¢(r)]6"+[rSc(r)] ¢ (49) (n+1)-points—one-direction scheme to obtaim Zomplete
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sweep vectors with no error accumulation but a precision rise of 022 85
S, . It is a pity that the leading edge cun#r),6(r) must be H
given. 021 8 ‘H
)
Two Engineering Examples for a Leading Edge Shock 02 15
Surface
The structures of two sweep leading edge shock surfaces are0.19 7t
analyzed here using the HSM. Example 1 is a single stage high
loading fan ATS-2 with backward swept rotor blad€gy. 7). The 0.18
fan, as a research stage with a zero preswirl inlet flow, was de- 6.5
signed in 1994-1995 by the Department of Jet Propulsion, g 17
Beijing University of Aeronautics and Astronautics. Now it is 6l
under experiment. Detailed information about the modeling of its 0.16 -
LESS was placed by Shan and Zh@&J. In Fig. 8, on the planes y
&, ¢, and &7, it shows the shock’s approximate meridional, 551}
approximate radial and exact axial projections respectively. The 0.15
0.14 3
025 —
EE=ace: = 0.13 457
o b ! =5 =22 e
0.12 47
o1 -
oo |- 0.11 35}
ol
F 0.1 I 3 |
008 b et et anes
04 035 £3 025 02 015 01 Q05 O 005 01 o615 02
om i l i l 1 l i I |
Fig. 7 Through flow calculating station, streamline, overall de- 003 004 005 0.06 0.07 z’i.l 16 2.1
sign data of ATS-2 single stage backward swept fan a. Fan ATS-2 b. HTFC
Rotation speed 21500 rpm Fig. _9 Distributions of the sweep vector N . of two rotors’
Unit mass flow (By CFD)  173.08  kg/m¥s leading edge shock surfaces
Unit annular mass flow 208.66 kg /m?s
Mass flow 26.32 kg /s

axial projection is held by two radial lines to show an increasing

Pre.ssur.e rat'.o. 2.252 backward sweep of the shock points that are gradually farther
Adiabatic efficiency 0.8855 from the leading edge. On the axial projection it can also be seen
Diameter 0.44 m that, originating from the leading edgsb, the shock surface is

right-running at the lower half shock span and, by passing through
the intersecting point of the leading edge curve with the shock
impingement loci on the suction surface, turns left running at the
higher half shock span.

The distribution of the sweep vectbdl,. is showed in Fig. &)
by arrows. In Fig. a) the absolute velocities penetrate into this
paper. With different incident angles, the relative velocities also
penetrate into this paper at the right-running shock while they
penetrate out of at the left-running shock. First, cutting the shock
surface along an arrow can expose the spatial absolute sweep
angley, at this point. From this angle and by the regular varying
of the N, direction, one can easily grasp the shock’s orientation
in a turbomachine frame. Second, displayed by the radial and
circumferential components ™, [Eq. (43), Table 1, the right-
running shock surface takes the absolute sweeps backward in cir-
cumference, forward at the left-lower corner in radius, and back-
ward at the right-upper corner in radius. The left-running shock
takes also the absolute sweeps backward in circumference and
mainly forward in radius. Third, because beyond the 80 percent
Fig. 8 Leading edge shock surface and three of its planar pro- span the blade’s weight Ce_nter IS de_flecte@-wse purposely,
jections of ATS-2 fan’s rotor with the result that the leading edge tip poinis drawn into the
passage, a local radial absolute backward-swept shock is formed
above 19th stream surface, as seerNpydirections there.

The concept of the absolute sweeps helps one lay or form a

Tip speed of leading edge 495.32 m /s, M1.661, positive #»

Blade numbers 14 shock surface imaginarily in space, while the relative sweep con-
Leading edge total span r  0.09080~0.22 m cept is associated with direct and indirect shock losses. Figure 10
Leading edge shock span r a: 0.1216~b: 0.22 m shows the distributions of three radial relative sweep varia®les
Shock running root right  ~tip left vir» andys, . First the left-running shock takes mainly a radial
496 / Vol. 123, JULY 2001 Transactions of the ASME
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Table 1 Distributions of S, and S, of ATS-2 fan’s leading edge shock surface

Stream 1 (¢=0) 2 3 4 5 6 7 8 9 10 Se(r)
21 0.170 —0.076 —0.322 —0.568 -0.814 —1.06 -1.31 —1.55 -1.80 —2.04 —1.86
20 0.217 0.139 0.061 —0.017 —0.095 -0.173 —0.251 -0.329 —0.407 —0.485 -2.22
19 —-0.287 —0.380 -0.472 —0.565 —0.658 —-0.751 —0.843 —0.936 -1.03 -1.12 -2.39
18 -0.711 —0.820 —0.929 —1.04 -1.15 -1.26 —1.36 —1.47 —1.58 —1.69 —2.60
17 -0.767 —0.898 -1.03 -1.16 -1.29 —1.42 —-1.55 —1.68 -1.81 —-1.94 —2.85
16 —0.784 —0.948 -1.11 -1.28 —1.44 -1.61 =177 -1.94 -2.10 —2.26 -3.19
15 —0.886 -1.10 -1.31 -1.52 -1.74 -1.95 -2.16 -2.37 -2.59 -2.80 -3.64
14 -1.02 -1.32 —1.63 -1.93 —2.23 —2.53 —2.84 -3.14 —3.44 -3.75 —4.33
13 -1.29 -1.70 -2.11 —2.52 -2.92 -3.33 -3.74 —4.15 —4.56 —4.97 —5.50
12 -1.20 —1.98 —2.76 -3.54 -4.32 -5.10 —5.88 —6.66 —7.44 -8.22 —7.52
11 -0.794 —6.75 -12.7 -18.7 —24.6 -30.6 -36.5 —42.5 —48.4 —54.4 —13.06
10 12.1 13.0 13.9 14.8 15.7 16.5 17.4 18.3 19.2 20.1 152.89
9 0.105 0.421 0.738 1.05 1.37 1.69 2.00 2.32 2.64 2.95 7.48
8 —0.060 —0.005 0.050 0.105 0.160 0.214 0.269 0.324 0.379 0.434 4.78
7 -0.175 -0.114 —0.053 0.008 0.069 0.130 0.191 0.252 0.313 0.374 4.62
6 —0.250 —0.188 —0.126 —0.065 —0.003 0.059 0.121 0.182 0.244 0.306 4.42
5 -0.32 —0.259 —0.203 —0.148 —0.092 —0.036 0.020 0.076 0.132 0.187 4.21
4 —0.447 —0.400 —0.353 —0.305 —0.258 -0.211 —-0.164 -0.117 —0.070 —0.023 4.04

relative backward sweep with a large area of negaSiyeand plains that the relative sweep head of a shock surface is not sub-
positive y,, . As for the right-running shock, in the upper rightject only to the leading edge meridional sweep head. The sweep
corner it also takes a radial relative backward sweep with positiebaracteristic of a shock surface braced by a leading edge curve is
S, andy,,, and in the lower left corner a radial relative forwardsubjected to four groups of variables: the position on the shock
sweep with negativés, and y,,. Second, on a large part of thesurface, the spatial formation of the leading edge curve, the direc-
left-running shock span, the gradients of the three variables poiitn of the relative incoming flow, and the shape of the element
in the circumferential direction. Because in formulas the sweerfoil suction surface entrance region curve.

similarity factorS; and the incident flowg and o are all func- An infinite discontinuity point off (r) is encountered due to the
tions of r and independent op, these gradients provide strongright- to left-running jump of the shock, with jumps of the abso-
evidence that, by varyin@, , the circumferential independegt Iute sweep variableEgs. (11), (15), and (16)]. This will not
exerts a decisive influence on the radial sweep characteristic atisturb the solution when introducing any suitable treatment for
finally on the spatial sweep characteristic. The small aspect ratf@ transition of the derivativef gan)’.

compressors efficiently share this pattern of employing a largeExample 2 is the HTFC rotdr.0,11], with a small aspect ratio
interblade angle to generate a significant radial backward sweypid a not emphasized, only 5.6°, leading edge curve relative back-
shock naturally. From the viewpoint of suppressing the indiregiard sweep. The rotor tip Mach numbers of HTFC and ATS-2 are
shock losses, whether this circumferential distribution of an imostly the saméFigs. 8 and 11 As seen from Figs.(®) and 12,
creasing radial sweep is advantageous remains an unsolved agremooth sweepless leading edge curve and a smooth flow field
dynamic issue. Third, also because the inward tip pbidtawn design of the HTFC afford a LESS with smooth distributed sweep
by the tip weight center deflexion, there appears a significaméctors and sweep angles. Above painthe left-running LESS
change in that those gradients near the tip shock span becasiees the absolute sweeps backward in circumference and forward
radial pointing. Associated with this stronger change, in the neiar radius, and simultaneously takes the relative sweeps backward

leading edge region that forms a local radial relative forwarih circumference and backward in radius. Below pairthe right-
swept shock surface with,,=0°——5.1°. This fact again ex-

waw,
TR

4____
e
Y
=

~

Fig. 11 Leading edge shock surface and three of its planar
projections of the HTFC'’s rotor

Radial sweep Radial relative Spacial relative

Tip speed of leading edge 457.2 m/s, M1.658, positive #n
similarity factor S, sweep angle v, sweep angle y;, Blade numbers 20
Leading edge total span r 2.65~8.50 inch
Fig. 10 Distributions of three major sweep variables of ATS-2 Leading edge shock span 1 a: 4.75~b:8.50 inch
fan’s leading edge shock surface Shock running (Defined by frame in Fig. 1 )  root right ~tip left
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increased indirect shock loss due to shock induced mixing and
radial-non-equilibrium. This requires a reasonable pursuit of a
minimum total shock loss shock design. The first step of this
might be the kinematic analysis and design of a general shock
surface. The aerodynamic analysis of the near shock flow field
will be discussed in part Ill of this study.
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Appendix A: Linear Transformation Method for a Gen-
eral Sweep Angle

The solving of every kind of sweep angle can be concluded as
an issue “the projection anglg: of the angley included between
two planes onto the third planE.” F is the projection plane,
while yx means the angle withifr and included between two
intersecting lines of with the two planes. Since an intersecting
line is perpendicular to both planes’ normal vectors, we can use

Radial sweep Radial relative  Spacial relative two cross products to obtain two intersecting lines, and then their
similarity factor S, sweep angle y,, sweep angle ¥, including angle:
Fig. 12 Distributions of three major sweep variables of the Ne=NXxng=(hd-+h,j+hk)xne (A1)
HTFC's leading edge shock surface —Wyp=—W,XNp=— (ngi +W1,7] +W1§k) XN (A2)
c0SyE=Ng- (—wW1g)/(|Ng|[ —wyg|) (A3)

running shock takes the absolute sweeps backward in circumfghus here we take a local shock plane and a negative relative
ence, the upper region backward in radius, and the lower regifidw’s normal plane as two example planes, @i any plane.
forward in radius. Simultaneously it takes the relative sweepote thaty is also the angle included between two planes’ normal
backward in circumference, the upper region backward in radiugctors, andyg the angle included between two normally pro-
and the lower region forward in radius. The aerodynamic issuesjgtted vectors of two planes’ normal vectors oft¢Fig. 13. By
these examples will be discussed in the successive papers. the rule of the cross producNg,—w; are all within F. The
solving of y¢ is simplified in uniformity below.

Concluding Remarks __As a first step, we establish a first new Cartesian frame
(i,j,k), whereng is one of its basis vector, e.qnz=1. Thus the

(1) The radial/circumferential/spatial absolute/relative forwar o' normally projected vectors onfoand ye can be expanded as
zero/backward sweeps of a general shock surface can be quantr-

tatively investigated in uniformity. The sweep vectbk,. is i j K
formed by its radial componei$;, and circumferential component — - -
S., with S, and 'S, respectively reflecting the shock’s radial andNe=(NXng)[o=(NXi)[c=| h, h, h,|=(hj—hk) =Nk
circumferential sweep characteristh,. or S, andS; exist inde- 1 0 0
pendently of shock models, and have a decisive control effect on (Ad)
the 3-D shock surface’s local/integral structure and the resultant . -
shock interrupted main flow field, so are also called dimensionlessw; = (—w; Xng)|o=(—W; X i)[g= = (W] — Wy, K) = — Wit
sweep similarity factors. The spatial relative sweep angleis (AB)
called the aerodynamic sweep angle. -

(2) The shock classification can be performed according to the ~ €0Syg=—(hj —h, k) - (W —wq ,K)/(|Njl| = waje])  (A6)
signs or values of the sweep similarity factors. The blading in 2R~ is the coordinate oN on the 77 axis of O, etc. As a second

supersonic or transonic compressor should pursue an advanta-” traversing thjOK plane around thé axis, we have, e.gk
geous shock category and release the concrete leading edge cOrve’ rsing P = ' + €.0%
de with—w;jr, and we take&k= —w, /| —w;p| as a basis

from an intensive study. A leading edge curve can be mové&d'Mc! _ R/l
without varying the distribution rule of the sweep similarityV€ctor of a second new Cartesian frai@¢i,j,k); thus we can
factors. further expresgyg in

(3) By the linear transformation method, a set of general formal
solutions of sweep angles is obtained. With the help of the helical
surface model, a set of concrete sweep angles, which include the
influence of a swept leading edge on the leading edge shock’s
structure, is also obtained. Based on these, a real 3-D shock struc-
ture can be measured from a sheet-laser-beamed model experi-
ment or a CFD yielded flow field.

(4) Many examples indicate that the commonly used blading
techniques and a smooth forward/zero/backward swept leading
edge curve result in circumferentially pointing gradients of all the
shock’s radial relative sweep variables, except for special treat-
ments of a leading edge curve.

(5) Concerning the use of sweep, an excess and not pertinent
leading edge sweep tends to lead to a highly curved 3-D leadipg. 13 The projection angle  yr of the angle 1y (included be-
edge shock surface, with a suppressed direct shock loss, butheeen two planes ) onto the third plane F
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Ne=(h,j+hK)=Njg (A7) .
respectively, here
— Wi =] =Wyl R= | = Wyji| K= —wyj (A8) g =Vh2+h,2, Ge=tan %(h,/hy), G;=h; (B6)
. _ _ For the relative sweep angles,,, 7v., and y,, where
(hy+hk)-|—wijlk h; (ng| for y,,)=0%° X 0p°, the matrix is
COSyg= NG ~ = (A9)
Zll—wq = =
Il ik Vh,?+h? cog6+¢) —sinf+e) O][1 O 0
or, in another form, B=| sin(6+¢) cog6+¢) O0||0 cosp —sing
_ 0 0 1/LO0 sing cospg
ye=Tan *(h,/h,) (A10) (B7a)
Obviously, the issue of “the projection angle” has been con- .
verted in unity into another issue, “a transformation between two cos 6+ ¢) sin(0+ ¢) 0
sets of coordinatesh¢,h,,.h,) and (;,h,.h,) of the sameN in B~ l=| —sin(#+ ¢)cosB cog #+¢)cosB  sing
two Cartesian frame®(i,j k) anqu(T,I,IZ)_. ” This new issue is sin(+¢)sinB  —cod 0+ ¢)sinB  cosp
a question of linear transformation in a linear space, as (B7b)
_ Also using Eq.(A13) one obtains
TN(h,h, .h)=N(A.h,, Ay (A11)
According to the linear transformation theory, if the transforming ¥rr=7Ye=Tan ‘(h./—h,) (B8)

between two sets of basis vector is

. Yer="7Y =Tan’1(h=/—h=)
LR =T,k =(Ti, T}, Tk) = (i,j,k)A (A12) o (.
whereA is the matrix of a linear transformatiohabout the basis [—h,sin(6+¢)+h, cod 6+ ¢)]cosB+h, sinB
vector (,j,k), and the elements ofA can be determined in a =Tan ! Th.Sn o +h7] o T
concrete transforming or frame traversing, then the transforming [=hesin(6+¢)+h, cog6+¢)]sinS—h, cosp
between two sets of coordinates of a normal vector is

he/(—hy)—tang

_ =Tan !
(Rahy, i) T=A"(h; h, ,h)T (A13) T T (—hy tanB+ 1 (B9)

Appendix B: A General Formal Solution of Sweep [
Angles c05y,=g§/\/gf+gr2 (B10)
For the absolute sweep angles,, vc,, andy,, we first note (| for y,)=(§o=cons) (B11)

(ng| for y,,)=kXx0p° (Fig. 2. The first step is letting pass roose

throughP by traversingO aroundk up to the angled+ ¢ to make respectively; here, to obtai, , g, g_g Eqg. (B6) is also used.

n==j. No second step is needed. The transformation matrix is For sweep angles related to more spatial velocities in E3)s.
and (1), by traversing the frames, we must arrive at in fact a

cogf+¢) —sin6+¢) 0O meridional streamline Cartesian frame fgs.,, and a complete
. streamlined Cartesian frame fgg.,, for the y,,’s situated plane
A=| sin(0+¢) cogb+¢) O (Bla) F, etc. The matrix forys, and ys., yielded by Eq.(A13) are
0 0 1
cogf+¢) —sin(0+¢) O cosec 0 sino
cogf+¢) sinf+¢) O C=| sin(6+¢) cogf+¢p) O 0 1 0
A"l=| —sin(6+¢) codf+e) O (B1b) 0 0 1][ —sinc 0 cosos
0 0 1 (B12a)

Using Eq.(A13) one obtains cog 8+ p)coso  sin(f+p)cosc  —sing

Yra=ve=Tan *(h;/—h,) (B2) Cl=| -—sin(6+¢) cog 6+ o) 0
L= = cog 0+ ¢)sing  sin(f#+¢)sine  coso
Yea= Ye=Tan “(h,/—h) (B3) (B12v)
— —l/=/_~& . —
ya_Tan (gr/ g{) (B4) Yaca= Tanfl(hﬂ/_hg) (BlS)
(F| for y,)=(g.=cons} (B5) The matrix forys., and ys., yielded by Eq.(A13) are
|
cog0+¢) —sin(f+¢) O cosoc 0 sino||1 0 0
D=| sin(6+¢) cog6+¢) O 0 1 0 0 cosB, -—sinB, (B14a)
0 0 1]l —=sinc 0 coso||L O sinB, cosBn,
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cog 0+ ¢)coso sin( 6+ ¢)coso —sino
cog 0+ ¢)sinosinB,, sin(f+¢)sinosinB,, coso sinfB,
D 1= —sin( 6+ o)cosBp, +cog 0+ ¢)cosB, (B14b)
cog 6+ ¢)sino cosB,, sin(0+ ¢)sino cosB,, COSc CoSPBp,
+sin( 6+ ¢)sin By, —cog 0+ ¢)sin B,
I
=Tan YA /—h X, ¥, z = relative Cartesian frame, and the bladejs
Yaer (h,/=hy) streamsurface Cartesian or manufacturing coor-
_ h, sing sin B+ hg cosB,+h, coso sin B, dinates
=Tan "— —— - @, B = absolute flow angle and relative flow angl
h, sino cosBn,—hc sinB,+h, coso cosB, B apsolute flow angle and relative flow angie
va = Spatial absolute sweep angle
h YearYra = Circumferential and radial absolute sweep
=Tan ! ——— Bm (B15) e angles
—h, sinoc—h,coso X
v3a = Spacial absolute sweep angle

where 3., is the meridional relative flow anglé€g. (29)]. Equa-

\ S 4 . . v3ca = Circumferential absolute sweep angle
tion (B15 is an universal formu_la for calcula}tlng every kind of y: = spacial relative sweep angle
circumferential sweep ang_le. Using also matthqs.(Al_3) and Yer ¥ = circumferential and radial relative sweep
(B6), one obtains the universal formula for theg,’s situated angles
planeF: _ v3, = spacial relative sweep angle
& tar A/ F=(g.=cons} (B16) Yser = circumferential relative sweep angle
¢ KR & n, { = relative Cartesian frame, shock surface Carte-
_, (hysine+h,coso)sin B, +h. cosBy, slan cpordmates )
=tan h cos—h.sino (B17) o = meridional streamline slope angle
r ¢ ¢ = circumferential angular coordinate measured
from a leading edge curve
Nomenclature . : .
d=0(r)+¢ = circumferential angular coordinate of the rela-
c; = absolute velocity of the undisturbed upstream tive cylinder frame
flow o = angular velocity of turbomachinery
C1r+C1¢,C1z = :’)Gfldelal, circumferential, and axial components Superscripts and Subscripts
1 — . o .
€,6.,€, = unit vector of cylinder frame and orthogonal a’,ab® = first derivative ofa to r, unit vectorab
frame of curves —, = = the first and second new Cartesian frames
f, F = ascendent function of shock surface, projection m, 1 = meridional streamline, undisturbed upstream
plane flow
gr.9c.9; = cylinder coordinates o
h,,h¢c,h, = cylinder components dN References
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On Flowfield Periodicity
in the NASA Transonic
Flutter Cascade

J. Lepicovsky

QSs Group, Inc., A combined experimental and numerical program was carried out to improve the flow
Cleveland, OH 44135 uniformity and periodicity in the NASA transonic flutter cascade. The objectives of the
program were to improve the periodicity of the cascade and to resolve discrepancies

between measured and computed flow incidence angles and exit pressures. Previous

R. V. Chima experimental data and some of the discrepancies with computations are discussed. In the
present work surface pressure taps, boundary layer probes, shadowgraphs, and pressure-
E. R. McFarland sensitive paints were used to measure the effects of boundary layer bleed and tailboard
settings on flowfield periodicity. These measurements are described in detail. Two nu-
J. R. Wood merical methods were used to analyze the cascade. A multibody panel code was used to
analyze the entire cascade and a quasi-three-dimensional viscous code was used to ana-
NASA Glenn Research Center, lyze the isolated blades. The codes are described and the results are compared to the
Cleveland, OH 44135 measurements. The measurements and computations both showed that the operation of

the cascade was heavily dependent on the endwall configuration. The endwalls were
redesigned to approximate the midpassage streamlines predicted using the viscous code,
and the measurements were repeated. The results of the program were that: (1) Boundary
layer bleed does not improve the cascade flow periodicity. (2) Tunnel endwalls must be
shaped like predicted cascade streamlines. (3) The actual flow incidence must be mea-
sured for each cascade configuration rather than using the tunnel geometry. (4) The
redesigned cascade exhibits excellent periodicity over six of the nine blades.

[DOI: 10.1115/1.1378300

Introduction Comparisons with various computational fluid dynart@=D)

Manv modern turbofan engines emplov a highly loaded. lo redictions have suggested that the flow incidence angle ahead of
ym . 9 ploy a highly log ' . the blades was less than the geometric incidence angle between

aspect-ratio fan with transonic flow at the tip. The tip sectiof} - headboards and the bladés2]. The present work also sug-

airfoils have sharp leading edge and may have concave curvat Ested that the incidence angle might vary across the face of the

on the suction surface_for precompres_sion. Due to flight envelopg. .- 4o Measured downstream pressures were generally incon-
requirements, the engines are sometimes operated near the g@ nt with CFD predictions

flutter boundary of the fan, which occurs at high incidence angles 5 -ombpined experimental and numerical study of the facility
and high subsonic or transonic relative Mach numbers. Blade fiyfzs carried out to improve the periodicity of the tunnel, and to
ter and associated high cycle fatigue problems are very detrimefiraniify better the inlet and exit conditions needed for accurate
tal to the engine health and must be avoided. Codes for predicliggp predictions. This paper describes the facility in detail and
stall-flutter and blade life are not yet fully reliable, and their verigescries a variety of experimental data taken in the facility. The
fication is hampered by a lack of unsteady loading data, particyata include blade and sidewall static pressure data, upstream
larly for transonic airfoils. Therefore, there is currently great INhoundary layer data, and flow visualization measurements made
terest in fan blade stall-flutter research. using shadowgraphs and pressure sensitive paints. The paper also

The transonic flutter cascade facility at NASA Glenn Researgfescribes two CFD codes used to understand the behavior of the
Center(GRQ) is one of a very few test facilities dedicated to theyriginal facility and to devise improvements to the facility. A
unsteady aerodynamics of oscillating airfoils. The facility compane| code was used to analyze the complete tunnel including the
bines a linear cascade wind tunnel with a high-speed drive syst@iywalls and nine blades. A quasi-three-dimensional Navier—
that imparts pitching oscillations to cascade blades. It is used 4gokes code was used to analyze isolated blades under periodic
provide data for modeling aerodynamics of blade stall flutter. flow conditions.

The facility was previously used to study a cascade of modern,Four configurations of the tunnel endwalls were analyzed com-
low-aspect-ratio fan blades operating at high incidence angles giieationally and tested experimentally. The original and final con-
high subsonic and transonic Mach numbers. Results were péiurations are described here. Intermediate configurations were
lished by Buffum et al[1,2]. Measurements were taken at subgescribed by Lepicovsky et a[3] and Chima et al[4]. The
sonic Mach numbers and at two incidence angles. Acceptable pgralyses and tests showed that the endwall configuration had a
riodicity was found over three blades, which was sufficient faarge impact on the periodicity of the cascade, and that no amount
measurements of the unsteady pressures at interblade phase amglgRed could correct for poorly configured endwalls. It was also
of 180 deg. For smaller interblade phase angles, periodicity Wifund that the periodic Navier—Stokes code could be used to de-
needed over more blades. Adjustments to the boundary layefmine an endwall configuration that maximized the periodicity
bleed system improved periodicity for some flow conditions, buif the cascade.
not sufficiently for all cases of interest.

Facility Description

Contributed by the International Gas Turbine Institute and presented at the 45th ; ; ;
International Gas Turbine and Aeroengine Congress and Exhibition, Munich, Ger. A schematic dlagram of the NASA transonic flutter cascade

many, May 8-11, 2000. Manuscript received by the International Gas Turbine In: cility is sh_own in Fig. 1. The facility COI’_ISiStS c_’f an inlet section,
tute February 2000. Paper No. 2000-GT-572. Review Chair: D. Ballal. a test section with blades, and an exit section connected to a

Journal of Turbomachinery Copyright © 2001 by ASME JULY 2001, Vol. 123 / 501

Downloaded 01 Jun 2010 to 128.113.26.88. Redistribution subject to ASME license or copyright; see http://www.asme.org/terms/Terms_Use.cfm



o UPPER WALL

AND
UPPER SCOOP
BLEED

H SIDEWALL BLEED
EXHAUST PIPE

CASCADE

INFLOW%

y
of P
.DN\\\\\\\ s

S
.,
o, v,
", 2
2 .

-~ %
CASCADE

OUTFLOW

LOWER
WALL BLEED E
“TTT LOWER SCOOP

=~ BLEED

Fig. 1 Boundary layer bleed system of the NASA transonic
flutter cascade facility

central air exhaust system. Room air enters the inlet sectid

and Buffum et al[1,2,7,8. Since the present work concentrated
on improving the steady behavior of the cascade, no unsteady
measurements are described here.

The exit section has adjustable tailboards to control the exit
flow angle. The tailboards start just ahead of the leading edge of
the cascade and can be moved to form scoops that remove the
endwall boundary layers. Downstream of the exit section air is
expanded through a diffuser into an exhaust header connected to
the GRC central air facility.

Unresolved Problems With Flutter Cascade Data

Buffum et al. reported initial unsteady data for the blades stud-
ied here[1,2]. These data were acquired with all nine blades os-
cillating. Earlier work by Buffum and Fleet¢¥] indicated that at
some interblade phase angles, the oscillating blades produced
waves that reflected off the wind tunnel walls and back into the
cascade, interfering with the unsteady measurements. Later the
tunnel walls were perforated and backed with acoustic treatment.
The effectiveness of this treatment has not been proven. Ott et al.
[9] recommended just the opposite for their facility—replacement
of slotted walls with solid ones.

Experimental blade surface pressure measurements were pre-
gnted in[1,2] at Mach numbers between 0.5 and 0.8, and geo-

through a honeycomb in a bellmouth inlgiot shown in Fig. 1 metric_inc_idence anglesgy, of 0 and .10 deg. Experimental pres-
The headboards upstream of the cascade are adjustable to cogitff distributions for steady flow at inlet Mach numbers of up to

the incidence to the cascade. As seen in Fig. 1, the facility ha®= Were compared with various CFD predictions, but good agree-
complex bleed system that can be used to remove the bound,%lagnt was found only up to 85 percent chord and only for O deg

lavers through endwall scoops and perforations in both the hedggidence. The cascade flow periodicity was measured only for the
bg/ards and %he sidewalls. P P e%’hree middle blades and was found to be sufficient for unsteady

A photograph of the test section is shown in Fig. 2. The tesprface pressure measurements at an interblade phase angle of 180
section has a rectangular cross section 586 mm wide6 mm €9 and reduced frequencies of 0.4 and 0.8. _
along the span. Nine blades designed and fabricated by Pratt anBuffum et al. reported that comparisons between various CFD
Whitney are located in the test section. Blade geometric param_edlctlons and their data suggested that the flow incidence angle

eters are given in Table 1. The blades have a constant cross %25 between 0.5 and 1.5 deg less than the geometric incidence
tion except near the endwalls where they have large, diamorit.d!€ between the headboards and the bitiés Similar results

shaped fillets that attach the blades to the drive shafts. All ti¢ere found in the present work. Figure 3 compares the measured
blades or any single blade can be oscillated at realistic redu
frequencies(Strouhal numbejs Interblade phase angles can b
varied in increments of 15 deg. The facility has been described
detail in the work of Boldman and Buggel6], Shaw et al[6],

face pressure distribution at=N0.8 with distributions calcu-
ated using the RVCQ3D codelescribed laterat three incidence
angles. The best agreement with the data is dgrbetween 8 and
9 deg, which is consistent with the resultg in2]. Other calcula-

EXP
CFD
CFD
CFD

10 dg
8dg
9dg
10dg

502 / Vol. 123, JULY 2001

~ 04
LL
5
] |o°'
(/2] 0.0
Fig. 2 View of cascade test section % =
Table 1 Airfoil and cascade parameters o uz.l
5 -04
Blade chord, C 89.2 mm 8 E
Leading edge camber angle, [ —9.5dg li L
Maximum thickness, lmx | 0.048C O 9o o8l i
Location of maximum thickness, & max 0.625 C &) ' | | l
Stagger angle, Y 60.0 dg 0.2 0.6 1.0
Number of blades in the cascade, 9
Blade pitch, S 58.4mm CHORDWISE POSITION,
Cascade solidity, C/S 1.53 E/c [1]
Pitching axis, £aux 05C , . -
Blade height A 95.9 mm Fig. 3 _ Effect of incidence angle on pressure coefficient com-
gl = pute with RvCQ3D
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tions suggested that the incidence angle might also vary acrosstihgs and exit tailboard angles. Several types of measurement
face of the cascade. Furthermore, calculated static pressure ratvese used to assess periodicit¥) Measurements of surface pres-
across the cascade have shown very poor agreement with expsuires on all blades gave a rigorous assessment of periodity.
mental measurements. Measurements of sidewall pressure distributions at three axial lo-

To simplify data acquisition, an influence coefficient techniqueations parallel to the face of the cascade gave a quick indication
will be used for future unsteady work in this cascade. With thisf uniformity. (3) Cobra probe measurements were used to assess
technique, only one blade in the cascade is oscillated at a time dhd effects of bleed on inlet Mach number and flow angle profiles.
the resulting unsteady pressures are measured on the remaihgShadowgraphs and pressure sensitive pd@®P techniques
(nonmoving blades. The unsteady aerodynamics of an equivalenere used to visualize the flowfield.
cascade with all blades oscillating at a specified interblade phaséMeasurement of surface pressures on all blades was usually
angle are then determined through a vector summation of umpractical since only two blades were fully instrumented, with
steady data from individual blad¢8]. Although the use of the 15 static taps at midspan. One blade was instrumented on the
influence coefficient technique has only been demonstrated furction side and the other was instrumented on the pressure side.
attached flow, this facility has the unique capability of demoriFhe instrumented blades were marched along the cascade to mea-
strating this technique for separated flow. Since this technigsare pressures in all locations, which was a time-consuming pro-
requires a high degree of flow periodicity over many blades, d@edure. In practice, measurements of sidewall pressures along the
was necessary to increase flow periodicity beyond the thréace of the cascade were most useful for a quick assessment of
middle blades. periodicity.

The various measurements showed that no combination of
; RRT bleed and tailboard setting significantly improved the periodicit
Approach to Improving Cascade Periodicity of the cascade. The mea%urgments a¥1d (?oncurrent gFD simL)J/Ia-

The initial attempts to improve the cascade periodicity usefbns made it clear that there was a fundamental mismatch be-
experimental measurements to study the effects of inlet bleed sgfeen the tunnel endwall turning and the flow turning imposed by
the blades.

Four different endwall configurations were investigated in order
to improve the periodicity of the cascade. The last three configu-
rations were designed using CFD analyses of the complete tunnel
————————————— A OF SmowAL BLEED ma_de by McFarland, and analysgs of is_olated blades r_nade t_Jy
——————————— —— — — Chima. The CFD codes are described briefly below and in detail
by Chima et al[4].

\\\\\\\\\% Only two endwall configurations are discussed here. The con-

FAR UPSTREAM
XC =-1.854

figurations are referred to by two angles, the headboard angle
followed by the tailboard angle, both measured with respect to the
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Fig. 5 Effects of sidewall boundary layer bleed rate
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Fig. 6 Effects of sidewall bleed on spanwise Mach number
distribution at  y/W=0.388 and x/C=—0.254 Fig. 8 Effects of sidewall bleed on blade loading
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Fig. 9 Cascade flowfield for Mach number 1.35

Fig. 10 Mach contours computed with PCSTAGE for original configuration C_20.030.0
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== 8.0dg - 10.0 dg 2.5 deg smaller with no bleed than it was with high bleed. Buffum
et al. published surface pressures on the three middle bldd€s
at a specified geometric incidence angle?]. The bleed rate was
not reported but there are indications that it was low; conse-
quently, it is assumed that the actual flow incidence angle for
5F - Buffum’s data was between 7.5 to 9.0 deg. This is consistent with
the CFD results shown in Fig. 3. Figure 8 compares blade surface
pressure distributions made with and without sidewall bleed and
shows that that bleed had a large effect on the measured pressures.
Figure 9 shows two flow visualization images also used to in-
vestigate the periodicity of the cascade. The images were made at
an inlet Mach number of 1.35 with high bleed. The shadowgraph
3 F - image shown at the top of the figure was made using a dedicated
double-pass Schlieren system described by Boldman and Buggele
[10]. The shock structure is fairly periodic across the cascade. The
5 ] ] | L L pressure-sensitive paint image at the bottom was made using a
04 0.8 1.2 technique described by Bendj@é1] and Lepicovsky et al[12].
Here it is evident that the low-pressure region above the suction
INLET MACH NUMBER, surface leading edges varies significantly from passage to passage.
Ma [1] The previous results showed that sidewall boundary layer bleed
IN had a large impact on the performance of the cascade but did not
significantly improve the uniformity of the flow. Furthermore, the
large number of bleed valvesee Fig. 1 made it difficult to
quantify bleed flow rates and to repeat previous measurements
made with bleed. Consequently, a decision was made not to use

. . ) . the bleed system in further experiments.
horizontal. In the original configuration the headboard was set at 4 P

20 deg and the tailboard was set at the blade setting angle. This i€ffects of Lower Tailboard Setting. Several researchers
the configuration reported by Buffum et g,6] and is referred to had suggested that the exit tailboards should be moved indepen-
here asC_20.030.0 In the final configuration the headboard waglently to improve the periodicity of the cascade. The lower tail-
set at 20 deg and the tailboard was set at 24 deg, so the configaard was first reset tor= 32 deg anglédiverging exit channel
ration is referred to a€_20.024.0 In both cases the blades wereThis setting led to larger upstream flow nonuniformity, particu-
set at 30 deg, i.e., staggered 60 deg, giving a geometric incidethedy on the left side of the cascade. Then the tailboard was then

TURNING ANGLE, vy [dg]

Fig. 11 Cascade turning angle versus inlet Mach number com-
puted with RVCQ3D

angle ofiz =10 deg. reset toh 1= 24 deg(converging exit channglThis setting caused
a peak in the static pressure distribution on the left side upstream
Cascade ConfigurationC_20.330.0 of the cascade. The peak was probably caused by the protrusion of

o - ! . the lip of the lower scoop into the flosee Fig. 2 Away from
A schematic diagram of the original cascade configuratiofis peak the pressure distributions were more uniform than be-
C_20.030.0is shown in Fig. 4. The three rows of static pressurgyre "although there was still a gradient across the cascade. This
taps on the sidewalls are shown. One row was located far ujggested that the exit flow angle from the cascade might be
stream atx/C=-—1.854, one was near upstream &C  cioser to 24 deg than the original tailboard setting\@f 30 deg.
=—-0.355, and one was downstream of the bladesx/dt In summary, neither boundary layer bleed nor tailboard setting
=1.388. The two rows of static taps upstream of the cascade Welgyje substantially improved the uniformity of the original cas-

on the back sidewall, while the downstream row was on the fropfje At this point two CFD codes were used to analyze the com-
sidewall. The inlet Mach number was determined using inlet t0t6|ete facility and the isolated blade row.

pressure and the average static pressure upstream of the cascade at
x/C=—0.355(using static taps in the range 6:8/W<0.8).

Effect of Sidewall Bleed. The effect of bleed on the sidewall cED Codes
pressure distributions is shown in Fig. 5 for=Nd.79. With no
bleed, the far-upstream pressures were fairly uniform; however,PCSTAGE. The PCSTAGE turbomachinery analysis panel
the near-upstream pressures varied significantly across the faceade developed by McFarland 3,14 was used to model the
the cascade, corresponding to a variation in Mach number fraaomplete tunnel configuration. The code uses an integral equation
0.86 at the left to 0.73 on the right. A high sidewall bleed flovgolution method to solve the two-dimensional, inviscid flow equa-
(about 15 percent of the total flownade the far upstream pres-tions for multiple bodies. Compressibility effects are approxi-
sure distribution worse and did not improve the pressure distriborated in the solution. The method is most accurate for low Mach
tions elsewhere. number flows, but can be applied to flows where Mach numbers
Figure 6 shows the effect of sidewall bleed on spanwise profilesmain less than one.
of the upstream Mach number made using a traversing cobralhe complete tunnel configuration was modeled, including all
probe. Since the test conditions were always set for a specifime blades and the endwalls. The endwalls were modeled as a
upstream Mach number regardless of the bleed rate, the effectdesfth body with one surface shaped like the left wall of the tunnel
bleed are only seen as changes in the thickness of the wall bouadd the other surface shaped like the right wall. Details such as
ary layer. However, the static pressure ratio across the cascaddl bleed slots and boundary layer scoops were neglected. The
varied from7g=1.102 without bleed targ=1.143 with high endwall body was placed on one side of the cascade, and a peri-
bleed. odic boundary condition was used to map the second endwall to
Figure 7 shows the effect of sidewall bleed on spanwise profilse other side of the cascade.
of the upstream flow angle. Although the geometric incidence Calculations were made at#0D.5 to minimize compressibility
angle was 10 deg, the measured flow angle at midspan was éffects. Kutta condition constraints were used on each of the ten
deg without bleed and 8.1 deg at high bleed. Measurementsbatlies rather than assigning a circulation to each. This resulted in
other pitchwise locations showed that the flow incidence varied lay iterative solution, but allowed the solution to determine the
2 to 3 deg across the center blade passages and was always 1fwo split around each of cascade bodies.
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Fig. 12 Particle traces computed with RVCQ3D

AP AN a5 Mach number shown by light orange contours. The largest varia-

tion in Mach number occurs at the bend in the left endwall, where
the measured pressure was lowest.

RVCQ3D. The quasi-three-dimensiona-3-D) turboma-
chinery analysis code RVCQ3D developed by Chims,16 was
also used to analyze the blades. The code solves the thin-layer
DOWNSTREAM oo Navier—Stokes equations in finite-difference form. Blockage ef-
fects can be modeled by specifying a stream sheet thickness that
Fig. 13 Cascade configuration C_20.0/24.0 can vary with streamwise distance. Turbulence effects were mod-
eled using the Baldwin—Lomax model, including the original tran-
sition model. The flow equations were solved using an explicit
The endwall body was modeled with 98 panels, and the cascaRignge—Kutta scheme. A spatially varying time step and implicit
blades were modeled with 70 panels each. This resulted in a $8sidual smoothing were used to accelerate convergence.
lution matrix of 748 equations with 748 unknowns. The solution a C-type grid was used. The grid had 225 points around the

of this matrix provides the surface flow conditions at the center @f, 4o and 45 points from the blade to midpitch, for a total of
each body panel. The flow conditions were also calculated at 314 125 points. Th ing at th Il gave-3 tih first arid
points in the flow field. These field points plus the surface poinijs ! pomnts. The spacing at the wall ggve~ 3 at the first gri

were combined using the random points feature of the TecPloR9iNt: The upstream boundary of the grid was placed at the same
graphics software to produce contour plots of the flow field. THECation as the near-upstream measurement station used in the

PCSTAGE calculation took about 4 minutes on an SGI Indigo @<Periment ax/C=—0.355. The cascade was assumed to be
workstation. periodic blade-to-blade, so that only one isolated blade was

Figure 10 shows Mach contours of the original configuratiodnalyzed.
calculated with PCSTAGE. The calculations show a large varia- Sidewall boundary layer blockage was neglected after early
tion in Mach number across the entire face of the cascade. ORYCQ3D calculations with 5 to 10 percent blockage added failed
three passages near the center of the cascade see the nornmnamnprove agreement with experimental results. Later three-

WALL CORNER

WALL CORNER

o .
!
Fig. 14 Mach contours computed with PCSTAGE for final configuration C_20.024.0
s==0==: FAR UPSTREAM =—0O— UPSTREAM = DOWNSTREAM
1~0 T 1 T T T Ll Ll L} 0~8 T T T T
Ma = 0.80 Ma = 1.00

e
[

WALL STATIC PRESSURE,
P, /Py [1]
o
[+:]

0.2 0.6 1.0 0.2 0.6 1.0 0.2 0.6 1.0
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Fig. 15 Wall static distributions for cascade configuration C_20.024.0
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dimensional calculations also showed that blockage effects were SUCTION SIDE

negligible. O O EXP CFD
Most calculations were run for 1500 iterations, which took

about 3.5 minutes on an SGI Indigo 2 workstation. This ensured PRESSURE SIDE

that exit total pressure was converged to four significant digits. ¢ & EXP CFD

To improve the periodicity of the cascade, the endwall turning
was adjusted to match the turning of a perfectly periodic cascade
modeled by RVCQ3D. The blades were analyzed over a range of
Mach numbers for incidence angles of 8 and 10 deg. The calcu-
lated turning angle is plotted versus inlet Mach number in Fig. 11.
For 10 deg incidence, the turning varies continuously from about
5 deg at low speeds to 4 deg at=M.2. At this higher incidence
the flow separates at the leading edge for all Mach numbers.

Figure 12 shows computed particle traces for a solution at
M=0.8 andir_ =10 deg. The particle traces show that the stream-
lines near the center of a blade passage can be approximated with
three line segments: one upstream at the nominal inflow angle, — 04
one downstream at the calculated turning angle, and a third within = ) me= 1.022
the passage at the blade setting angle. Thus, for the final design \ , , \
the headboard angle was left at 20 deg, the tailboard angle was set |o°'
to 24 deg to match the turning predicted by RVCQ3D for 10 deg
of incidence, and a straight, 30 deg insert was fabricated to con-
nect the two. The endwalls were spaced one-half pitch from their
neighboring blade.

A schematic diagram of the final cascade configura@o20.0
24.0is shown in Fig. 13. Figure 14 shows Mach number contours
calculated for this configuration using PCSTAGE. The contours
show very uniform flow ahead of the cascade.

Ma = 0.80
= 1.058

Cascade ConfigurationC_20.024.0

Wall Static Pressure Distributions.  Figure 15 shows the
wall static pressures distributions measured in the final configura-
tion for inlet Mach numbers of 0.5, 0.8, and 1.0. At subsonic
speeds the pressure distributions are very uniform, as predicted by
PCSTAGE. The uniformity of wall static pressures in the pitch-
wise direction was an excellent indicator of improved blade peri-
odicity for this configuration. At M=1.0 shock waves from the
blades create the sawtooth pattern in the upstream pressures.

STATIC PRESSURE COEFFICIENT,

Blade Loading and Periodicity. Figure 16 shows blade sur-
face pressure distributions measured on blade B5 at inlet Mach
numbers of 0.5, 0.8, and 1.0. Pressure distributions computed with
RVCQ3D are also shown for the two higher Mach numbers. Com-

puted static pressure ratios across the cascade matched measured 04 Ma = 1.00 -
values closely, confirming that the endwall interference had been ’ ez 1.097
minimized. , | e=

Blade loading periodicity was verified by measuring surface 0.2 0.6 1.0
pressures for all nine blade positions by marching the two instru-
mented blades through the cascade. The tunnel operating condi- CHORDWISE POSITION,
tions were repeatable to within 1 percent of the inlet Mach num- E/c [1]

ber for each blade position.

To visualize the differences in loading diagrams betwe ; : ; )
blades, the center blad®5) was taken as a reference and come(fl\%elgon%ﬁgﬂlggd'ng_dzlg,%r,azTZfor middle blade (85 for cas
pared to the other blades. The pressure distribution on blade B5 is
shown in Fig. 16 for M=0.8. The differences between this refer-
ence pressure distribution and the pressure distributions on the
other blades were computed, and are plotted in Fig. 17. The skebtade has a higher pressure coefficient than blade B5 at the same
at the top of the figure identifies individual blades with colorehordwise station. Negative values indicate a lower value than
coded numbers. The four plots below show the measured diffélade B5.
ences in pressure coefficients, with the left and right sides of theAll pressures in the cascade were measured using absolute pres-
cascade shown in the left and right plots, and the suction asdre transducers with a range of 100 KR& psig, and accuracy
pressure surfaces shown in the upper and lower plots. Blade Bbéatter than+t0.4 percent. This translates to an accuracy-6£02
represented by a straight, black, broken line. The deviation curvies the value of pressure coefficient. Therefore, deviations of pres-
for the remaining blades are color-coded in accordance with thare coefficient less than0.04 are considered to be insignificant.
blade numbers in the sketch. For a perfectly periodic flow, all The plots of pressure coefficient deviations in Fig. 17 show
deviation curves would collapse to the broken straight line afignificant improvements in the flow periodicity for the final cas-
blade B5. Positive values of deviation indicate that a particulaade configuration. Blades 2-5 in the left half of the cascade show
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excellent agreement of pressure distributions on the suction sur2 Sidewall boundary layer blockage is relatively small for this
face. Blades 5—7 in the right half show acceptable agreementhilade row. For future experiments it is recommended that the
their suction side pressure distributions. On the pressure side, boeindary layer bleed system not be used.
agreement is excellent for blades 2—8. Overall the cascade show8 The tailboard setting angle strongly affects the pitchwise uni-
excellent periodicity over six blades, numbers 2-7. formity of wall static pressures. Tailboards should be set to match
the expected exit flow angle for a perfectly periodic cascade. Tail-
Conclusions boards must be parallel to each other to produce a periodic flow.
4 Shaping the endwalls like the midpassage streamlines pre-

A combined experimental and numerical study was carried oglicted with a viscous analysis code can minimize endwall inter-
to improve the flow periodicity in the NASA transonic flutterference. Endwalls should probably be located at midpassage since
cascade facility. Several experimental techniques were usedmi@ipassage streamlines are smoother than the stagnation stream-
investigate the effects of boundary layer bleed and tailboard sfires and have less influence on the blade loading.
ting angles on flow uniformity. The techniques included measure-5 Geometric incidence angles do not always represent the true
ments of static pressures on the sidewalls and blades, cobra prg@ incidence. Actual flow incidence angles should be measured
measurements of inlet velocity profiles, and shadowgraph afst each new configuration of the facility.
pressure-sensitive paint flow visualization. Several discrepancies The final configuration of the facility shows excellent peri-
in older data were explained, including questions of actual floggicity over six blades, numbers 2—7. Future work will focus on
incidence angles and exit pressure levels. - taking unsteady measurements on these blades.

Two CFD codes were used to analyze the facility. The PC-
STAGE panel code was used to analyze the entire facility, includ-
ing the endwalls and all nine blades. PCSTAGE results showed
that the flow nonuniformity was caused by the endwall configu-
ration, and was extremely useful for evaluating proposed changdgknowledgments

to the endwalls. The RVCQ3D quasi-three-dimensional ViSCcoUSThe authors would like to acknowledge the invaluable engi-
code was used to analyze the isolated blades. These results W& ing and technical support provided by Mr. T. A. Jett and Mr.

used to redesign the endwalls to minimize interference. R. Torres of NASA GRC. The help of Mr. K. E. Weiland with
The following conclusions were reached concerning design agg,, yisualization and Mr. T. J. Bencic with PSP data acquisition
operation of the facility: is also particularly appreciated. The program was supported by

1 Boundary layer bleed did not improve the flowfield periodNASA GRC under the Smart Green Engine program managed by
icity. High bleed flows affected pitchwise distribution of flow in-Mr. K. C. Civinskas. The continued support of Mrs. L. M. Shaw,
cidence angles along the cascade and thus contributed to bl Chief of the GRC Compressor branch, is also particularly
load variations. acknowledged.
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Nomenclature

C = airfoil chord, mm
Cp = pressure coefficient

e - —
Cp = pressure coefficient,=(p—p;) /(0.5 p1v7)

ir, = flow incidence angle, deg
icm = geometric incidence angle, deg

M = Mach number
v = cascade inlet velocity, st
W = cascade test section width»>@tC= —0.355, mm
x = axial distancegcascadg mm
y = pitchwise distancécascadg mm
y* = law-of-the-wall distance
z = spanwise distanc&ascadg mm
Ac, = pressure coefficient deviation from blade B5
Nt = lower tailboard angléfrom horizontal directioj deg
7mrg = cascade static pressure ratio;g=p,/p;
p = density, kgm3
Subscripts
0 = far upstream
1 = upstream
2 = downstream
— = average value over the range €.¢/W<0.8
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Aerodynamic Performance of a
0.8.m.Jouini § Transonic Turbine Cascade at
> A Selanter - 0ff-Design Conditions

Department of Mechanical &
Aerospace Engineering, . . .
Carleton University, The paper presents detailed measurements .olf the midspan aerodynamic performance of a
Ottawa, Ontario, Canada transonic turbine cascade at off-design conditions. The measurements were conducted for
exit Mach numbers ranging from 0.5 to 1.2, and for Reynolds numbers fratt0% to
10°. The profile losses were measured for incidence valuesidf5 deg,+10 deg,+4.5

S. H. Moustapha deg, 0 deg, and-10 deg relative to design. To aid in understanding the loss behavior and
Pratt & Whitney Canada Inc., to provide other insights into the flow physics, measurements of blade loading, exit flow
Longueuil, Quebec, Canada angles, trailing-edge base pressures, and the axial velocity density ratio (AVDR) were

also made. It was found that the profile losses at transonic Mach numbers can be closely
related to the base pressure behavior. The losses were also affected by the AVDR.
[DOI: 10.1115/1.13701597

Introduction Carleton University High Speed Wind Tunnel for various values

. .. qf incidence angle and exit Mach number. The results of these
Market requirements for compact, low cost, and fuel-eﬁlmeq tter tests are presented here

engines generally lead to small size turbomachines. Typical fea-
tures in the compressor turbine of these engines are a single stage . tal A t dp d
turbine with high-pressure ratio and stage loading, combined wi penmental Apparatus and Frocedures

blade passages of small aspect ratio, high turning, transonic Mactyjgh Speed Wind Tunnel. All measurements were obtained
numbers, and very low Reynolds numbers. These turbines neeqiéhg the Carleton University High Speed Wind Tunnel shown
operate at maximum efficiency at the design cruise speed gRdrig. 1 [14]. The wind tunnel is of blow-down type, and is
altitude as well as with a minimum efficiency penalty at offused mainly for transonic turbine cascade research. The wind tun-
design conditions arising from changes in the pressure ratigel exhausts to the laboratory. It is equipped with an ejector-
speed, and altitude. The resulting three-dimensional flow fietfiffuser system to allow the cascade outlet pressure to be con-
within the turbine passages, combined with the stringent structutedlled independently of the blowing pressure. However, the
requirements to achieve the desired target life, pose a real chgjector-diffuser system was not used in the present measurements.
lenge for the turbine designer to meet the design and off-desiggpical wind tunnel runtimes range from 15 to 30 sec, depending
performance requirements. on the blowing pressure and the Mach number level, and up to
A number of low speed experimental studies have been carritdir runs per hour are possible. Typical blowing pressures are 2—3
out to investigate the effect of incidence on the performance bars, and cascade exit Mach numbers as high as 1.5 can be
turbine cascadefl—3]. Profile and secondary loss correlationgichieved. The turbulence intensity in the test section is about 4
have been derived and improved over the years to include thercent[15]. A more detailed description of the wind tunnel is
induced incidence and leading edge geometry and to reflect recgiven in Jeffrieq 16].
trends in turbine desighd—7]. The effect of the axial velocity

density ratilAVDR) has been investigated experimentally at 10wy o of the cascade test section is shown in Fig. 2. The cascade
speed3,2], and computationally at high spefgi. The effects of s mounted on a turntable which allows variations in incidence
compressibility on both profile and secondary losses, and the flgy apout +20 deg. The blade span is fixed at 61 mm. The geom-
physics more generally, have also investigated by a number gfy of the cascade used in this investigation is summarized
researchers: see, e.g., R¢®-12. in Figs. 3 and 4. The blade geometry represents the midspan sec-
All of the above investigations have resulted in a better undejon of a high pressure turbine from a Pratt & Whitney Canada
standing of the flow field in transonic turbine passages. Howevegine of recent design. The cascade consists of seven blades and
there is still a lack of data on the performance of turbine blades gight complete passages. Two of the blades in the middle of the
small aspect rati¢0.6—-1.0 and high turning100 deg to 130 dég cascade were instrumented with static taps at midspan. One blade
operating at variable incidencés 30 deg, transonic Mach num- has 19 taps on the pressure surface, and the adjacent blade has 22
bers(0.8—1.4 and down to very low Reynolds numbées low as taps on the suction surface. In addition, the blade with suction
50 000. surface taps has a base-pressure tap on the trailing edge. The base
The present work is part of a collaborative project betwegoressure static tap diameter-to-trailing edge thickness ratio is
Pratt & Whitney Canada and Carleton University to address thégjual to 0.203.
lack of data. The ultimate objective is to develop improved design The cascade was tested for exit Mach numbers from 0.5 to 1.2.
rules for small, low cost and efficient turbines. Krieger ef 48] The corresponding Reynolds numbers varied from approximately
tested a realistic turbine stage in a cold flow rotating rig at variods< 10° to 1Cf. Incidence values oft14.5 deg,+10 deg,+4.5
pressure ratios, speeds and Reynolds numbers. The mean sectégh 0 deg, and-10 deg relative to the design were examined.
of the same turbine blade was tested in a linear cascade in th?nstrumentation and Experimental Procedures. Al flow

Cascade Test Section and Test CascadeA schematic dia-

field measurements were obtained using a three hole pressure

Contributed by the International Gas Turbine Institute and presented at the 4. ; ; . PN
International Gas Turbine and Aeroengine Congress and Exhibition, Munich, Ggl-;bbe' The probe tip has a width of 1.37 ntn054 in) which is

many, May 8-11, 2000. Manuscript received by the International Gas Turbine Ins{pUghly 4.7 perpent of the blade pitch, and a thickness of 0.46 mm
tute February 2000. Paper No. 2000-GT-482. Review Chair: D. Ballal. (0.018 in). Static pressures downstream of the cascade were also
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Fig. 1 Carleton University blowdown wind tunnel [14].

measured directly using a cylindrical static pressure probe. Th

probe tip has a cone angle of 15 deg, and two static taps ar;

located 180 deg apart at about 12 diameters from the tip. The

static probe has a tip outer diameter of 1.02 rth®4 in) which

is approximately 3.5 percent of the blade pitch. Both probes werg
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Fig. 2 Plan view of the cascade test section
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Cascade Parameters

Chord Length, C 40.0 mm
Axial Chord, Cx 36.98 mm
Blade Span, H 61.0 mm
Blade Spacing, s 28.14 mm
Trailing Edge Thickness, t 1.25 mm
Aspect Ratio, H/C 1.525
Leading Metal Angle, B, 50.5°
Trailing Metal Angle, B, 59.0°
Leading Edge Wedge Angle, We,, 38.0°
Trailing Edge Wedge Angle, We,, 6.0°
Design Incidence, i, -4.5°
Stagger Angle, { 25.1°
Throat Opening, o 15.3 mm
Unguided Turning, 6, 11.5°

Fig. 3 Summary of the blade geometry and nomenclature

designed by Islani17]. For loss calculations, the static pressures
obtained with the static probe were combined with total pressures
and exit flow angles obtained from the three hole probe. The
losses quoted are the fully mixed-out values calculated using the
procedures of Amecke & @ark [18]. Also, mixed-out values
were used where downstream parameters, such as the static or
dynamic pressure, were needed in quantities such as the base pres-
sure coefficient.

All pressures were measured using a 48-port Scanivalve system
and a miniature, fast-response Kulite pressure transducer which is
mounted in the Scanivalve housing. The outputs from the pressure
transducer were recorded using a Hewlett-Packard high-speed
data acquisition system which was controlled by a microcom-
puter. Pressures were sampled for 0.1 sec at a frequency of 2000
Hz based on investigations by Jeffries et[a4].
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Middle Blade  Pitot Static Probe and Upstream Table 1 Typical variations in total temperature and Reynolds

gggrgrue ______________ . / lifff_efe_r_ltf _Stitlc_ T??_Location number during a run at design incidence

M, AT (°C) Average Re  *ARe Y, =AY,
#1 #2 #3 #4 #5 #6 #7
------------ G s 0.55 7 500,000 5,500 0.0729.0014

0.71 12 660,000 13,000 0.0666.0002
1.14 19 1,040,000 97,000 0.0990.0011

40% True .......................

Cht;rd £ Measuring

Plane
Basg Plate
Static TaF_’ cient with Reynolds numbers, which are presented later. As seen,
the variation in the loss coefficient during the run is quite small

compared with the mean value. The variation is also less than the

Run# 3 ‘ Run#4 ‘

Run #1 Run #2 X f h -

estimated uncertainty in the loss coefficients due to all sources. It

) ) should also be mentioned that, for the loss calculations, the total
* Measuring Point 0 5inches  temperature was assumed to be equal at the inlet and outlet planes

s : Distance of One Pitch L | of the cascade, even though a small amount of heat transfer would

One Run: 10 Measuring Points SCALE be occurring during a run. JouifiL9] estimated in detail the total

temperature variations which could occur across the cascade for

Fig. 4 Cascade blade row measurement locations different operating points. He also calculated the corresponding

changes in the loss coefficients. The resulting uncertainty this in-
troduces into the loss coefficients is less than the overall estimated
The temperature in the storage tanks, and thus the total teamcertainty, and is considered to be included in that overall value.

perature P in the test section, typically starts at 13—20°C. Thé&inally, it should be mentioned that several runs of the wind tun-
total temperature drops as the air in the tanks expands duringel are made before a series of data runs are begun. These preruns
run. Therefore, §; was measured upstream of the cascade durirge used to cool the cascade blades and the walls of the test sec-
each run. Table | summarizes the temperature changes which wésa, and thus reduce the heat transfer during the data runs.
measured for several typical operating points. Also shown are theThe locations of the upstream and downstream traverse planes
corresponding average Reynolds numbers and the variationaire indicated in Fig. 4. Downstream of the cascade, four runs are
Reynolds number, which corresponds to the variation in the totabrmally used to traverse the flow over one blade pitch. Measure-
temperature. Finally, the estimated variations in the profile logsents are made at a total 40 points, with the spacing being halved
coefficients due to the Reynolds number variations are also givéor the 20 points which span the blade wake. Figui@s &nd 5b)
These estimates are based on data for the variation in loss coedfiew sample total pressure and flow angle distributions behind the
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three middle blades in the cascade at an incidence4b deg decreased with an increasing AVR. This behavior was observed
and for three Mach numbers. As shown, the wake profiles wef@ all off-design values of incidence. At transonic flow condi-
very similar, indicating that there is good periodicity in the castions, Kiock et al[21] found that the exit flow angle and the blade
cade flow. The periodicity is somewhat poorer at high values tdsses were essentially independent of the AVDR value, particu-
both positive and negative incidence at Mach numbers above 1ldrly in the Mach number range of 0.9-1.0. Kiock et al.’s results
The measured flow quantities are estimated to have the folloare for design incidence only. Saroch conducted a computational
ing uncertainties: static pressures? percent of the local dy- study of the effects of the AVDR in a turbine cascade at transonic

namic pressure; flow angles;0.5 deg; and exit Mach numbers,
+0.02. The estimated uncertainty for the mixed-out total pressure
loss coefficients is=0.005 for exit Mach numbers less than 0.5,
+0.003 for Mach numbers from 0.5 to 0.8%,0.004 for Mach
numbers between 0.85 and 1.1, an@.005 for Mach numbers
greater than 1.1. The estimated uncertainties are based on ob
served variations from blade to blade, as well as repeatability runs
made at a given operating point.

Results and Discussion

Axial Velocity Density Ratio (AVDR). Results are pre-
sented first for the axial velocity density ratiaVDR) since the
value of the AVDR probably has an influence on most of the other
results to be presented.

The value of the AVDR is an indication of the two dimension-
ality of the flow through the cascade. Some cascade facilities use
endwall suction or blowoff to control the thickness of the endwall
boundary layers and therefore the AVDR. Blowoff is not currently
being used in the present facility, although provision for blowoff
exists on the endwalls ahead of the cascade. In the absence o
blowoff, Sieverding[20] recommended using an aspect ratio
(H/C) of about 1.6 or larger for two-dimensional cascade testing
in the transonic range. The aspect ratio of 1.525 for the present
cascade, which was chosen to maximize the blade chord, is thus a
the lower end of the range recommended by Sieverding.

Figure 6 shows the measured AVDR's for all tested flow con-
ditions. The estimated uncertainty in the value of the AVDR is
about £0.02. The AVDR'’s are seen to be close to the desired

value of 1.0 over the full Mach number range for moderate values =

of the incidence. However, the AVDR increased with large posi-
tive incidence, and decreased slightly with negative values of in-
cidence. This should be borne in mind when interpreting the
present results for larger values of off-design incidence.

Unfortunately, the precise influence of the AVDR on the per-
formance of turbine blade rows has not been documented particu-
larly well. The effects of the axial velocity rati®dVR) in incom-
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pressible flow conditions was examined experimentally by Rodger 0.2 0.4 0.6 0.8
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Fig. 6 Effects of incidence and Mach number on the axial ve-

locity density ratio  (AVDR)
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Fig. 7 (a)Effects of the Mach number on blade loading at
—10.0 deg off-design incidence; (b) effects of Mach number on
blade loading at design incidence; (c) effects of Mach number
on blade loading at +10.0 deg off-design incidence
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flow conditions, but again just for the design incidence. Sarothan the incidence. At the high positive values of incidence there
used the Navier-Stokes code of Daw@g] to predict the effects may be some influence of the AVDR although this does not ap-
of the AVDR on the loss coefficient and deviation in a lineapear to be very strong. On the other hand, major changes in the
turbine cascade for outlet Mach numbers from 0.6 to 1.2. The losmding distribution occur with incidence in the vicinity of the
coefficients predicted by Saroch are shown in the inset in Fig. Ileading edge. With increasingly positive incidence, a strong suc-
For Mach numbers from 0.6 to 0.9, the losses were found timn peak develops on the suction side close to the leading edge.
increase slightly with an increasing AVDR. For Mach numberét +14.5 deg the local Mach number reaches a peak value of
from 0.9 to 1.0 the predicted losses were essentially independabbut 1.30 at only 10 percent of the axial chord. The flow is
of the AVDR, as also observed experimentally by Kiock et al. Asubsequently decelerated to close to sonic conditions without the
the Mach number increased beyond unity, Sarf&hfound that apparent presence of a shock and without any signs of boundary
the losses decreased with an increasing AVDR. Although the dayer separation. At-10 deg incidence, a region of diffusion de-
thors are unfortunately not aware of any experimental data thalops on the pressure surface after the initial acceleration aft of
confirm Saroch'’s findings, his results have been used qualitativeéhe stagnation point. A disturbance in the pressure distribution
in the interpretation of the present loss results where the AVDfear 30 percent Omay be a sign of the presence of a separation
differed significantly from 1.0. bubble here.

Based on both experimental and computational investigations at
low-speed conditions, Benner et 4] concluded that turbine
blades would be more sensitive to off-design incidence if there
A o ere large discontinuities in surface curvature at the leading-edge
Mach number distributions at incidence values-af0.0 deg, 0.0 gnq points. A similar effect was identified by Walraevens and
deg, and+10.0 deg..The surface isentropic Mach nqmber isc umpsty[23] for compressor blades. The present blade has a
culated from the ratio of the measured surface static pressur§dQ i, edge circle and consequently such curvature discontinui-
the upstream to_tal pressure. Repeatability measurements ShOW must be present. Unfortunately, the distribution of blade-
that the uncertainty in the surface Mach numbers is aBdliDl. g, 500 static taps on the present cascade was too sparse to resolve
At low exit Mach numbers, the loading distributiofie.g., Fig. 6 pressure disturbances which would have originated from such
7(a)] show a region of nearly constant pressure on the suction siglg, are discontinuities. Therefore, it is not possible from the
beginning at about xi-0.75 and following a region of d'ﬁus'on'aﬁresent measurements to confirm a similar sensitivity to incidence

Th's mlght be |nterpreted.as the presence of trailing gdge SeP3fe to surface-curvature discontinuities for transonic conditions.
tion. This would be consistent with the somewhat higher losses

observed at the same conditions. However, trailing edge sep

tion should be associated with a reduced outlet flow angle. | volume analysis, Dentofi25] showed that the main base-
shown below, the outlet angle was in fact very similar at all Machasq e contribution to the total-pressure loss coefficient is given
numbers. This suggests that little if any separation was presen %broximately by

the low Mach numbers. Once the outlet Mach number reache

about 0.95, the passage chokes, and the loading remains con- t

stantly forward of about 60 percent of the axial chord for any AY = —Cb( 6)’ Q)

further increases in M At M,=0.96, a nearly normal shock also

impinges on the suction side at about 75 percent axial distangghere G is the trailing-edge base pressure coefficient, t is the

With a further increase in the Mach number, the shock becomgsiling edge thickness, and o is the throat opening. However, the

more oblique and the impingement point migrates towards th@havior of the base pressure coefficient is not well documented at

trailing edge. o ) off-design incidence. Therefore, one of the present blades was
Figure 8 shows the effects of incidence on the loading at eXf{strumented with a base pressure tap, and base pressure measure-

Mach numbers close to the design value of 1.05. The variation ﬂﬁbnts were made for all of the Operating points examined.

the Mach numbers reflects the difficulties in setting precise wind

tunnel operating points. Aft of the thro&vhich is at about 60

percent G) the variation in the loading distributions appears to be

Blade Loadings and Base Pressures.Blade loading mea-
surements were performed for all test conditions. Figa), 77(b),
and 7c) show the effects of the exit Mach number on the surfa

The influence of the base pressure on the profile losses in tran-
Bhic turbines is well recognize@.g.,[24]). Using a simple con-

mainly the result of the variations in the exit Mach number rather 1.0
— — — - Sieverding et al. Correlation (1980)
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Fig. 8 Effects of incidence on blade loading near the design Fig. 9 Comparison between measured base pressures and the
Mach number correlation of Sieverding et al.
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Perhaps the most widely used correlation for the base pressure

behavior on turbine blades is that due to Sieverding ef24].

Sieverding et al. correlated the base pressure with the trailing 0.08
edge wedge angle, the unguided turning, and the downstream

static pressure. They also provided an explanation for the trend in _
the base pressures in terms of the appearance of shock waves i» 0.06
the trailing-edge region of the blades. Figure 9 compares the mea-
sured base pressures for the present cascade with the Sieverdin
et al. correlation. The measurements show good agreement with
the correlation for pressure ratiogPy; larger than about 0.55

0.04

O P

(which corresponds to outlet isentropic Mach numbers of less than g oo 75— Me2055

about 0.95. At lower values of the pressure ratio shock waves are —e— M:=105

present near the trailing edge. As seen from the figure, the corre-

lation predicts somewhat higher base pressures than were ob- 0.0_8 0 — '_1(')0' — IOIO‘ L I16 o' . '20 0

served for these conditions. These discrepancies do not appear tc
be strongly related to the incidence. Nor do they appear to be
primarily due to the effects of the AVDR, since comparable dis-
crepancies were obtained at significantly different values of tfég- 11 (2 Effects of Mach number and incidence on losses;
AVDR. Similar discrepancies have been observed at design inf) effects of off-design incidence on losses at different Mach
dence by other investigatofe.g., Xu and Dentor{27] and Den- "numbers

ton and Xu[28], Denton[25]) who attributed these differences to

the effects of trailing-edge blockage, which is not included as a

correlating parameter in Sieverding et al.’s correlation. It is NQ hewhat with incidence and the AVDR. In broad terms. the

possible to confirm Denton’s explanation from the present meg o est minima were obtained at high positive incidence and a
surements. However, they do seem to support the suggestion é AVDR. However, as with Fig. 9, the pattern is not com-
one or more important geometric parameters is missing from t tely consistent. Pending further investigations, the effect of
correlation of Sieverding et al. It shou_ld also b_e noted th_at at hi DR seems to be the most likely reason for the variation in the
Mach numbers the base pressure varies considerably with Iocathqﬁ;"mum value of G,
on the trailing edge, and the present single tap gives a somewhat
limited picture of the base pressure behavior. Profile Losses. Figures 11a) and 11b) show the measured
Figure 10 presents the base pressure results in terms of tasults for the profile losses. Results are presented primarily for an
variation of base pressure coefficient with exit Mach number aricidence range from-10 deg to+10 deg. As seen earlier, for
incidence. The corresponding values of the AVDR are also indineasurements at14.5 deg the AVDR reached about 1.25, and
cated on the figure. These results will be used along with(BEq. the results probably cannot be considered even approximately
in interpreting the profile loss data which will be presented nextwo-dimensional.
As also found in other investigations, &G generally negative and  Figure 11a) shows the variation of the total pressure loss co-
has a strong minimum near¥1.0. A few positive values of ¢ efficient Y; with an exit Mach number for three values of inci-
are seen at low Mach numbers. The highest value occurs for @ence. The trend is similar for all three curves, and is generally
incidence value oft+14.5 deg. For this operating point, the Rey-<onsistent with the variation with Mach number found by Mee
nolds number was about 450 000. The lowest value pbcurs et al.[24] at design incidence. In all cases, the loss coefficient
for an incidence of-10 deg and M=0.98; the point is indicated reached a minimum at about,M0.85, after which the losses rose
by a small arrow. However, this point appears somewhat out sifiarply through an exit Mach number of unity. From Fig. 10, it
keeping with the other results for the same incidence. The samgpears that the minimum losses occur at the point were the base
point, again indicated with an arrow, is also the most anomalopsessure coefficient starts to decrease. For the present blade row
point in Fig. 9. As a result, the curve for10 deg has not been the value of(t/o) is 0.08 and thus, from Eq1) and Fig. 10, just
forced to pass close to this point. The minimupi€seen to vary above M=1.0 the base pressure effect contributes about 0.025 to

Effective Incidence, i yqqe =1 - iges
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Y. This accounts for roughly half of the rise in losses through the  70.0
sonic outlet condition. The remainder is presumably due to direct A
total pressure losses occurring through the shock waves which
begin to appear at Mof about 0.95. These effects are of course
not independent, since the pattern of expansion and shock waves - : Exit Metal Angle = 59.0°
which form at the trailing edge play an important role in deter- L
mining the base pressure. Above the sonic condition, the losses 60.0F /
briefly level off (or perhaps even decrease in the case of the de- h—_ — —_—— e — — — ]
sign incidencg This leveling off has also been observed before. It i
is evidently due to the rising base pressure and the increasing _ s
obligueness of the shock wave which impinges on the suction &
surface. As the exit Mach number increases further, the shocks
become stronger and the loss coefficient begins to rise again. i
At low exit Mach numbers, the loss coefficient would be ex-  59.0}

pected to approach asymptotically a limiting, low-speed value. L C T :_;desjlg'go

This asymptotic behavior is not evident here, particularly for the o i 0.0

data for +10 deg of incidence. This may be partly due to the [ P gy

effect of the AVDR. The calculations of Sarog8] (Fig. 6) sug- [ ———— -, =-10.0°

gested that at low Mach numbers the observed losses would be -

increased by values of the AVDR greater than 1.0, which applies 406) TR N O ST S O B SRSRT SO S M

for the +10 deg measurements. However, the main explanation 25 0.50 0.75 1.00 1.25
probably lies in the effect of low Reynolds numbers. For the low Exit Mach Number, M,

Mach number data points shown in Fig.(&) the Reynolds num-
ber was the order of 500 000. The influence of the Reynolds nuifig. 13 Effects of incidence and the Mach number on the exit
ber on the losses is confirmed later in this section. flow angle
Figure 11b) shows the variation of Ywith incidence for fixed
values of M. These curves are a essentially a cross plotting of the
data from Fig. 1(a), using interpolated values of; ¥t the desired
values of M. Data for +14.5 deg of incidence have also been The higher than expected losses at very low Mach numbers
included to demonstrate the likely influence of the AVDR. prompted a brief investigation of the influence of Reynolds num-
For subsonic exit Mach numbers, the present blade has failgr- Measurements were made for a range of Reynolds numbers at
constant losses for abortl0 deg about the design incidence. Thé fixed exit Mach number of about 0.56 and an incidence 415
small rise in losses a$10 deg is approached is most likely due t¢leg. The Reynolds number was varied by partially blocking the
increased loss production in the suction-side boundary layer 8find tunnel exhaust, and thus forcing up the cascade outlet pres-
the forward part of the blade. As discussed by Derf@Bl, the sure. The results for the losses are shown in Fig. 12. The loss
loss production in a boundary layer varies as the cube of the edgefficient measured at a Reynolds number of 800 000 was used
velocity. A velocity overshoot near the leading edge similar t8s the reference value. As seen from the figure, the loss coefficient
that shown in Fig. 8 also occurs for lower Mach numbers, and tHigmained almost constant with decreasing Reynolds number down
probably explains the increase in losses. At its design-point Matthabout Re=600 000, and then began to rise strongly. For design
number of 1.05, the blade is more sensitive to incidence, as woiii¢idence and a different turbine cascade Ladwig and Fofr
be expected. On the other hand, the drop in lossesldt5 deg is found a similar strong rise in losses below a Reynolds number of
unexpected. However, this drop is consistent with the influence @pout 500 000. Assuming the results in Fig. 12 are representative
the AVDR on losses predicted by Saroch’s calculations: at sup@f-the behavior of the present cascade at other values of incidence,
sonic conditions, the h|gh AVDR of 1.25 for thel4.5 deg mea- Reynolds number effects seem to account for the uneXpeCtedIy
surements is predicted to reduce the losses noticeably compaiih values of loss coefficient seen in Fig(d)ifor low values of
with two-dimensional conditions. It is for this reason that limitecXit Mach number.

loss results are presented fo4.5 deg. Outlet Flow Angle. Finally, Fig. 13 shows the effects of both

incidence and the Mach number on the exit flow angle. As is

generally found, the maximum exit flow angle occurs at an exit
20 Mach near 1.0. As the downstream flow becomes supersonic, the
flow vector must swing back towards the axial to provide the
increase in flow area, and this is shown by the measurements.
Throughout the Mach number range14.5 deg of incidence pro-
duced the lowest outlet flow angles by about 0.5 deg. This is
probably an indication of the effects of a high AVDR on the outlet
flow angle.

1.5

1.0
Conclusions

Detailed measurements have been presented for the midspan
aerodynamic performance of a transonic turbine cascade at off-
design conditions. The blade tested is of recent design and incor-
porates modern design philosophies for high pressure turbine
blades.

T L The data cover a broad range of both incidence and exit Mach

2(9)000 600000 800000 1E+06 numbers. They provide a substantial addition to the data available

Reynolds Number, Re2 in the open literature on the behavior of transonic turbine blades at

off-design incidence. As such they could be used in the develop-

Fig. 12 Reynold’s numbers effects on losses at M ,=0.56, ment of improved correlations for profile losses, base pressure
ieftecive =4.5 deg behavior, and outlet flow angle. A limited investigation of the

Y, /Y, (Ref)

0.5

T T T T T
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effects of the Reynolds number indicated that the present blade &

experiences increased losses at subsonic exit Mach numbers
Reynolds numbers below about 600 000.

Sieverding recommended a minimum aspect ratio H/C of about

1.6 for two-dimensional, transonic testing of linear turbine cas
cades. This recommendation appears to be satisfactory for testi
near the design incidence. However, for large values of off-desi
incidence the axial velocity density ratio in the present casca
deviated significantly from 1.0. Fot14.5 deg in particular the
AVDR reached about 1.25 and this apparently reduced the loss

substantially below what they would have been for more nearly aX
two-dimensional conditions. Based on the present results, an as-des
pect ratio considerably larger than 1.6 is recommended for testing

at off-design incidence.
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le = leading edge
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Nomenclature

AVDR = axial velocity density ratio
J: (pZC(ax)z)MSd(y/S)
J:(plc(ax)l) msd(y/s)
AVR = axial velocity ratio
J:( C(ax)Z)M Sd(y/ S)
J‘:( C(ax)l)M Sd(y/ S)
C = blade chord length or flow velocity
C, = base pressure coefficient
(:M)
a2
Cpo = total pressure coefficient,
:“%Z_—F’m)
a2
C, = axial chord length
H = blade span
M = Mach number
P, = total pressure
P, = base pressure
P, = downstream static pressure
Re = Reynolds number
_(pCS)
o
To1 = inlet test section total temperature
ATy, = drop in inlet test section total temperature
We = wedge angle
Y, = total pressure loss coefficient(Pg— Pg2)/d5)
iefiective = €ffective incidence, in degreess+ @, — (1) ges—1
~liged .
o = throat opening
q = dynamic pressure=1/2pC?)
x = axial distance
y = pitchwise location
s = pitch distance
t = trailing edge thickness
a = flow angle measured from the axial direction, in
degrees
B = blade metal angle measured from the axial direction,
in degrees
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Experimental Study of 3D
Unsteady Flow Around Oscillating
o...r.auene | Blade With Part-Span Separation

L. He This paper documents an investigation conducted on the aerodynamic response of a
o turbine blade oscillating in a three-dimensional bending mode under massive tip separa-
School of Engineering, tion. Flow separation near the tip of the blade was realized by use of a step placed
University of Durham, upstream of the blade’s leading edge. Extensive blade surface steady and unsteady pres-
Durham, DH1 3LE, United Kingdom sure measurements were obtained from a test facility with clearly defined boundary con-

ditions for a range of reduced frequency. The experiment is designed to produce detailed
and reliable 3D test cases for aeroelastic applications. A complete set of steady and
unsteady blade surface pressure measurements is provided for five spanwise sections at
10, 30, 50, 70, and 90 percent of span. In addition, the issue of linearity is addressed.
Experimental results demonstrate a predominant linear behavior of the unsteady pressure
response.[DOI: 10.1115/1.1370164

Introduction The purpose of this work is to investigate the three-dimensional
unsteady aerodynamic response of a turbine blade oscillating in a
Bgnding mode with massive tip separation to enhance our under-

. - ; 4 nding of the three-dimensional nature of such unsteady flows. It
aerodynamic/aeroelasticity performances at design, as well as or-

X g . . . IS also intended to provide three-dimensional data, in order to
design, conditions. The development of improved design gu'd\‘?élidate a 3D numerical method
lines for low-pressure turbine flutter is an active research area as '
there have been several recent occurrences of instability in tiigyy, Speed Test Facility
kind of blades(Schmidt and Riess, 1994]). Of particular inter- : i T
est is the understanding and prediction of the blade aeroelasticiy" this section of the paper the low speed flutter test facility is
at low load operation, such as start up. Under such conditions 21‘% cribed. A more detailed description is provided by Bell and He

flow near the tip of the rotor is massively separated due to t 997 [8].

formation of the typical back-flow with strong vortices coming Test Rig. Test data were provided by a test facility using a
from the hub of the previous statdfig. 1). The adverse pressure|arge-scale single prismatic turbine bladehord: 0.2 m. The
gradient breaks down and there is a region of de-energized floyorking section was a self-contained unit located within the ex-
For the last stage of a steam turbine with high aspect ratio apgust of a low speed wind tunnel. The sidewalls of the working
unshrouded tip section, blade aeroelasticity then becomes a majggtion were profiled in an attempt to simulate the adjacent blades
concern. Separation-related blade aeroelasticity instabilities, sif-cascade, while providing a clear definition of boundary condi-
lar to the stall flutter in compressor blade rows, are likely to occufions. These profiled regions of the sidewalls met plane sections,
Furthermore, the large-scale separation patterns may themsely@gch were extended two and a half chords up, and one chord
become aerodynamically unstable, resulting in rotating stall. Hownstream of the blade. A three-dimensional mode of blade vi-
the latter case, the forced vibration associated with the rotatipgation was obtained by hinging the blade at root and harmoni-
pattern could become a serious problem. In addition, strong flowally driving the tip section at a sinusoidal rate with a single bar
structure coupling may lead to a lock-in of a rotating stall pattefgyank type mechanism connected with a rod protruding from the
to a blade vibration mode. blade tip(Fig. 2). Table 1 describes the basic operating conditions
Although some test measurements have been obtained from isfaihe experimental work performed in the low speed flutter test
instrumented turbomachines, e.g., Barton and Halliwg887 facility.
[2], most of the experimental test cases for the prediction of un-
steady flow around oscillating blades are carried out using linear
or annular cascade with driven blades. For instance Carta and
Hilaire (1978[3], 1980[4]), Bolcs and Fransso(1986 [5], or He
(1998 [6]. Unfortunately, due to the nature of the experiment, o
through the measurements taken, only 2D experimental data f
been published to date. Bell and KE997) [7] published 3D test
data for unsteady flow around oscillating blades. His results sha
a marked three-dimensional behavior of the unsteady flow. Usir
the same test rig, detailed and reliable 3D test data for a turbil
blade oscillating in bending mode with massively separated flo'
are presented. The measurements include steady results as we
unsteady results with a range of reduced frequency. The lineari }
of the test configuration is subsequently examined.

The development of modern steam turbine generators
strongly influenced by the capabilities in predicting bladin

vortex within stage

Throughflow

Contributed by the International Gas Turbine Institute and presented at the 45w+
International Gas Turbine and Aeroengine Congress and Exhibition, Munich, Ger- . . L
many, May 8-11, 2000. Manuscript received by the International Gas Turbine Inskiig. 1 Schematic representation of separated flow inside the
tute February 2000. Paper No. 2000-GT-562. Review Chair: D. Ballal. last stage of a steam turbine at low flow conditions
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~
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—————-

1% Span

Blade drive B[ade

Hub

Fig. 3 Working section in side view with the step used to cre-
ate flow separation

with a step height of 50 percent span height, two axial chords long
and placed 15 mm upstream of the leading edge. The noticeable
height of the step is a consequence of the test facility’s low speed,

inlet ;
which allows the flow to recover very shortly after the step. Flow
Fig. 2 The test facility working section with step upstream of visualization using cotton wire was carried out all around the
the blade blade, and showed the flow was reattached at around 30 percent

chord both surfaces.

Instrumentation, Data Acquisition and Reduction. The Experimental Results
blade surface was instrumented with 110 static tappings, evenly,
distributed over five spanwise sectiofd® percentnear hub, 30, Steady F_I_OW Resul_ts. Steady flow results are present_ed for
50, 70, and 90 percerthear the tip span. At each spanwise the test facility operating at a Reynolds number ob418?, with
section ten tappings were positioned on both the pressure hdyPical exit reference velocity of 33.4 ms Blade pressure
suction surface, with an extra tapping at the leading and the trditeasurements were recorded with a tited manometer bank. Fig-
ing edge. These tappings were used for both steady and unstedifp 4@ and 4b) show the comparison at steady state of the
pressure measurements. Five externally mounted pressure tr&faUC pressure coefficient with, and without step, for 10, 50, 70,
ducers(type: Sensym 142C01D, 0-1 psi rangeere employed and 90 percent span. Major differences can be observed. From 10
for unsteady pressure measurements. The unsteady pressureP§EEENt span to 90 percent span the pressure surface and the suc-
nals from the five pressure transducers were discretized surface present different static pressure coefficients. From 10
logged on a personal computer using an Amplicon PC-74 ddt&rcent span to 50 percent span, the static pressure coefficients are
logging card. The acquisition of measurements was triggered er on both the pressure and the.suctlon. surfaces. A§ the flow
fixed phase in the blade motion by use of an optical SchmR@SSes by the step, it accelerates, increasing the velocity but re-
trigger. In an effort to improve the signal to noise ratio and t§ucing the pressure. Up to 50 percent chord, at 70 and 90 percent
remove the contribution from turbulent fluctuations, the unstead@n. the flow is fully separated and the blade is now very nega-
pressure signals from each tapping were ensemble averaged V&Y loaded.

40 periods. The ensemble-averaged signals were reduced intnsteady Pressure Measurements. The results presented
their harmonic components using a Fourier transform. The fingre are in the form of the first harmonic pressure. Figures 5 and
harmonic components were then corrected for phase shift and @iyresent the phase angle and the amplitude of the first harmonic
tenuatlon_along_the tube lengths, which separated the blade PHessure response with no step, for a reduced frequency of 0.25.
face tapping points and the transducer. Figures 7 and 8 show the phase angle and the amplitude of the
dirst harmonic pressure response with step for a reduced frequency
edge near the tip of the blade was produced by the use of a spdf-25- Figure 9 presents the aerodynamic damping with step and
placed upstream of the blade’s leading edig. 3. When pass- Without step at the same reduced frequency. In order to preserve
ing the sudden enlargement, the flow separated with consequelAfiy they are provided for just four spanwise sections: 10 per-
pressure loss. The distance of the step from the blade had to beSlt SParinear hub, midspan, 70 perceitseparated floyy and 90
enough to allow bending mode flutter. Different steps have be@frcentnear tip, separated flowWhen comparing Figs. 5 and 7,
modeled and tested for different distances from the leading edgdS observed that the separated flow clearly modifies the phase

of the blade. The experimental results for this paper were obtair@ag!€ Of the first harmonic pressure. On the suction surface, the
measured phase angle of the first harmonic pressure still indicates

a stable aeroelastic condition, with a phase lead with respect to the
blade motion. Nevertheless, the phase angle closer to 0 degrees at
70 percent span indicates a decrease in blade aeroelastic stability
Experiment Conditions (Fig. 7(i)). This decrease in aeroelastic stability at 70 percent span
can be observed in Fig. 9. At 70 percent span the phase angle

Separated Flow. Separated flow upstream of the leadin

Table 1 Operational conditions

Nominal deflection 40.3 deg ; : :
Typical reference velocity,o( 33.4 mis increases with the chord, which means that the unsteady pressure
Bending mode direction 35.5 détp axial) response over the suction surface is now led by the training edge,
Bending amplitude at tipBc 0.055 chordicase 1~ with a pressure wave propagating upstream. Apart from 70 per-
Bendi litude at hub 0-82()75’60hr?r$gase 2 cent span, there is a consistent shape in the phase angle of the first
ending amplitude at hu 0.005 ch%rgcagg% harmonic pressure. The measured phase angle of the first har-
Reynolds number, Re 4.5% 10° monic pressure on the pressure surface is seemingly unaffected by
Reduced frequency 0.15, 0.25, 0.50 the separated flow, except at 70 percent sff&g. 7(ii)). At 70
percent span the phase angle decreases after 50 percent chord.
520 / Vol. 123, JULY 2001 Transactions of the ASME
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Fig. 4 (a) Steady flow blade pressure measurements with and without step at 10 and 50 percent span. (b) Steady flow blade

pressure measurements with and without step at 70 and 90 percent span.

This variation indicates that the unsteady pressure response raagle. The amplitude of the first harmonic response for the pres-
the trailing edge now lags that directly upstream of the pressusare surface follows a uniform trend similar to that without flow
surface. The amplitude of the first harmonic response over tbgparation.

suction surface is unchanged except for 70 and 90 percent span.. ) ) ) ) ) )
The high amplitude at 70 percent is due to an increase of the flowkinearity. Linearity will now be examined through compari-
angle inside the working section. The low inertia of the flow inson of the amplitude and the phase angle of the first harmonic
duced by the flow separation increases the effect of the presspressure coefficients for two different bending amplitudes. This is
gradient from pressure to suction surface and changes the flof\general interest in terms of the behavior of the unsteady flow. It

190 ' ] Suction Surf 30 ' !
160 H|{ — & -10% Span |__ Suction Surface - 330 — & -10% Span
140 { —4A—50% Span J_ — - d ] —&—50% Span
H —e -70%s i - i . x
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‘;_80 Pad / —- o>
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N =T S5
20 F"‘i{' -
0 0.2 0.4 0.6 0.8 1 0 02 0.4 0.6 08 1
Chordwise Position, x/C Chordwise Position, x/C
(i). Suction surface (ii). Pressure surface
Fig. 5 Phase angle of first harmonic pressure with NO STEP (Bc: 0.055 C at k: 0.25)
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Fig. 6 Amplitude of first harmonic pressure with NO STEP (Bc: 0.055 C at k: 0.25)

is also important in order to estimate the suitability of the timehavior of the unsteady aerodynamics when the flow was not sepa-
linearized assumption for the general computation and modelirated, Bell and H&1998 [9]. It is therefore to be expected that

of oscillating blade flows. Figure 10 shows the spanwise distriblinearity will be sustained for both amplitude and phase angle at
tion in the aerodynamic damping for two different bending amplitO and 50 percent spafrigs. 11 and 12 More surprising is a
tudes. Figures 11 and 12 present, respectively, the amplitudes &ndar behavior in a region of high unsteady pressure activity until
the phase angles of the first harmonic pressure coefficients ¥ percent chord at 70 percent spéing. 11(ii)). Downstream of

both blade surface and two different bending amplitudes. Figur@ percent chord, nonlinear behavior is indicated by the presence
13 shows the relative amplitudes of the second harmonic pressafea predominant second harmonic pressure respdfige 13.
response. The test facility demonstrated predominantly linear beie measured phase angle at 90 percent span proved to also be
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Fig. 7 Phase angle of first harmonic pressure WITH STEP (Bc: 0.055 C at k: 0.25)
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Fig. 8 Amplitude of first harmonic pressure WITH STEP (Bc: 0.055 C at k: 0.25)
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Fig. 9 Aerodynamic damping with step  (Bc: 0.055 C atk: 0.25)  Fig. 10 Spanwise distribution in the 2D damping coefficient
for two different bending amplitudes (k: 0.5)

quite linear, apart from the leading and the trailing edge of th€oncluding Remarks

pressure ;urface. The_ relative amplitude at 90 percent span ex.hibThe results and interpretation of an aerodynamic response from
Its a nlonhkr;earbbehavaor_ O‘llfr tq% b[I:a_\de. T?? nr(])nlmear beha.\l’.'g'rturbine blade oscillating in a three-dimensional bending mode
can aiso be observed In Fig. V. Figure Shows a preval '%%Ser massive tip separation were presented. Steady and unsteady

nonlinear behavior at 10 percent span near the trailing edge angaleg re measurements were also provided. Finally, linearity was
70 percent span hear the leading edge suction surface. This Nokls

. ! 7 X ; ecked. The conclusions for this study are as follows:
linear behavior coincides with a region of low unsteady pressure
activity and therefore cannot be regarded as an indicator of non- Steady results: Blade static pressure coefficients show that

linearity. the step separated the flow near the blade’s tip. Due to the in-
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Fig. 12 Phase of the first harmonic pressure response

creased velocity and the lower pressure of the flow when passiAgknowledgments
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» Unsteady results: In the separated flow region the unstea BB-ALSTOM for their technical support

pressure had a destabilizing effect on the blade aeroelasticity.
 Linearity: Experimental testing for linearity demonstrated
predominantly linear behavior of the unsteady aerodynamics. Nomenclature

Ap, = amplitude of thenth harmonic pressure respon$t
Bc = bending amplitude at tip, nondimensionalized with

chord
2 B, = local bending amplitude, nondimensionalized with
} | | | | ] |L434'"F Edge " chord 9 amp
® Bc: 5.50 %, 10% span 1dtidn C = blade chordm)
18 T 0 Bo: 5.50 %, 50% span irrace Cp = steady pressure coefficier@p=(P—P)/(Po;—P>)
+Bc: 5.50 %, 70% span Y o5 |Cp,| = amplitude of thenth harmonic pressure coefficient,
S121 . - Cpnl=|Pyl/(Po1—=P2)Bc
§1 2 ] 48e:5:50 %, 90% span Rl dA = |proje|ct(ld lllade surface ar@anit span, normal to the
= + direction of bendingm?)
Sos8 P s h = blade sparim)
- Sprfa R k = reduced frequency, based on chord and reference ve-
A locity
04 % S = pitch (m)
T ‘lp 4 8 T2 Vier = reference velocityms 3), V,oi= 2(Po;— P,)/
:*#‘ ::l.ba'tagﬂ:‘ ref: ¢ Cl v Vief— V 01 2)1p
0 ; ' X = chordW|se_ posmor(m)
4 05 0 05 1 z = radial position(m)
Chordwise Position, x/C ¢, = phase angle of thath harmonic pressure response,
deg
Fig. 13 Relative amplitude of the second harmonic pressure & = coefficient of aerodynamic damping,&=(1/h)
response X [nfc[(— 7B |Cp,|Sing, )/CB:]-dA-dz
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Subscripts [4] Carta, F. O., and St. Hilaire, A. O., 1980, “Effects of Interblade Phase Angle
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1 = inlet parameter, 1st harmonic [5] Bolcs, A., and Fransson, T. H., 1986, “Aeroelasticity in Turbomachines: Com-
parison of Theoretical and Experimental Cascade Results,” Communication

2 = outlet parameter, 2nd harmonic
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Some Aspects of Wake-Wake
Interactions Regarding Turbine
Stator Clocking

Maik Tiedemann This investigation is aimed at an experimental determination of the unsteady flowfield
downstream of a transonic high pressure turbine stage. The single stage measurements,
Friedrich Kost which were part of a joined European project, were conducted in the windtunnel for

rotating cascades of the DLR @&imgen. Laser-2-focus (L2F) measurements were carried

Institute of Propulsion Technology, out in order to determine the Mach number, flow angle, and turbulence distributions.

German Aerospace Center (DLR), Furthermore, a fast response pitot probe was utilized to determine the total pressure

Géttingen, Germany distribution. The measurement position for both systems was 0.5 axial rotor chord down-

stream of the rotor trailing edge at midspan. While the measurement position remained
fixed, the nozzle guide vane (NGV) was “clocked” to 12 positions covering one NGV
pitch. The periodic fluctuations of the total pressure downstream of the turbine stage
indicate that the NGV wake damps the total pressure fluctuations caused by the rotor
wakes. Furthermore, the random fluctuations are significantly lower in the NGV wake
affected region. Similar conclusions were drawn from the L2F turbulence data. Since the
location of the interaction between NGV wake and rotor wake is determined by the NGV
position, the described effects are potential causes for the benefits of “stator clocking”
which have been observed by many researchéBOl: 10.1115/1.1370158

1 Introduction due to clocking is reported by Dorney and Sharfad]. In the

The continuing challenge to improve the durability and perfopumerical investigation of a 1.5-stage turbine, they observed over-

mance of turbomachinery has motivated designers to put mdte efficiency variations of approximately 2 percent.
and more effort into the investigation of unsteady effects caused/Vhile Blair et al.[13] observed in a 1.5-stage turbine that the
by the relative motion of neighboring blade rows. According t§ffect of NGV clocking on the second stator heat transfer was
Arndt [1], the interaction of an upstream stator wakénich con- negligible, Johnston and Fleetgt4] found, in a two-stage tur-
vects through the rotdrand the rotor wakestator-rotor wake bine, significant clocking effects on the unsteady heat transfer
interaction may have a significant impact on both the aerodycoefficient of that blade row. Hsu and Wa5] reported on the
namic and the structural performance of downstream blade rowsneficial use of clocking for the reduction of unsteady blade
Indexing (clocking of a turbine nozzle guide vanéNGV) loading in a compressor.
changes the circumferential location of the NGV wake-rotor wake Most of the above studies indicated maximum efficiency when
interaction in the inlet plane of a downstream stator. the first-stage stator wake impinges on the downstream stator
Investigations of clocking effects both in compressors and tueading edge and minimum efficiency when it passes in between
b_ines have_ revealed a c_ertain potential for an increase in effyo vanes. Dorney et aJ6,4] and Gundy-Burlet and Dornes]
ciency. While Barankiewicz and Hathaw#g] found only a 0.2 gpserved that in compressors maximum efficiency occurs when
percent increase in overall efficiency in an experimental investie \wakes impinge slightly offset toward the pressure side rather

gation of a four-stage compressor, Saren e{&].measured @ yhan directly on the leading edge. Note that most of these inves-

remarkable Increase of up to 1.4 percent in a 1.5 stage Comprﬁaétions were conducted for identical blade counts of the blade
sor. Measurements in a 1.5 stage compressor by Dorney[éf] al.

indicated a possible efficiency increase of 1.0 percent point. N{?-WS’ €., clock.lng affected a.II downstrgam vanes in the sgme
merical investigations of Gundy-Burlet and Dorngg] in a 2.5 way. In real engines the benefits of clocking may be substantially
stage compressor and Dorney et[8ll in a 1.5-stage Compressorsmaller, due to different blade counts._ Although there seems to be
showed stage efficiency increases in the order of 0.6—0.7 percéhProad agreement about the potential of clocking for turboma-

In 1994 Sharma et al.7] reported an experimentally deter-chinery performance and about the optimum relative blade row
mined +0.5 percent variation in the overall efficiency of the twoJosition, very little and sometimes contrasting information has
stage turbine of a space shuttle high-pressure fuel turbopurfgen published about the assumed reasons. Among the suspected
Further measurements in the same rig by Huber ei@lindi- causes is the changed flow unsteadiness in the second stator inlet
cated efficiency variations due to clocking ©0.4 percent, while plane(see, e.g., Dorney and Shariii2]) which could be respon-

a numerical simulation by Griffin et al9] revealed only a varia- sible for changes in its unsteady transition patt@hfalker et al.
tion of +£0.15 percent. [16]). Another possible reason are variations in the downstream

In experiments conducted by Halstead ef&0] in a two-stage stator surface velocitie&Griffin et al. [9]).
low-pressure turbingLPT), clocking resulted in a 25 percent The current study is aimed at an identification of the variations
variation in the profile losses of the second stator. A numerici the unsteady flow pattern downstream of a transonic high pres-
simulation of the flow in a 1.5-stage LPT by Eulitz et fL1]  sure turbine stage at 12 NGV clocking positions. Since the uti-
showed an efficiency variation of 0.4 percent. The largest bengfiled model is only a single stage, no information on the actual
performance variation of a downstream stator can be given. Fur-

Contributed by the I_nternational GaslTurbine Institute and prggented at the 4%rmore, possible upstream potential flow effects of the second
International Gas Turbine and Aeroengine Congress and Exhibition, Munich, Ger;

many, May 8-11, 2000. Manuscript received by the International Gas Turbine Ins%tator are neglected. This paper presents results of laser-2-focus

tute February 2000. Paper No. 2000-GT-487. Review Chair: D. Ballal. (L2F) and fast response pitot probe measurements that were car-
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ried out in order to determine the mid-span distributions of MachTable 1 Geometrical parameters of the turbine blade rows
number, flow angle, turbulence, and total pressure 0.5 axial roter

chord downstream of the rotor trailing edge. NGV Rotor
Axial chord ¢y 29.86 mm 27.45 mm
. Tip radius 274.00 mm 274.00 mm
2 Experimental Apparatus Hub radius(inlet) 238.84 mm 238.84 mm
Aspect ratio(inlet) 0.71 1.07
2.1 The “Windtunnel for Rotating Cascades’(RGG). Stagger angle 51.90° 32.71°
The RGG is a closed circuit, continuously running windtunnelumber of blades 43 64

Fig. 1. A four stage radial compresgonaximum pressure ratio) 6
driven by a speed-controlled 1-MW dc motor provides a volume
flow rate of up to 15.5 rfis. All components of the facility are

accurately controlled by means of a “Simatic S5” industrial con . ; X e
Y y rotor pitch of Q. Furthermore, the NGV is shown in the position

trol system. . TR
Possible rotor speeds are up to 10,000 rpm in both directiond!/GV Ppitch is O.

The rotor is coupled to a speed-controlled 500-kW dc motor/ 5 3 Measurement Technique, Data Acquisltion and Data
generator, which can drive or brake the rotor in either directiog,4,ation
The conditions in the test section are adiabatic. An auxiliary com-
pressor provides air for the simulation of NGV coolant ejection. A 2.3.1 Laser-2-Focus (L2F) SystemThe measurement prin-
second auxiliary compressor can be utilized to provide simulatetple of L2F, depicted in Fig. 3, is rather simple. The L2F mea-
coolant air for the rotor. suring device generates two highly focused light beams in the
For a choked NG\typical for high-pressure turbingslPTg], probe volume which act as a “light gate” for tiny particles in the
the stage inlet Mach number is determined by the vane geomefitpw. The scattered light from the particles provides two succes-
The static pressure downstream of the NGV thr@aid thus the sive pulses, from the time interval between the pulses the velocity
stage pressure ratio and the NGV exit Mach numisecoupled to perpendicular to the laser beams can be derived. The system has
the rotational speed of the main compressor. Since the Reynoligen described in more detail by Kost and Kaptdj.
number depends mainly on the adjustable settling chamber presThe fact that the measurement volume consists of two very
sure and temperature levels, Mach and Reynolds number cansbell focusesdiameter roughly 1Qum) determines the general
varied independently within certain limits. features of the L2F systenti) The light intensity in a focus is
A NGV inlet turbulence level of approximately 1.5 percent igather high, accordingly small submicron particles which reliably
very small for a HPT flowfield. However, Blair et d113] ob- follow the flow are detectablg2) The small L2F measurement
served that, even though the effect of changes in inlet turbulene@lumes enable measurements close to walls—both features are
is dramatic on the NGV heat transfer, it is almost negligible on thgarticularly useful in high speed turbomachine flow8) The
rotor heat transfer. This observation was attributed to the fact thagin disadvantage of the small focuses is that the stop focus has
the rotor flowfield disturbances are due to the unsteadifvesises to be rotated around the start focus into {laepriori unknown
and shocksgenerated by the NGV, rather than to the inlet turbudirection of the mean flow, to enable the particles to pass both
lence. Therefore, this shortcoming of the facility does not necefocuses.
sarily decrease the applicability of the results obtained down-
stream of the stage. Since the probe carriage systems and the
laser-2-focus velocimeter are mounted in fixed circumferential po-
sitions, the NGV can be rotated by approximately 18 deg in order
to enable circumferential traverses.

ment location at which the data acquisition was stafiesl, a

2.2 Turbine Stage. The investigated turbine stage was de-
signed by Alfa Romeo Avio in the course of a European turbine
project. It comprises a state-of-the-art, full size, transonic, aero- 0-18°I
engine HPT. The geometry at midspan where this investigation
was conducted is given in Table 1. Figure 2 shows the stage and
the measurement positigd0 percent of axial rotor chord down-
stream of the rotor trailing edgeThe line labeled “Trigger”

corresponds to the relative position of the rotor and the measure- Measurement

position
Coolant
ejection
. fot
test section s
settling
chamber exit chamber
motor/generator Fig. 2 Stage configuration at midspan and measurement po-

sition. “Trigger” marks the rotor position at which the data ac-
quisition was started, i.e., “rotor pitch 0.”

start \

cooler n focus \\ ﬂ°";
vectors
— -%ﬁli:—ls:Jr—“—"l-) 7

- ICN | 7
L4 — [~ motor

i 7 stop focus
- /
Ty =T =~ radial compressor% /
7 s 7
Fig. 1 Sketch of the “windtunnel for rotating cascades” (RGG) Fig. 3 The L2F measurement volume (s=207 um)
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Table 2 Basic operating parameters of the turbine stage

Silastomer
27 absolute NGV exit Mach number M 0.937
* relative rotor exit Mach number } 0.938
absolute NGV exit Reynold’s number Re 0.866 10°
relative rotor exit Reynold’'s number Rg 0.396 10°
Kulite Semiconductor relative rotor inlet angle3, 40.9 deg
o XQC-050-1.7 bar abs, 1.4 mm relative rotor exit angleg; —56.1 deg
o) - /J M= - rotor speed\ [1/min] 7894
reduced speed M [1/(min/KY?)] 447.4
Pneumatic pressure, & 0.5 mm reduced mass flow M [kg/KY%(s kP3] 0.665
stage pressure ratioy, /Pos 2.64
l— @8 3 stage reaction factor r 0.454
/ stage loading coefficien¥ 1.519
stage flow factod 0.431
18 12

Fig. 4 Fast response total pressure probe with pneumatic
reference Ideally, the random components are averaged out in the resulting
periodic-unsteady signal. The EA random unsteadiness

N
1

The optical parts are all assembled in a rigid casing called the RMS = \/mzl (Pojj —Pop)? &)
optical head. It contains the laser, the photomultipliers to detect =
the scattered light, the optical parts to produce the two focuses aada measure of nonperiodic effects. Since the characteristic tur-
to transmit them to the measurement location, and finally a Bragglence frequency in the investigated stage of approximately 300
cell which serves as a light chopper during measurements insktdz is much higher than the low-pass filter frequency of the sys-
rotating blade channels. tem (45 kHz), RMS does not include turbulence effects.

An electronic encoder triggered by a one per blade impulse By means of time averaging, the 1024 values per NGV position
from the rotor delivers the actual circumferential measuremewere further reduced a single value per position. The time-
position relative to the rotor with a precision of 1/16 of the bladeveraged periodic fluctuations
gap. The data evaluation is based on standard statistical methods, 1 (T
and provides the Mach number, the angle and the turbulence in- BMS — \/_ = ()= )2
tensity of the flow. RMS, T L (Po(t) ~Po)"dt ©)

2.3.2 Total Pressure Probe.The total pressure probe uti- are an integral measure for the overall periodic unsteadiness of the
lized in this investigation(see Fig. 4 is equipped with a fast signal during the period Te.g., wake and shock induced unsteadi-
response piezoresistive pressure transducer. The cutoff frequeneys.
of this Pitot probe is well above 50 kHz. A thin silastomer film
protects the fragile diaphragm of the transducer against dust par-
ticles. Unfortunately, the resistances of doped silicon are tempera- | €St Parameters
ture dependent, which results in rather inaccurate mean values ofhe operating parameters of the investigated HPT stage are
the total pressure readings. In order to have an accurate referegigen in Table 2. The error margins in the determination of pneu-
mean value, a pneumatic pressure tube which was connected taatic pressures are of the order of 0.1 percent of the measured
standard pressure transdudeweraging time one seconavas value, temperatures are determined withif.3 K, and the error
added to the probe. Except for a resistor network in the unsteadythe mass flow is less than 1 percent of the measured value. A
transducer’s supply line, no attempt was made to correct for 8900 marks encoder is used to control N to withit rpm. The
temperature drift. As no rapid large-scale temperature variationgch number values in Table 2 have accuracies of approximately
were expected in the measurement region, this was not considefe8l004. The Reynolds number Ris based on NGV exit condi-
critical regarding the unsteady results. The probe was turnedtions and NGV chord, while Rg is based on rotor exit conditions
face the flow at the mean absolute flow angle. in the relative frame of reference and rotor chord. The presented

The signal of the transducer was low-pass filtered at 45 khtmarameters characterize the investigated stage as representative of
before it was fed into the PC-based 12-bit analog-to-digA#D) a small to midsize aircraft engine HPT.
converters. The A/D conversion was paced by a shaft encodefThe NGV vanes are equipped with coolant ejection slots at the
which triggered exactly one sample for each of the 1024 pulsespitessure side, close to the trailing edgee Fig. 2 Tests were
delivered per revolution. This technique guarantees, that thenducted with no coolant ejection and with the design ejection of
samples are taken at the same relative NGV-rotor-probe positi8rpercent of the main mass flow. In addition, two interblade row
in every revolution, which is beneficial for the ensemblegaps(0.5 ¢, ey and 0.38g, ney) Were investigated. Even though
averaging technique described below. For the nominal rotor sped flowfield inside the rotor passage shows supersonic portions
of 7894 rpm the resulting sampling rate is 134.7 kHz. For detaiihd a passage shock, no effects of rotor trailing edge shocks were
on the data acquisition and evaluation system see Tiedefd&hn detected at the measurement location.

In order to separate the periodical and random signal compo-
nents, the ensemble-averagiffgA) technique was applied. The . .
data of the 448 sampled revolutions was averaged at 1024 fixéd Results and Discussion
NGV-rotor-probe phase angles. Thus the EA pressure signal is4

. .1 Time-Averaged Results. The time-averaged Mach
obtained from

numbers and total pressures measured downstream of the rotor,
are presented in Fig. 5 for the test case of NGV/rotor gap of
N 0.5G nev Where ¢, =3 percent for the investigated NGV pitch.

pmziz Pojj, 1=0...1023,N=448 (1) Around a NGV pitch of 0.8, both traces show distinct minima
N= caused by the low speed, low total pressure flow of the NGV
528 / Vol. 123, JULY 2001 Transactions of the ASME
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Fig. 5 Time-averaged Mach number and total pressure data Fig. 8 Time-averaged Mach number and total pressure data

for NGV/rotor gap of 0.5c 5 nev, Where ¢ ,=3percent. The for a NGV/rotor gap of 0.38 C NGy, Where ¢ ,=3 percent
circles mark NGV positions of time-resolved plots in Fig. 13.
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Fig. 6 Time-averaged turbulence and total pressure fluctua- Fig. 9 Time-averaged turbulence and total pressure fluctua-
tions for a NGV /rotor gap of 0.5¢ ,ngyv, Where ¢ =3 percent. tion data for a NGV /rotor gap of 0.38C gy, Where
The circles mark NGV positions of time-resolved plots in Fig. cn=3 percent
14.
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\ A ~
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Fig. 7 Time-averaged absolute flow angle data fora NGV  /rotor ~ Fig. 10 Time-averaged absolute flow angle data for a NGV /
gap of 0.5¢C 4Ny, Where ¢ =3 percent. The circles mark NGV rotor gap of 0.38c ey, Where ¢ ;=3 percent
positions of time-resolved plots in Fig. 15.

Ci == 0% =-3%
52

wake. NGV suction side effects are plotted to the left of this wake. R Lz ?':l
The circles on the x axis mark the origin of the time-resolved data ~= //’ 95
presented in the next section. 2 )
Figure 6 shows the turbulence intensity and the total pressure 46
random fluctuations for the same test case. The turbulence is 0.0 o2 °§Gv%§ch:: 10 12

based on the constant circumferential velocity, and is thus a mea-

sure for velocity fluctuations which is independent of the locatig 11 Comparison of time-averaged total pressure data for 0
mean velocity. Due to the lack of a similar value for the totabercent and 3 percent NGV coolant ejection, the NGV /rotor gap
pressure, the RMS values are normalized by the local timg-0.5 c 4 ney

averaged total pressure. Note that both values decrease when the

flow is affected by the NGV wakéaround a NGV pitch of 0.8 . " .
Due to the high degree of unsteadiness in the wakes, it could be Cui — 0% =- 3%,
expected that these measures of unsteadiness increase rather than perl9d|c4/’\\u //. 2
decrease. It is well known that stator clocking is most effective Auctuations ! ;) 7]
when the(time-averaged NGV wake impinges on the leading random |-~ 0=y > 4 ;:'
edge of the downstream staionaximum efficiency. A couple of Huctuations \ 7 2
researchers arrived at the conclusion that unsteadiness variations 00 02 o4 o6 ;s o
due to clocking are the cause of changes in downstream blade row ) ) NGV Pitches : ’

efficiencies, their results are, however, contradictory. While Dor-

ney and Sharmpl2] reported maximum efficiencies at maximum,:ig. 12 Comparison of time-averaged total pressure fluctua-

unsteadiness, Griffin et 49], e.g., observed maximum efficiencytion data for 0 percent and 3 percent NGV coolant ejection, the

at the lowest flow unsteadiness. Since the measurement locatioNn@V/rotor gap is 0.5¢ ey

the current study represents a typical position of a second stage

stator inlet plane, maximum efficien¢]GV wake impinging on

the vane leading ed@en this case would be accompanied by

minimum flow unsteadiness. An additional effect that might havease, it is not surprising that the variations in the fluctuations are

a severe impact on the flowfield of a downstream stator is tlcreased with respect to the larger gap case. Saren E3lal.

considerable flow angle variation of about 6 deg shown in Fig. found an increase in maximum stage efficiency from 1.0 percent
Figures 8—10 show the same type of time-averaged results for1.4 percent when they reduced the inter blade row gap from

the smaller NGV/rotor gap (0.38cycy). Since the axial distance 0.66 axial rotor chords to 0.23 axial chord lengths. This is a fur-

between the NGV and the measurement location is reduced in ttfier indication for a relation between the unsteadiness variation
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Fig. 13 Ensemble-averaged Mach number and total pressure Fig. 14 Turbulence and total pressure fluctuation (normalized
traces for five different NGV clocking positions; C =3 percent, by the time-averaged total pressure ) traces for five different
and the axial gap is 0.5C 4 ey NGV clocking positions; C =3 percent, and the axial gap is

0.5Caxnav

and clocking benefits. Since the qualitative features are quite simi- . . .
9 g d results(left ordinate$ were determined for only one pitch,

lar in the two test cases and the time-resolved total pressure pr 3 od twice to f t hile the nitot probe dat
data for the smaller gap suffered from noise problems, the disu?é-'- Wwere copied twice 1o form one trace whilé (ne pitot probe data

sion in the next section will be based on the large gap data. right ordinatey was determined for all 64 rotor pitches. Due to

The time-averaged probe data for the two investigated NGQ?e rotor motion, t_he pitch Va"%?s along t_he a_bscissa are a time
coolant ejection rates are presented in Figs. 11 and 12. E le. The respective NGV positions are given in the plot title, and

though the coolant “fills up” the NGV wake, there is no indica-the relation to the pitch position in the time-averaged data plots is

: P : ; dicated by circles in Figs. 5-7.
tion of significant differences between these cadbe slight in - .
phase shift is due to the coolant induced change in NGV exit flow Tre rotor wakes are ‘E?ar'i’sv'ls"blﬁ in the IMachhnuml:;]er and
angle, i.e., no differences in the effects on downstream rows a['%ta pressure't_racgs In I%‘f .dnbt ehtopNg{)/t, Wkerebt ?] rgea-
to be expected. The time-averaged periodic fluctuatipesiodic Sur€ment position Is not aftected by the wake, both data
with respect to rotor wake occurrengegven in Fig. 12 indicate races show distinct portions of rotor wake fldminima and
that the periodic features of the flow decrease as well under ffior Passage flomaxima. When the NGV is moved and its
influence of the NGV wake, i.e., thensemble-averageadmpli- vv_ake starts to affect Fhe investigated Ioce_lt(seqond plot, NGV’
tude of the total pressure decreases. This in turn, means that th 0.503 the ampl_ltude of Fhe fluctuatlons IS decr_easmg. For
rotor wake depth is reduced in the NGV wake affected regiof'¢ [otal pressure this reduction in periodic fluctuations was al-
Note that both fluctuation values decrease by roughly 50 perce gdy qbserved in th;.d'ffusi'gnv% the htlm’(\elgtlle_raged pgr'de'C
Summing up, the time-averaged data gathered downstream Hptuaglons prlt_es:(ejnt_ed_m 9. oo en t If d rlks mov% ur-
the rotor indicates a significant reduction of random as well 48€" the am_pl) 't# &in |cat|r}gr;[ eNrgt\?r Wi e ﬁeDl KEEpSs he-d
periodic fluctuations in the region affected by the NGV wak _r(e;/smg L:]n37t ge c'::enterﬁ the S wa el_edect '? kr)eahc ed at
While the variation of the NGV coolant ejection did not alter th » pitch 0.759. From there on, the amplitudes of both traces

flow pattern in the measurement plane, the reduction of the NG over until t_heir qriginal level is re-established when the mea-
rotor gap from 0.5g, yay 10 0.38G, Ny led to an increase in the surement position is no longer affected by the NGV wéte
observed fluctuation variations. bottom plot of Fig. 13 Note that the total pressure base level

(value of the minimaremains more or less constant, i.e., only the
4.2 Time-Resolved Results. As the effect of NGV coolant maxima are affected by the NGV wake. Apparently, the reduced
ejection was negligible, only the time-resolve@nsemble- total pressure in the chopped portions of the NGV wake decreases
averagegldata of the 0.5 ey NGV/rotor gap, 3 percent coolant the total pressure of the rotor passage flow, and thus the difference
ejection test case is presented in this section. Data traces of fivdiaf., the amplitudebetween rotor core flow and rotor wake flow,
the investigated 12 NGV positions are shown in Figs. 13—15. Thehich results in the observed reduction in periodic fluctuations.
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2 NGYV Pitch: 0.167 rotor wake fluctuations are narrower in the NGV wake affected
positions, while the data in Fig. 13 indicate that the rotor wake
itself broadens. In addition, the structure of the data traces

‘°;‘ o / / / changes, particularly in the RMS values. Figure 16 shows a com-
o N/ N/ N parison of total pressure and RMS data for the NGV pitch position
-25 1.104, where the mentioned structure is most pronounced and the
NGV Pitch: 0.503 measurement position is not affected by the NGV wake. In be-
25 tween the rotor passage flow and the wake core region the RMS
trace shows two distinct maxim#abeled the “suction side” the
E and “pressure sideJ. Since the RMS data do not resolve turbu-
3 \_| I\ \ lence, these maxima probably res(dmong other randomly un-
25 steady features, such as changes in the vortex sfreat mixing
effects at the wake rims. In the turbulence data not only the fluc-
25 NGV Pitch: 0.759 tuations at the wake rims but also the high turbulence intensity

inside the wake is resolved. Therefore, the double-peak pattern
observed in the RMS data may be hidden in the turbulence data.

‘°;' 0 The center plot of Fig. 14 shows that the observed pattern al-
) 7 4 v \ most vanishes when the measurement position is affected by the
-25 NGV wake. Since the discussion of the Mach number and total
NGV Pitch: 0.845 pressure data led to the conclusion that the differences between
25 rotor core flow and rotor wake flow are reduced in this configu-
ration, it appears reasonable that the wake mixing effects are re-
Z o A V- 2\ duced as well. This hypothesis would explain the vanishing of the
8 / \ / \ / \ two peaks in the RMS tracéshich were mainly attributed to the
wake mixing effectsand the narrowing of the turbulence maxima
-25 . L o )
(which may be a combination of wake mixing unsteadiness at the
o5 NGV Pitch: 1.104 rims and turbulence in the core
Apart from wake mixing differences, the unsteady boundary
- A\ layer transition on the rotor surfaces may contribute to the ob-
5 0 / N / N I N served fluctuation variations. An earlier investigation in the same
f N N A rig (Tiedemann and KogtL9]) showed that the rotor suction side
-25 5 ; 2 3 boundary layer experienced bypass transition when affected by
Rotor Pitches the NGV wake and a combination of bypass transition and shock-
induced separated flow transition in between two NGV wakes.
Fig. 15 Absolute flow angle traces for five different NGV These differences in the boundary layer development certainly
clocking positions; C y=3percent, and the axial gap is introduced variations of the rotor wake structure.
0.5Caxnev As the base level of the plots remains relatively constant, the

NGV wake induced decrease in the time-averaged @ata Fig.
. .~ _6) appears to be solely a result of the reduced maxima in this
The turbulence and total pressure fluctuation data shown in Figynfiguration. The higher turbulence level inside the NGV wake
14 indicates not only a significant reduction in the mean léael spould significantly increase the turbulence in between rotor
seen in the time-averaged data in Fig. lfut also a change in the \yakes when it passes through the rotor passage and over the mea-
time-resolved pattern when the measurement position is affectggtement location. A possible reason for the fact that this increase
by the NGV wake. The width of the maxim@epresenting the is aimost negligible may be the considerable acceleration inside
rotor wake flow reduces from the top plddata not affected by the rotor passage.
the NGV wakg to the center plotcore of the NGV wakeand  he ghsolute flow angle data given in Fig. 15 indicate that a
increases again when the NGV is moved further. Apparently, thgywnstream stator would experience a significant decrease in
mean incidencgalso see Fig. J7and a slight decrease in the
incidence variatior(approximately 3 deg with respect to the un-

Rotor passage flow = @ ke affected configurationwhen the NGV wake core affects its lead-
NGV Pitch: 1.104 ‘\‘ e ing edge the NGMpitch is 0.759. However, a much larger de-
— T T 60 crease (approximately 10 degoccurs when the NGV wake
; : : : = approaches the pressure side of a virtual downstream $hGW
PN 5= pitch=0.674; a=—3.5 deg—19 deg, not presentgdThe de-
N ' e . . . .
/ N /l N 2 crease in angle variation that results from the reduction in wake
Y ] “ mixing intensity may possibly be shifted pitchwise by a secondary
I R effect.
[ s All'in all, the presented data indicate a considerable decrease in
R N ¢ Z both the periodic and random fluctuations of velocity and total
FNAYDVAYTUA & pressure, when the NGV wake affects the measurement position.
N 4 © . . .
\ \JX : \L =1 Large potions of this decrease may be attributed to the NGV wake
T ‘\ | \ 2 8 induced reduction of the “step” in the flow parameter levels be-
0

o . ry T tween the rotor passage flow and the rotor wake flow. This re-
Rotor Pitches \ duced step results in a decrease of the wake mixing intensity and

Pressure side . . . 7
thus in random fluctuations. Furthermore, a considerable variation

Suction side of the second stator incidence angle occurs under the influence of
Fig. 16 Comparison of total pressure and RMS values; the NGV wake. This incidence variation is slightly out of phase
Cp=3 percent, the axial gap is 0.5C ,nev and the NGV pitch is  Wwith the random fluctuation variation.
1.104 Walker et al.[16] measured downstream of a 1.5-stage low-
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speed compressor significant variations in the stator wake moméime authors gratefully acknowledge the financial support by the
tum thicknesses when the IGV was clocked. This phenomen@EC. Furthermore, we would like to thank E. Spferling, A.
was attributed to changes in the stator boundary layer transitidappe, and A. Uhl for their technical support during the tests and
which are caused by changes in the stator inlet fluctuations. Astire data acquisition.
the current study, the lowest fluctuation level occurred when the
IGV wake impinged directly on the stator leading edge, whicNomenclature
was assumed to be the configuration producing the lowest overall )
losses. The stator boundary layers are likely to be more resistant Gax = [m] axial chord o
to separation at the lower inlet fluctuation condition. These obser- ©m [percent NGV coolant ejection rate
vations may be the explanation for the benefits of clocking in % = [J/kg K] specific heat
compressors. However, since the current measurements revealed™ [kg/s] mass flow rate
similar fluctuation variations, the same physical phenomena may™red = [kgyK/(s kPa] reduced mass flowmy/Toy/po;
be responsible for efficiency increases in transonic turbines. M = Mach number
Griffin et al. [9] stated that considerable portions of the NGV N = [RPM] number of evaluated rev., rotor speed
wake-induced efficiency increase may be attributed to the reducedNred = [1/(min\/R)] reduced speedN/Ty;
surface velocities on the downstream blade row. A second sus- p = [kPa pressure

pected reason was the reduced turbulence due to a reduction in the . (P2/Pon)” Y= (palpon)? ™Y
stator inlet fluctuation level. Both phenomena were also detected ' = reaction factor 1—(p3/po)” V7

in the current measurementassuming that the reduced inlet g — Reynolds number 7o

Mach number would result in reduced surface velocitietw- s = [um] distance between the two L2F focuses
ever, the total pressure ratio in the two te@pproximately 1.46 T = [K], [s] temperature, period

for two stages in the first casg8], approximately 2.6 in the |, = [pe’rcen] turbulence ’intensity

present casaliffered significantly, which reduces the comparabil- | _ [m/s] circumferential velocity

ity of the two results. Dorney et a[4] observed reduced skin 3 _ [deq] absolute, relative flow anglevs. axial direc-
friction values in the maximum efficiency configuration, which tion)

may also be an indication for boundary layer transition variations ¢ — fow factor equal to the axial velocity/circumfer. ve-
due to clocking. locity ’

At off-design incidence, leading edge separations may occur _ : 2
which would gs well change the tr%nsit?on p£tern of a bla()'jle row. ¥ = loading factor g(Tos— To /U
As the decreased incidence range results in a reduced leading edigescripts
separation risk, the observed reduction in stator incidence varia- g = total condition
tion under the influence of the NGV wakmaximum efficiency 1 2 3 = NGV inlet, NGV exit/rotor inlet, and rotor exit
is an additional candidate phenomenon for the explanation of j ;i — index along circumference, and index along revolu-

NGV clocking benefits. tions
p = periodic
5 Conclusions Superscripts
The variati_on in Mach number _and t(_)tal pressure downstream __ — ensemble-averaged value
of a transonic HPT stage were investigated for different NGV _ — time-averaged value

clocking positions, and time-averaged as well as time-resolved

results were presented. As the utilized rig is only a single stage f

model, no information on the actual performance variation of ererences

downstream stator could be given. While the variation of the sta{1l andt, N., 1993, “Bkl)ade Rr?w Interaction in a Multistage Low-Pressure Tur-
ot ; s _ bine,” ASME J Turbomach.115, pp. 137-146.

tor coolant ejection had no .Inﬂuence .On the conditions down E] Barankiewicz, W. S., and Hathaway, M. D., 1997, “Effects of Stator Indexing

_stream of th_e_ Sta_ge' a reduction of the interblade row gap resulte on Performance in a Low Speed Multistage Axial Compressor,” ASME Paper

in an intensification of the observed patterns. No. 97-GT-496.

The data reveal a significant variation of both periodic and ran-[3] Saren, V. E., Savin, N. M., Dorney, D. J., and Sondak, D. L., 1998, “Experi-
dom fluctuations of velocity and total pressure when the NGV was gg”tz'ﬁz'gfs“éf}";i?;ﬁg(;‘;’ffgggg?';grff(’;\r'r:fg;g??fﬂgﬁgg 'Q:e,\rlf'ggi;’ig"
clocked with respect to the fixed measurement location. While them Dofney D. J. Sondak. D. E' Cizmas P. G. A.. Saren. V. E.pand Savin. N. M.
rotor wake decreases in depth and increases in width when it 1999, “Full-Annulus Simulations of Airfoil Clocking in a 1-1/2 Stage Axial
interacts with chopped portions of the NGV wake, the maxima of  Compressor,” ASME Paper No. 99-GT-23. . o
the random componentse., turbulence and the RMS of the total %! g%@%}BL::%;F&H'}ezggrs???ngDggleérf\]blg?YéTZ%SICS of Airfoil
pressure decrease in height and width. The assumed reason fofg Domey. D, 1., Sharma, O. P.. and Gundy.Burlet. K. L, 1998, “Physics of
these observations is the reduction in the velocity and total pres- ~ Airfoil Clocking in a High Speed Axial Compressor,” ASME Paper No. 98-
sure “step” between the rotor passage flow and the rotor wake[ : GrT-BZ- § } o

H ot 7] Sharma, O. P., Ni, R. H., and Tanrikut, S., 1994, “Unsteady Flows in
I:OV(\j/ \ll.vkhe?hportltons Ofkthe NGV Wai(.@otr;SIStlng of Iov_\;_ﬁnerg&/ Turbines-Impact on Design Procedure,” AGARD-LS-195.
fuia e e_ro or wakg are presen_ _'n _e pas_sage. s reduc- g Huber, F. W., Johnson, P. D., Sharma, O. P., Staubach, J. B., and Gaddis, S.
tion results in a lowered wake mixing intensity, which in turn W., 1996, “Performance Improvement Through Indexing of Turbine Airfoils:
results in lower random fluctuations. Part 1—Experimental Investigation,” ASME J. Turbomachl8 pp. 630—

i 635.

| -I;jhe Imgmgemerl]é of NGVd wakes 3nﬂthe dqwnstre%mhstaFoHP] Griffin, L. W., Huber, F. W., and Sharma, O. P., 1996, “Performance Im-
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thus losses. Furthermore, the observed considerable NGV wakéo] Halstead, D. E., Wisler, D. C., Okiishi, T. H., Walker, G. J., Hodson, H. P.,
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A Computational Study of a Novel
Turbine Rotor Partial Shroud

The over tip leakage (OTL) flow that exists between the stationary casing and the rotor tip
of a shroudless HP turbine remains a major source of loss of performance for modern
aero gas turbines. To date the principal approaches to reducing OTL loss have been to
minimize the clearance gap and/or apply a rotating shroud to the rotor. Tip clearance
control systems continue to improve, but a practical limit on tip gap remains. A rotating
shroud is highly effective but increases the rotor weight, forcing it to run more slowly and
thus increasing other aerodynamic losses. Additional means of reducing OTL loss are still
needed. Partial shrouds (winglets) have been tried but none have entered commercial
service to date. This paper presents a novel design of partial shroud derived from a
review of past research. The (arbitrary) objectives were to halve the OTL loss of a
shroudless rotor, at less than half the size of a full shroud. This design has been analyzed
using a steady flow RANS CFD code to qualitatively determine its benefits. Attention has
been paid to its validation and a realistic determination of its capabilities. The winglet is
predicted to significantly improve the efficiency of a highly loaded HP turbine, by 1.2
percent-1.8 percent at 2 percent tip gap/span. A detailed understanding of the flow field
shows this to be credible[DOI: 10.1115/1.1370166

Neil W. Harvey
Turbine Engineering,
Rolls-Royce Plc,

Derby, United Kingdom

Ken Ramsden

School of Mechanical Engineering,
Cranfield University,

Cranfield, United Kingdom

Introduction generally have higher values 6f). For a typical, cooled, turbine
. . . . rotor this will only occur near the trailing edge. Dentid gives
Over tip leakage in axial flow turbomachinery has been thzfmaximum gap/thickness ratio for this of 2.5; Heyes and Hodson
subject of extensive research since the advent of the gas turb'ﬂﬂ'give 15

An analysis of OTL loss is given in Dentdf], while [2] provides

a thoraugh review of OTL fiow in shroudless turbines. Effects of Secondary Flows and Relative Casing Motion
The basic form of over tip leakage in a shroudless axial floe interaction between the OTL and outer passage secondary
turbine is illustrated in Fig. 1. The pressure difference between tl Bws, and the effects of the relative motion between the rotor tip

two surfaces of the aerofoil drives a leakage flow through the,q the casing, have been observed to vary considerably.
rotor tip/casing clearance gap. Typically this flow is ejected as a '

strong jet which mixes with the main stream on the suction side,1 The two vortices reinforce each other. Yamanidt] found
usually rolling up to form a vortex. This interacts in some wayhat in the outer half of the passage the OTL and outer passage
with the “classical” outer passage secondary flow vortex, detortices are in close proximity and counter-rotate. By the trailing
scribed in Sieverding3]. Detailed measurements of OTL flowedge, the outer passage vortex has moved to below the OTL vor-
have been made by Bindd4], Moore and Tilton[5], Heyes and tex and near the aerofoil suction surface. Govardan diial
Hodson[6], and Yaras et al.7,8]. All of them studied rotor pro- obtained a similar result, describing the interaction as intense.
files, with a tip gap, in large scale, low speed, linear cascade.2 With relative motion between the casing and the rotor the
Yaras et al. modeled the relative motion between the casing a®ifer passage vortex is enhanced. Morphis and Biri@rand
rotor with a moving end wall. Yaras and Sjoland¢,8] found that this reduced the driving pres-

A summary of this research is given in the next sections. ~ sure difference and “throttled” the OTL flow. They also con-

i ] ) ) cluded that pressure forces dominated the flow, rather than vis-

Tip Gap Flow Field. Figure 2(taken from Dentori1]) illus-  cous ones.
trates the two typical regimes for flow through the tip gap, de- 3 Graham[13] obtained the opposite result—relative motion
pending on the thickness of the aerofoil locally. These are sectiofstween the casing and rotor reduced the flow in the gap directly.
through the blade, roughly normal to the camberline. The flowhis may have been related to the low values of Re in his
entering the gap from the pressure side of the blade separates fiperiment.
the blade tip and contracts to a jet, which is largely lossless up to4 Chan et al.[14], using the same faciliies as Yaras and
the minimum flow area. Figure 2 shows the flow for a shargjolander, found that with a tip clearance of 5.5 percent of span
corner between the pressure surface and rotor tip. the OTL vortex occupied almost the whole of the passage width

If the blade thickness is large enougfig. 2a)) the jet mixes by the trailing edge plane with only a small passage vortex.
out above the blade tip, increasing the loss and static pressures Bindon and Morphig15] found uniquely that even by the
Denton[1] states this occurs for a gap height/local blade thicknegsiling edge plane most of the OTL leakage flow remained in a
of 4, while Heyes and Hodsof6] give a ratio of 6. The static flat high energy wall jet rather than rolling into a vortex. The cross
pressure after this mixing is depressed by the blockage of the fassage secondary flow on the casing was weak and there seemed
leakage vortex; ser—9]. to be no indication of a passage vortex. The presence of the OTL

If the blade tip is thin enough, the jet will not reattach withinjet, as opposed to the vortex, was confirmed in their testing of a
the gap(Fig. 2(b)). This means that there is no pressure recovefyll one and a half stage low speed annular[ri@,17.

in the gap and so the discharge coefficie@t) will be lower 6 Yamamoto et al[18,19 found in a 13 stage turbine that the

Heyes et al[10]). (This is for sharp corners; radiused ones will )
(Hey (10D. ( P rotor hub passage vortex confined the outer secondary flow and
) ) ) ) OTL vortices to near the casing. These two vortices were never
Contnbuted by the I_nternatlonal GaslTurbme Institute and prggented at' the 4§Pesent at the same time. The outer passage one was weak at a tip
International Gas Turbine and Aeroengine Congress and Exhibition, Munich, Gér- .
many, May 8—11, 2000. Manuscript received by the International Gas Turbine Indgleéarance of 0.5 percent span and disappeared at a clearance of 1.9
tute February 2000. Paper No. 2000-GT-668. Review Chair: D. Ballal. percent span.

534 / Vol. 123, JULY 2001 Copyright © 2001 by ASME Transactions of the ASME

Downloaded 01 Jun 2010 to 128.113.26.88. Redistribution subject to ASME license or copyright; see http://www.asme.org/terms/Terms_Use.cfm



TIP LEAKAGE
VORTEX

PASSAGE Fig. 3 Perspective view of a typical shroud top geometry for a
‘s,g‘;?g;"““ Rolls-Royce civil HP turbine rotor

Fig. 1 [lllustration of OTL and outer passage secondary flows ) ) o ) )
for a shroudless turbine rotor Making some further simplifying assumptiorisonstant lift

along the rotor chord, linear variation of tgnthrough the rotor
passage, and small blade thickne®senton produced contours of

Loss Generation. The tip clearance in a typical aero engingotor {at 1 perceng/h with varying inlet and exit angles. Most of
varies around its operating cycle and increases during the engihe turbines considered by Hourmouziadis and Albr¢zh} have
life due to wear and tear; see Stakolich et[a0]. The sensitivity tip exit angles of 60 deg or above. For these Denton calculated
of the turbine efficiency to changes in tip clearance is very impovalues of{ of 4 percent or more for 1 percegth. The percent
tant to the designer. It is usually expressed as an exchange raf&nge in stage efficiency is typically half that in the row loss
change of efficiency with change in clearance-to-span ratitdepending on reactiongiving a A »/A(g/h) value of 2.0 or
An/A(g/h). Hourmouziadis and Albrechf21] investigated a above.
number of shroudless turbine rig and engine tests at MTU as wellOther researchers have further simplified the calculation of
as other published studies, and found the OTL exchange rate i€fL loss by effectively assuming that the kinetic energy of the
the range 1.5 to 3.0, with a mean of about 2.0. OTL flow normalto the blade surface at exit is lost in the subse-

For shrouded turbines, Hartlg22] shows that for a geometry quent mixing with the main stream. It is supported by Dishart and
with two fins and two fencegsee Fig. 3 the exchange rate is Moore[23], Yaras and Sjoland¢24], and Peters and Moof@5].
reduced by a factor of 4 relative to a shroudless turbine, and by & onclusions from OTL Research.
factor of 2 with just two fins present.

An explanation of the generality of the A@/A(g/h) ex- (a) Apart from Morphis and Bindon, researchers agree that the
change rate for shroudless rotors may be found by considering fB&L and passage secondary flowwshen presentroll up into
control volume analysis of Dentdr] for the mixing of the gap Vortices soon after the blade trailing edge. There is then little
flow with the passage flow. Denton presents(mtompressible scope for recovering the energy subsequently and it will be dissi-

flow) equation for the row kinetic energy loss coefficigrdue to  pated as loss.
OTL: (b) The effects of relative motion between the casing and the

rotor are significant and must be included in any analysis.

. 2Cd g(c 1 E)a 1 A 1— ﬁ) llzd_z (1) (c) The loss is largely due to the mixing of the OTL flow with
cosBy\h/\s/ J5\Vy Vs Vg c the suction side free stream; a smaller amount is from mixing in
the gap.
< Over Tip Leakage Loss Reduction

The objective of the work presented here was to define an al-
s ternative means of controlling the OTL loss of a shroudless HP
EPARATION ; . S
BUBBLE turbine rotor, other than applying a full shroud. Examination of
Eq. (1) revealed a number of possible means of reducing the OTL
loss at a given relative gap heigipth.

1 Reduce the discharge coefficiedd.

2 Increase the pressure side velodity or reduce the suction
PRESSURE SUCTION side velocityV—possible using a partial shroud.

3 Modify the rotor aerodynamics to redu@g or increaseV,.

4 Modify the pitch/chord raties/c.

= =5 These options are considered in the following sections, together
77 52 > with the additional possibility of casing trenching.
A Reduced Discharge Coefficient. This is the option most of-
BLADE ten pursued by researchers. Booth ef26] carried out an exten-

sive investigation into rotor tip geometries aimed at reducag
They found that a knife edge tip squealer ha€C& 25 percent
lower than that for a plain tip, although the results were strongly

Yero VORTEX dependent on tip gap Re and the details of the configurations.
;ﬁgﬁggﬁ suaFAgE Heyes et al[10] showed that a single suction side squealer gave
the best reduction i€d. Morphis and Bindori9] gained a similar
Fig. 2 Tip gap flow for an unshrouded blade  [1] result with a contoured tip, which approximated to a suction side
Journal of Turbomachinery JULY 2001, Vol. 123 / 535
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squealer. While these results offer the possibility of reducing loss Table 1 Summary of parameters for validation turbines
by directly reducing the OTL flow, there are a number of

problems. Parameter B22 MT2
; oH/U? 1.79 1.68
(a) Heyes et al. showed that for any geometry to achieve a | T/ Tor 3Ka K 5189 295 2
Cd, the entry corner radius had to be kept below 0.5 perc talopre%igdre rgtio 262 572
chord. For a typical chord of 30 mm the radius must be less thafub-to-tip ratio 0.83 0.83
0.15 mm. This dimension could not be maintained for an irReaction % 42.8 49.4
service engine. Nominal tip gap, mm 0.38 0.44
. . . Tip S/Cay 1.28 1.14
(b) The vena contracta in the tip gap is a loss source. The lowggo; mid-height conditions
the Cd, the larger the contraction and thus the mixing loss after it. inlet angle(deg 46 51.5
In addition, if the exit Mn is high enough, shocks will form over Exit angle(deg —62.8 61.8
the contraction possibly adding to the loss; see Moore ¢p@].  EXit Reynolds number 980,000 783,000

(c) The presence of the vena contracta significantly increases
the local heat transfer rates, especially at the reattachment point,
as shown by Moore et a]28] and Metzger et al.29].

Rather than try to reduce ti@d, it is suggested the tip pressureing air requirementis not an acceptable design solution. How-
surface geometry should be sufficiently radiused to remove tRger, there is the possibility of having two “aerofoilgor aero-
vena contracta thereby reducing potential in-service problems—ffl sectiong at the rotor tip, mounted on a reduced size shroud.

particular burnout at the blade tip pressure side; see Bifigoh Casing Treatments. Offenburg [35] presents the only de-

Partial Shrouds (Winglets). Partial shrouds offer the possi-tailed investigation into casing “trenching” using a cold flow
bility of modifying the local surface velocities at the rotor tip, inturbine. The tip loss exchange rate with a smooth casing was
particular increasiny, . found to be the standard value of 2.0. He found that the usefulness

The best result for a winglet has been that of PE3d], who Of tip trenching was a function of the tip gap. At the nominal
obtained a stage efficiency improvement of 1.2 per¢an8 per- Clearance level, a smooth casing was best. As the clearance. in-
cent tip clearande The tip loss exchange rate, however, was suffeased, a backward facing step upstream of the rotor leading
prisingly unchanged from 2.0. Booth et 4R6] investigated a €dge proved beneficial for clearances above 2.4 pegénri-the
number of winglet designs in a water rig. Applying one of thestitial efficiency was lower, but it had a better OTL loss exchange
(it is not clear which to a low aspect ratio transonic turbine theyate.

achieved a 0.6 percent improvement in rotor efficiency at a tip conclusions for OTL Loss Reduction. From this research
clearance of 3 percegth. Yaras and Sjoland¢ 8] investigated ey it was concluded that the best opportunity for reducing
winglets on the suction and pressure sidieslividually and t0-  oT| |oss was to pursue a design of winglet that effectively
gethey of a low turning aerofoil in linear cascade at 2.4 perCe;%oubled the number of rotor tips. This should also be combined
g/h. They obtained a reduction of 10 percent of OTL loss for eagft, aerodynamically off-loading the rotor tip, but not by tangen-
design. . . . . tial lean of the rotor—its mechanical design was not practicable.
Staubach et al32] obtained a negative result with a winglet. - peqycing the tip discharge coefficient by minimizing the pres-
They were primarily studying the effect of rotor lean on OTL, bug, e side corner radius was rejected because of the risk of exac-
found the winglet reduced stage efficiency by 0.35 percent at Jofyating in-service overheating problems. Reducing tip reaction is

percentg/h. _ ) _an established means of reducing OTL loss—but applying a tip
No partial shroud is known to have entered commercial Servicesnq pend” to a rotor was also limited by mechanical design

Modified Turbine Aerodynamics. A standard approach to consid_erations. Casing trenching seems only of use at relatively
reducing OTL loss is to reduce the rotor tip reactiby reducing large tip clearances.
the exit angleé Farokhi[33] shows for one turbine that reducing
the tip reaction from 89 to O percent halved the tip loss exchan%e .
rate. This seems to contradict Denton’s equation, sWicés re- Design Methodology
duced, which should have increasedHowever, the lower turning A numerical investigation of different rotor tip winglet designs
results in lowerVs and in addition lower locaV, reduces the was undertaken with a standard turbomachinery CFD code used
contribution of the tip loss to the total rotor row loss. within Rolls-Royce[36]. The exercise was conducted on a single
DeCecco et al[34] and Yamamoto et all18,19 also agree stage HP turbine with highly loaded aerofoils, designated
that off-loading the tip should reduce OTL flow. Staubach et aMT2,” the operating conditions for which are given in Table 1.
[32] achieved this by bowing their rotor and thus applying a radi@efore presenting the CFD results for the final winglet design the
body force toward the casing, moving passage mass flow awgyde is described, together with a summary of its validation for
from the tip. Their best result is with a tangentially bowed aerofof|;rbine rotor OTL flow.
only. The tip loss exchange rate was reduced by 40 percent. This
is not yet, however, a mechanically acceptable option for cooled

turbine rotors. Calculation Method

Changing Pitch/Chord Ratio. Equation(1) can be used to  The CFD code used in this study is a steady flow solver with a
estimate the effect of changing the pitch/chord ratfo on the pressure correction method based on the algorithm of M@
OTL loss. A key feature is the use of upwinded control volumes for the

The MT2 turbine studied in this pap&see later for detaijshas momentum and rothalpy equations, thus allowing the equations to
atips/c of 1.14. Loss coefficients have been compared atsffis be discretized with second order accuracy without the need to
and at 0.57. For exit angleg3§) of 60 deg and above, and inletintroduce smoothing to achieve numerical stability. The iterative
angles (3,) of 0 deg(axial) and less, the OTL loss reduced by amethod used is based on thePLER pressure correction scheme.
least 44 percent. Equatiofl) predicts that reducing/c alone Stability in transonic regions is achieved using an upwinded pres-
should increasé&. However, reducing the pitch reduces both theure in the calculation of density. The calculations are based on a
velocity of the OTL flow and the free stream velocWy—which  structured “letter-box” type of body fitted H grid, which enables
have the dominant effects ah accurate representation of the full blade shape, which is then re-

Doubling rotor numbersgincreasing the cost, weight, and cool-fined using mesh embedding. Previous work has shown the capa-

536 / Vol. 123, JULY 2001 Transactions of the ASME

Downloaded 01 Jun 2010 to 128.113.26.88. Redistribution subject to ASME license or copyright; see http://www.asme.org/terms/Terms_Use.cfm



Under
Tuming
”ﬁi, 10 =
9752z Hub
?;%”g?‘ni‘ i 0.8 Vortex
5927 il ]
A /’f’ :
7 i
7% 061 __Calculated
g2%%
9 - - - Measured
0.44
Tip Passage
Vortex
0.24
Fig. 4 Calculation grid for MT2. Blade-to-blade view 50 per- 31313;1('[.
cent span. 0.0 T
. TY T 7 LAARRE RRSAS ]
75 70 65 60 55 50 45
Pitch Averaged Flow Angle

bility of this method for the prediction of turbomachinery aerody-
namics, e.g., Moore and Gregory-Sm[t88] and Robinson and Fig. 6 Rotor cascade exit whirl angle profiles

Northall [39]. downstream of trailing edge ), from [45]

Grid Details. The calculation grids were first created as a
coarse definition on the blade-to-blade plane, stacked in the SP8Rto the moving rotor end wall, was not modeled. Binddd]

wise dlrgctmn to produce _three-dlmensmnal grids, ano_l then "$howed this increases rotor hub secondary flow, which as a result
fined using mesh embedding, see Lapwd#f]. The maximum is underestimated

grid size available was about 120,000. The grid for the datumAII the boundar . .
X ; S y layers were set to be adiabatic and turbulent.
(shroudlessMT?2 rotor case with 2 percey/h is shown in Figs. Acceptable convergence was achieved when the residuals in all

4.and 5, while the bIadg-to-bIadg g“.d for the winglet is .shown three velocity components and the static pressure had fallen by at
F|_g. 6. _Generally the_grld definition in the free stream IS COarSyast two orders of magnitude from their initial values. Usually
with refinement only in the boundary layer, the wake regions afis should be achieved after 100 iterations. However, the com-

at the tip. Grid details are given in Table 2. The validation analy-, ~_ : ;
ses of the two turbine rotors used a finer grid in the flow field th If);'(t)ymcg tcg?cglr;ﬂ?oﬁ:ed here meant that up to 400 were required

the winglet c.alculation didwhich had grid 'Iines concentrated The maximum error in mass flow conservation through the pas-
around_ th'? winglot As a FheCk.Or!e calculatlo_n was r_e_peated foé:age in any solution was 0.1 percent, and generally was within
the plain tip MT2 case with a simildicoarsé grid definition. All +0.05 percent ) '

the geometries were modeled with sharp corners at the tip.

(40 percent c,y

o L Turbulence Model and Wall Functions. An algebraic mix-
Boundary Conditions and Convergence Criteria. All the ing length model was used based on Prandtl’'s formulation for the

: h ; .more detail in Harvey et al42], were adopted to represent the
measured NGV exit traverses. The MT2 winglet design StUd'?\%ar wall variation of the boundary layer based on a generalized

were carried out using idealized, smoothed boundary conditio : . ; ;
and at a slightly different reaction. The inlet relative stagnatioggpresSlon for the law of the wall; see also W8] or Spalding

- . ' : I.[44]. They are valid for values of " up to the edge of the
conditions and relative angle were fixed together with the e al [%4]. 4 ! .
static pressure profile. >{%c[}ganthmlc region, say 100 to 200 depending on the magnitude of

For the calculations for the turbine rig rotors, the bounda he local pressure gradient. Of particular importance is the ability

layers were set to zero at the inlet to the grid. Thus the skewing 8Iapply the wall function model in the buffer layer region, around

the hub end wall boundary layer, as it moves from the NGV extt _:2(.)’ af.‘d to 9“"? gopd _r_esults irrespective of Mé value
which inevitably varies significantly over the aerofoil surface.

CFD Validation

Despite the extensive use of CFD, users must be realistic in
T their expectations of it. CFD does not calculate with equal accu-
T racy all features of turbomachinery flow fields. The following

ranking for these features is suggest@u order of decreasing
calculation accuragy static pressure; mass flow and exit angle

i distributions; secondary flows; overall entropy rige subsonic,

I 11 attached flow, shocks and separations; local surface skin friction

] | and/or heat transfer rates.

The CFD code used here is a general turbomachinery flow

III solver—validated for the calculation of the bulk flow field and

] secondary flow deviations, rather than loss. Three test cases are

# = presented that illustrate its capability, with particular emphasis on

= OTL flow.

—-

I
+

i ===

Fig. 5 Calculation grid for MT2. Axial view +pressure side tip Flow Field and Exit Angle Distribution. Moore and Moore
detail, 50 percent cy. [45] present a very detailed comparison of the measured and cal-
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Table 2 Summary of calculation grids

Near wall
Grid nodes Tip gap y*

TotaF Minimum spacing g g/h Points Iterations to
Reference Axial Tangential Radial (10003 mm mm % ingap Average Minimum Maximum converge

Moore & Moore[45] 45 28 26 33 (0.001)c 4 5 21 6
B22 Finel 97 52 48 108 0.032 0.38 0.82 8 14 1 43 200
B22 Fine2 97 52 51 117 0.032 092 20 11 13 0.4 49 400
MT2 Rig 99 52 41 124 0.032 0.44 0.90 7 19 15 61 200
MT2 Finel 97 52 44 104 0.032 0.40 0.82 8 20 2 93 400
MT2 Fine2 98 54 46 107 0.032 0.98 20 9 25 1 75 250
MT2 Coarse2 90 44 44 88 0.125 0.98 2.0 8 91 5 294 350
Winglet 89 65 51 115 0.125 0.98 2.0 8 83 4 281 250

*Solid nodes removed for embedded grids

culated flow fields for a rotor in linear cascade with fixed endtrong depression in the static pressure at about 70 percent chord

wall. The rotor was a typical high turning blade with 45 deg inleis due to the presence of the OTL vortex. Yamamoto and Nouse

and —66 deg exit angles. Calculation details are given in Table p49] found in their linear cascade experiment that for any
The tip leakage and outer passage vortices were well modelésttrong” vortex (passage, not just OTlthere is a static pressure

as can be seen in the whirl angle distributions of Fig. 6. Howeveninimum which nearly coincides with the vortex center. This con-

the OTL loss was underestimated by 16 percent. firms that that for MT2 the OTL does roll up into a vortexhose

. . kineti Id probabl t b dinad t
Tip Loss Exchange Rate. The single stage research HP tur- |ne; C energy would probably not be recovered in a downstream

bine “B22" has been the subject of extensive previous study— petaiis of the calculation are given in Table(ferred to as

see[46—4§. Its operating conditions are given in Table 1. Its. T2 rig” ). The code underestimates the measured rotor loss by
stage efficiency has been measured for two tip clearances, O. percent—a similar result to that for B28ig. 7).

and 1.7 percent g/h. Calculation details are given in Table 2. They
were carried out at 0.82 and 2 percent @fbferred to as “B22
Finel” and “B22 Fine2"). Figure 7 plots the measured and cal-
culated changes in mixed-out rotor loss expressed as a loss ,8'7 _____________________________________________________________________________
stage efficiency. The measured tip loss exchange rate of 2.3, cl E .
to the “standard” value of 2.0 identified earlier, is underestimate 4¢ |
by 40 percent, at 1.2—this is discussed below. At the design 1 : : : . : :
clearance of 0.82 percent g/h, the code underestimated the m g5 4.2 --.io ... USSR S O AU
sured loss by 32 percent. This is not surprising since unstes :
effects and the correct inlet boundary layers have not been m(g 9.4 4-- oo Wmereeeenen [ S
eled. =3 ; : : : : :
o

.......................................................................

Rotor Pressure Field. The MT2 turbine was tested only at 203 """"""" """"""" [ """"" ;

0.9 percent g/h. In addition to the turbine performance, on-blas
surface static pressures were measured. : , ;
Static pressures measured on an aerofoil section at 93.5 pert 0.4 .| —Calculation: 96.4% Span
span are presented in Fig. 8, normalized by the rig inlet tot ™ « Measurement: 93.7% Span
pressure, and compared with calculation on a grid plane at 9t : l :
percent span. There is a very good match between the two. 1

e e — W —

t t t T T —

0 20 40 60 80 100 120
% Axial Chord
40 % Tip Clearance / Span ) Fig. 8 Comparison of tip static pressure for the MT2 rotor
0,0 0is 10 15 20
o g S
g 5% Weawured 2%
560+ sure 5
8 -~ B22 Calculation ”’
& « MT2 Measured : ; ;’5
.70 Lo MT2Caleutation | | R 5?;
2 | ' | 22
5 "? /
2 sEy
Y Y O SR NG S SO O
® "’
]
507
2z
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Fig. 7 Comparison of measured and calculated rotor losses
(as percent stage efficiency ) for Rolls-Royce model rig turbines Fig. 9 Calculation grid for MT2 winglet. Blade-to-blade view.
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Fig. IlO MT2 rotor: Calculated OTL loss for plain tip and Fig. 11 Calculated static pressure distributions for MT2 rotor
winglet at 97.1 percent span, =+ “gutter” camberline at tip gap mid-

height

Conclusions From Validation. The code can be used to cal-
culate the static pressure field and exit whirl angle distributions in
the presence of OTL. At best, it can make qualitative comparisofiyen in Table 1, and details of the CFD calculations in Table 2.
of the losses of different rotors, but not absolute levels. Rotor log§ere were three analyses of the plain tip rotor, with smoothed
is underestimated by 32 percent—36 percent and the tip loss #}et conditions: fine grid at 0.82 percent dfieferred to as “MT2
change rate by 40 percent. The large error in the tip loss excharfdgel” in Table 3, 2.0 percent g/h(“MT2 Fine2”), and
rate is disappointing. As noted before, the CFD code has prevfoarse” grid at 2.0 percent g/li“MT2 Coarse2”). The latter
ously been used for the prediction of passage flow fields, not loggs for comparison with the coarse grid winglet analysis
The code does not appear to resolve the mixing of the OTL jetWinglet™).

with the free stream well; in particular the turbulent viscosity Loss Results. Although the validation exercise concluded

appears to be underestimated resulting in low levels of loss. T fat the CFD code under estimates OTL and total rotor loss, these
is clearly an area for future development of the code, although t '

- . : ults are presented first to make some conclusions about the
detailed data require@such as measured Reynolds stresses in t Serall eﬁecﬁ) of the winglet

OTL vorteX are in short supply. The validation presented here IS
limited, and to make any conclusions about the effect of tr}%
winglet on the OTL loss it has had to be assumed that the codqd
at least consistent in underestimating it.

Figure 10 shows the calculated OTL loss for the datum MT2
tor with plain tip and with the winglet. The value of the rotor
8s at zero tip clearance value was found by extrapolating from
the 0.82 percent and 2.0 percent ¢fihe grid) results. This datum
. . has beerassumedo be the same for all the results of Fig. 10
New Winglet Design (with and without winglet
From the research review it was judged that the best opportu-At 2.0 percent g/h the rotor loss is the same with coarse and fine
nity for reducing OTL loss was to pursue a design of partiarids, reassuringly, even though the average near yalalues
should that effectively doubled the number of rotor tips, with thef 91 and 25, respectively, are opposite sides of the optimum
aim of range for the boundary layer wall functions. Although not shown
n{uere, the two flow fields are similar, but with some details lost
with the coarse grid.
: ; 2+ The calculated OTL exchange rate for MT2 is 1.85
®) Leu(:u:ért]gb;h;;ﬁtg%?scfglgvxgﬁxgorhfigl';gage aerofoil tlp’A nl/A(g/h), above that calculated for the B22 turbine rotor, but
) ] not unexpected as the MT2 rotor aerofoils are more highly loaded.
The (arbitrary targets for the design were to halve the shroudzrom the validation the ratio of measured to calculated loss is 1.5
less OTL exchange rate and to be less than half the size of a f@hsed on total rotor loss for B22 and MT&pplying this factor
shroud. , , o gives an OTL exchange rate of 2A7y/A(g/h). This is high, but
Figures 13 and 14 show the winglet in perspective views, Wh'F@ plausible for a highly loaded turbine and within the range ob-
Fig. 9 shows it in plan view with the embedded calculation gridseryed by Hourmouziadis and Albrediat].
The basic elements of the geometry are as follows. The striking result for the winglet is that it is calculated to
which fomf'mprove stage efficiency by between 1.2 perqemifactored and
a channel or “gutter,” along which there is aadditional 1.8 percenffactored. Figure 12 shows contours of relative total

chordwise leakage flow from the leading edge. They are nBESSUre Ko in the trailing edgegrid planes(which are not

g : wholly axial, as can be seen in Figs. 4 and®he reduction in the
:g?g&%:ﬁﬁggﬂgpltmwse’ and thus are not equally Ioadeddepth of the OTL vortex loss core is clear, although there is extra

2 The pressure and suction side overhangs of the winglet S in the “gutter.” Equally as importantly as this, the region of
most halve the passage throat width at the tip 0ss below the OTL vortex has almost completely gone. The flow
3 The pressure surface shape is intended to increase block d in the plain tip case exhibits a strong interaction between the

and thus lower the local static pressure driving the OTL flow. L.and passage vor}ice;s, as seen by Yamarfibtp The cal-
culation of its elimination is significant.

The vehicle used for this study has been the single stage HPThe winglet reduces th@unfactoregl OTL loss exchange rate
turbine MT2. A larger tip gap, 2 percent g/h, was chosen to ré&-»/A(g/h) from 1.85 to 1.28, a reduction of 31 percent. This is
solve the effects of the winglet better. The turbine parameters ateort of the arbitrary target of 50 percent. However, it compares

(a) reducing velocity of the OTL flow and of the free streal
(on the suction side of the tighat it mixes with;

1 There are two “aerofoil” shapes at the rotor tip,
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Plain Tip kPa
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Fig. 12 Contours of calculated relative total pressure at the trailing edge grid planes for MT2 plain tip and
winglet

favorably with the result of Staubach et g82] who achieved a about 90 percent height. A comparison plane close to the tip has
reduction of 40 percent with their leant rotor, and the reduction dfad to used here to capture the effect of the winglet.

44 percent predicted from EL). For the plain tip the difference between these pressures drives
The plausibility of these results is discussed in the next segre OTL flow. In the case of the winglet the situation is more
tions, but some comment can be made from Fig. 12 on the qualiymplicated. Figure 11 includes the static pressure along the gut-

of the calculations. Total pressure oscillations in the flow field akgr camberline at 99 percent spéip gap mid-height This is the
visible in the figure; in particular there are radial striations in thgtermediate pressure between the two halves of the winglet. Fig-
contours which correlate with grid linegot shown. This con- re 11 shows that the pressure difference driving the OTL is
firms grid dependency in the solutions. This is also indicated ygely across the pressure side half. There is little additional ac-
the (unexpectefidifferences in detail between thg ef CONOUrS  cgjeration of the OTL flow across the suction side “aerofoil”
in the inner half of the passage. These concerns should notdaiqn of the winglet. The pressure drop across its early part is
overstated, however. The effects of the winglet are still large relﬂégligible and the OTL rolls up into a vortex in the gutter. To-
tive to the effects of grid dependency. ward the ,trailin d drop devel | '

g edge a pressure drop develops, largest between

Description of Flow Fields. The tip static pressure distribu- 65 percent and 85 perceot,—since to satisfy mass flow conti-

tions give an insight into the operation of the winglet. Figure 1muity some OTL flow must exit the tip gap on the suction side of
compares the static pressufesrmalized by stage inlet total pres-the winglet.
sure and plotted against aerofojl,) at 97.1 percent span for the On the pressure side the blockage of the winglet significantly
two cases. Most authors take the driving static pressures to bdaaters the driving pressure, reducing the tip leakage velocity and

Fig. 13 Visualization of calculated OTL flow for MT2 plain tip and winglet: plan
view on tip
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Plain Tip Winglet
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Fig. 14 Visualization of calculated OTL flow for MT2 plain tip and winglet: view on suction side

flow. Normally, this blockage would have an effect on the suctiowhich should be the same, are slightly different. This again high-
side, raising local velocities there also. However, these are tights the issue of grid dependency. The differences between the
duced for the winglet. This is because the winglet aerofoil sectiaalculations give an indication of the minimum uncertainty.
is off-loaded relative to the plain tip—due, as noted previously, to Although the winglet reduces the OTL flow velocities it does
the winglet overhang effectively halving the passage throat widtiot change the flow contraction at the pressure side inlet to the
at the tip. gap. Velocity vectorgnot shown hereconfirm that this part of
(The pressure distributions with plain tip in Figs. 8 and 11 ardae flow behavior is much like that shown in Fig. 2, although the
not expected to be the same as they are respectively at rig test ealdulation grids used do not resolve the reverse flow in the sepa-
nominal design conditions, and the tip gaps are also slighttstion bubble of the vena contracta well. The important result is
different) that the winglet does not operate by significantly changing the tip
The effect of off-loading the tip pressure distribution can bgap Cd.
seen in Figs. 13 and 14 which show the MT2 rotor, with and The capacity of the rotor with the winglet is only reduced by
without winglet, in plan view(onto the tip and side elevation 0.3 percent, despite the off-loading of the winglet section. Exami-
(onto the suction surfageThe OTL flow has been visualized by nation of the aerofoil lift distributions shows that this has not been
injecting particles at every grid point in the plane at the entraneehieved by increased profile loading below the tip. It appears that
to the tip gap. The particle paths are in blocks of the same colbihe extra area of the gutter and the reduced loss compensates to
changed every 20 percent of chord. The same convention has be®intain the capacity.

used for plain tip and winglet, with additional black particle paths . . . .
injected :Et the gntry to th?a “gutter.” P P Loss Reduction Mechanisms. The off-loading of the winglet

For the plain tip, Figs. 13 and 14 show that the early OTL flogection generally reduces the OTL velocities. The OTL flow
feeds into the outer passage vortex. This would not be expectecpaétly MIXES in .the gutter and on .the aerofoil suction side. The
the two vortices are of opposite sign. The mechanism appeard1igin flow velocities in these locations are both reduced, relative
be that, although there is significant OTL flow over the ear|§9 the suction side of the plain tip rotor, and thus the mixing losses
suction surface, shear effects due to the relative casing motion are
significant. The resulting relative velocity profile increases from
near the casing to a maximum almost at the tip, and thus IargPIvm0
has the same vorticity as the passage vortex. After about 50 p
cent chord the OTL flow velocities are higher, pressure force 90 ------
dominate, and the shear effect is much less. The OTL flow th
rolls up into a vortex with the conventional vorticity—interacting
strongly with the passage vortex subsequently. 70 4eeeeeee

Figures 13 and 14 also show that for the winglet the tip ge
flow over the first 50 percent chord remains in the gutter or carriie 60 -
on into the OTL vortex—no appreciable flow enters the passac% 50 4-
vortex. The flow angles over the tip are closer to the streamwig
direction, reducing the mixing between the two streams. 40 1

The reduction in the strength of the vortices can be seenin F 34 |
15 which compares the circumferentially averaged whirl ang
profiles at 60 percent,, downstream of the rotor trailing edge. 20 1

—x—Plain Tip

—Winglet
The whirl angles for the plain tip case have a similar form to thos . .
| formio 10 - N t 2- (3T SRV SO
seen by Moore and Moorgd5], see Fig. 6. Both distributions o= or:mna ZDPesugn $ : :
exhibit underturning in the three vorticd©TL and inner and 0 T ; il ; :
outer passaggswith overturning at the hub end wall and betweer -75 70 65 €0 -55 -50 45

the OTL and outer passage vortices. The winglet substantia ‘ Exit Whirt Angle (degrees)

reduces these angle deviations in the outer half of the passage.

This would be expected to be beneficial for any downstream blagg. 15 Calculated exit whirl angle profiles for MT2 rotor, plain
row. In the inner half of the passage the whirl angle profilesip, and winglet, 60 percent c,, downstream of trailing edge
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bubble and prevent the high heat transfer its reattachment would
cause; see BindofB0]. This would increase the OTL mass flow
but minimize the loss in the tip gap.

The open leading edge entry to the winglet should help cool it.
The flow into the gutter here will be cooler gas from near the end
walls (migration of the hottest gas occussthin the rotor passage,
not before i}, helping to reduce the heat load; see [B&].

For cooled rotors, air is ejected at the tip from “dust holes” at
the ends of the main internal cooling passages. The visualization
of Fig. 13 shows some OTL flow does remain in the gutter to the
trailing edge. This could then entrain some of the ejected air
which would help cool the winglet further. This might also have
an aerodynamic benefit. It is thought that the fences on a full
shroud(see Fig. 3 extract useful work from this ejected air; see
Hartley [22]. The trailing edge geometry of the winglet is very
similar to these fences and could act in the same way, providing
some of this air does stay in the gutter.

Equivalent

Rotating
Shroud

Fig. 16 Comparison of outlines of winglet and typical Rolls- .
Royce HP turbine (plain-sided ) rotor shroud, scaled to the Conclusions

Same Cax A novel design of wingletpartial shroudi for application to an
HP turbine rotor, as an alternative to a full shroud, has been de-
rived from a study of the existing, extensive work on OTL.
The winglet has been analyzed using a steady flow CFD code,
using mesh embedding to generate the complex grid.
are reduced. Equatiofl) showed that the loss depends on the The turbine rotor studied is highly loaded aerodynamically and,
cube of these velocities, and thus a significant loss reducti@sth simply a plain tip, exhibits a strong interaction between the
would be expected. The reduction in pressure loading of the tipdsTL and outer passage secondary flow vortices.
about 80 percent of the reduction seen by Staulp@2hfor their  The winglet is calculated to significantly reduce OTL flow and
leant rotor, and they achieved a reduction in OTL loss of 4@ss. A limited validation indicates it would improve the turbine
percent. stage efficiency by 1.2—1.8 percent, at a tip clearance of 2 percent
The reduced OTL velocities, more streamwise OTL flowy/h, and reduce the tip loss exchange rate by 31 pertibet
angles, and thus reduced mixing losses, are a direct result of gijinal target was 50 percent
changes to the tip pressure distribution. As discussed in the CFDA detailed examination of the calculated flow fields indicates
validation, this should be the most accurate part of the calculatght the basis for these predicted improvements is plausible.
flow field. Thus the calculated reduction in OTL loss is a wholly The winglet is significantly smaller than a full shro(ldss than
plausible result of the operation of the winglet. The open entry tgalf the size—the original targett would remove the limitations
the gutter does add to the total leakage area, but this flow contiif-a full shroud on rotor pitch, and should require less cooling
ues on in a largely streamwise direction. The total OTL mass flogyerall—but cooling the pressure side section will be critical.
has not significantly increased—the reduced OTL velocities at theAlthough this is only a theoretical study the winglet shows
pressure side entry to the gap outweighing the extra leakage agg@fficient potential to warrant further experimental investigation,
of the “gutter” entry. both to verify the concept and to provide further data for CFD
validation.
d Although there is some grid dependency in the CFD solutions
Obtained, the predicted effects of the winglet are large compared
boethe resulting uncertainties in the flow fields. Further develop-
ent of the code is needed to improve its loss prediction

Cooling and Mechanical Issues. Figure 16 compares the ex-
ternal shape of the winglet with that of a typical rotating shrou
(scaled to the same chordaken from Hartley{22]. The winglet
extent is everywhere within that of the shroud, and thus should
mechanically feasible, except at the suction side trailing ed

f o . “Capability.
l—glz iﬂ?ﬁggfbg;?ﬁg%g&%y;gtir?veegieg(;f::glca"y acceptable ﬁA patent application has been made for the winglet “gutter”

Compared to a full shroud, the much smaller surface area of tﬁgncept conceived during this work; see Har{sg].

winglet should mean that the total heat load would be reduced.
The lower tip gap velocities should result in lower net heat tranécknowledgments

fer rates at the rotor tip relative to a shroudless rotor. However, ittha authors would like to thank the Defense Research Agency
is still expected that positive cooling of the winglet would be{MoD DTI, and CARAD), Pyestock, and Rolls-Royce plc for

necessary. their permission to publish this paper. Thanks also go to Mr. G

_In atypical aero engine there are large radial and circumferefjiey and Dr. L Lapworth for all their help and encouragement.
tial temperature distortions in the flow entering the rotor, with the

hottest gas emerging from the upstream NGV near mid-height aﬂfé}m
mid-pitch and the coldest gas near the end walls. The “ho
streak” from the NGV is periodically convected toward the rotor ¢ = Chord

pressure surface and radially outward up(oorney et al[50] Cd = Discharge coefficient, ratio of actual to ideal mass
showed that the hottest gas can still enter the tip gap, near the flow

trailing edge, by this mechanispiThus cooling of the pressure ¢, = Specific heat capacitfconstant pressure

side “aerofoil” section of the winglet would be crucial to ensure CFD = Computational fluid dynamics

its success in service—possibly using small internal convectiveH/U?= Stage loading

cooling passages such as those currently applied in HP turbine g = Tip clearance gap

rotor shrouds; see Hartlg22]. These might also eject cooling air h = Blade span

onto the winglet surfacéespecially onto the pressure sid® HP = High pressure

provide an additional external barrier to the hot gas. The tip pres- Mn = Mach number

sure side corner should be radiused to eliminate the separati?fiGV = Nozzle guide vane

enclature
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F110-GE-132: Enhanced Power
Through Low-Risk Derivative
Technology

A. R. Wadia o ,
The F110-GE-132, originally referred to as the F110-GE-129 EFE (Enhanced Fighter
F. D. James Engine), presently undergoing qualification testing, is being offered at two different
thrust/inspection levels with a maximum augmented thrust of 34,000 pounds. The EFE has
Large Military Engine Systems Design been developed using low-risk derivative engine technology. It features a new increased
and Integration, airflow, high efficiency, three-stage long chord blisk fan, and an advanced radial aug-
GE Aircraft Engines, mentor that reduces complexity, improves maintainability, and provides increased parts
Cincinnati, OH 45215 life. The paper first provides a historical background of the F110 engines to relate the
heritage of the F110-GE-132. The F110 engine model development roadmap is shown to
illustrate the incremental low-risk approach used to provide thrust growth with improved
product reliability. A detailed description of the unique power management features of the
EFE engine to meet individual customer thrust and life requirements is outlined. The long
chord blisk fan design, development, and test results are presented, followed by a descrip-
tion of the radial augmentor and the exhaust nozzle. The EFE engine has successfully
completed sea level static and altitude development testing and fan aero mechanical
qualification at the AEDC in Tullahoma, Tennessd®Ol: 10.1115/1.1378301

Historical Background IPE’s high cycle durability, mature reliability—because of exten-
ive parts commonality81 percentwith the F110-GE-100—and

| thrust retention, has translated into highly desirable in-
gmmission rates and safety records for single engine applica-

The development of the F110 engine family has paralleled t
dynamic growth of Lockheed Martin's F-16 fighter aircraft. Thec

F110 engine product development roadmap is presented in I:'gti ns. A good match between the aircraft inlet airflow and engine

The increase in thrugpounds$ with improvement in life(TACs), T : . h i

Lo : . .combination has provided pilots with better penetration perfor-
shown in Fig. 2, illustrates the deliberate path taken by GE Aifance for strike missions. Engine maintenance was designed to
craft Engines to use a low-risk derivative engine approach to grgyt conqycted at the base level to provide maximum self-
the F110 engine model over the last fifteen years without sacrifiguticiency and significant cost savings for the military. Since its
ing reliability. Figures 1 and 2 are valuable for establishing th&eployment in the field in 1992, the IPE has logged over a quarter
current industry standards and state-of-the-art and for identifyiRg 5 milion engine flight hours with an unscheduled engine-

future priorities. caused shop visit rate of less than one visit per 1000 flight hours.
The F110-GE-100, rated at 28,000 pound thrust, was deployedother F110 engine developmeiitd include a highly success-

on the first United States Air Force F110 powered F16-C/D ify| demonstration in the AVER thrust vectoring initiative, a rig-

October 1986. The F110-GE-100 was introduced to the Air Narous flight test demonstration program utilizing the U.S. Air

tional Guard in June 1991 and to the USAF Reserve in Augusbrce NF-16D VISTA platform. During this effort, the F110 en-

1992 and has accumulated nearly 2 million engine flight hours

with an unscheduled, engine-caused shop visit rate of 3.45 visits

per 1000 flight hours. It currently powers the U.S. Air Force’s

F-16C/Ds throughout Europe and the Pacific; and has served 110 Product Development Roadmap
the “Fighting Falcon” adversary aircraft for the United Statesgraw piannad o 35,000 ibs Thrust

Navy's Top Gun program. Since its inception in 1986, the go\ WMPTET, JSF, CENSS & 414 Fachosiaglas

ernments of Bahrain, Egypt, Greece, Israel, and Turkey have a ) o o

chosen the F110-GE-100 to power their front-line fighters. I 4 N P iy~ 3

follow-on purchases, these governments have continued to se e B

the F110 as the engine of choice for the F-16 due to its perfc "M”

mance characterized by unrestricted throttle operation throught Wr FA%0.06-EFE+s

the flight envelope and an improved rate of climb. The F110-Gt _ ) W@Wm FIBGEATIFE: v roma

400, a derivative of the F110-GE-100, powers the U.S. Navy % ; %m‘-i“ £FE fn T - e

F-14B and F-14D Tomcat. § |\t oy ) G i
The focus on reliability of the F110 fighter engine has contir % M gEETY

ued into the current production F110-GE-129 Increased Perfc & ﬁj S e oy TN

mance EngindIPE). The IPE is a 29,000 pound thrust class en © a0 T e T Tm'i S

gine that has extended a strong fundamental heritage of stall PSR AT :-i'_-—f s :'3'-?;--;"

operability and unrestricted throttle movement which allows th e e o ‘-i’-??u";"

pilots to concentrate on the mission instead of the machine. T g -=een P .
Contributed by the International Gas Turbine Institute and presented at the 4 19a6 1oz Flod) 200X 200X -

International Gas Turbine and Aeroengine Congress and Exhibition, Munich, Gc. Calancar Far

many, May 8-11, 2000. Manuscript received by the International Gas Turbine Insti-

tute February 2000. Paper No. 2000-GT-578. Review Chair: D. Ballal. Fig. 1 F110 engine model product development roadmap
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F110-GE-129EFE Growth Flexibility

An Incremental Low Risk Growth Approach
36

35

Thrust, Pounds - D00s
B 8

Life, TAC Cyclea

Fig. 2 Reliability and thrust growth provide flexibility to sat-
isfy a wide range of future customer requirements

dured extreme levels of airflow distortion and operated flawlessly
in performing super-maneuvers such as the Cobra and the J-Turn.

In 1999, the F110-GE-129 successfully completed flight testing
on the McDonnell Douglas F-15E Strike Eagle and is now quali-
fied for new installations or re-engining of the F-15E fleet. The
robust F110-GE-129’'s 275 Ibs/sec inlet airflow capability is an-
other good match with the F-15 inlet, paying off in significant
range advantages on low-altitude strike scenarios and other com-
bat missions.

Other applications of the F110-GE-129 IPE include powering
Japan Air Self Defense Force(3ASDP F-2, and a derivative of
the F110, the F118, powers the B-2 bomber and the U-2 recon-
naissance aircraft.

F110-GE-129 EFE New Features and Thrust Require-
ments

Based on the F110 product growth pleee Figs. 1 and)Zhat
utilizes a low-risk derivative approach, GE Aircraft Engines has

developed the F110-GE-132 to meet future operational require-
ments and market opportunities. Technological advances in the

F110-GE-132 Low Risk Thrust Growth

Leng Chord Blisk Fan
= Higher efficiency
*Increased airflcw
*FRaduced parts count

Composile
Fan Duct

Cantral changes for
power management

CIF Hot Section Durabdlity
Impravemants — Malerials
and Coaling

Radial Augrmentor

+ Reduced Caomplexity

* Improved Cooling
Increases Parts Lile

Reduced Drag Mozzle
* Improved Mission Range
= Reduced LCC

CIP Increased Durabdlity
Divergent Flap and Saal

* 3-stage Long Chord Blisk Fan driven
by 2-stage LP turbine

* O-stage compressor driven by single
stage HF turbine

* Annular Combustor

* Close-Coupled Radial Augmeantor

* Ejector Exhaust System (Option only)

Langth: 182 in.

Max Diameter: 46.5 in.

Max Weight: 4,010 lbm

Max Airflow (F-16): 275 Ib/sec

IRP Thrust' 17,155 Ib @ 6,000 TAC

Max A/E Thrust’ 29,000 Ibs @ 6,000 TAC
Max A/B Thrust 32,128 |bs @ 4,300 TAC
"Minimum Engine Quote

Fig. 3 F110-GE EFE new features
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EFE, as illustrated in Fig. 3, include a three-stage long chord bli: Fan Efficlency Technology
fan and an advanced radial augmentor. Other changes includ m———
lightweight filament wound composite fan duct, and control sy: Mot——. I?'—l
tem enhancements to power manage the engine up to 34, Al —— ] .
pounds thrust. Durability improvements from current productio R
engine component improvement prograt@P) for the turbine \1\ S0
hot section and exhaust nozzle divergent flaps and seals, formg / TSN SO\
integral part of the F110-GE-132. The F110-GE-132 has an optig e N
to use an ejector nozzle, which results in a significant improv§ RSN ST
ment in exhaust nozzle parts life while at the same time lowerir NN "'7
exhaust system weight. R\l
The F110-GE-132 is being offered at two different thrusi t“"""""" . /
inspection levels, as shown in Fig. 4. On a standard day with ft =1
afterburner augmentation, these two power ratings are 29,€
pounds of thrustaverage, staticallywith a 6000 TAC ENSIP " " Blade Tip Mach Number * *
overhaul inspection intervgR] or the 33,000 pounds thru&iv-
erage with 4300 TAC ENSIP overhaul inspection interval. Fig. 5 Fan efficiency technology comparison
The EFE control system currently provides 34,000 pounds
maximum augmented thrust on an average engine basis with a 0.9
Mach number signal when operating in the higher thrust mode, . . .
An increasing Mach number signal into the engine control rais:@‘;ﬁ,ﬂmency at cruise relative to the current pro_du_ctlon fan translates
fan operating line schedules to increase airflow and availad[¥© lower turbine temperatures that results in increased hot parts
thrust automatically. This increased performance is delivered WP-_ .
the heart of the operational flight envelope where it is tactically Figure 6 shows the comparison of the F110-GE-129 current
useful. As the 34,000 pound thrust option is already automatBfPduction fan with the EFE blisk. Significant design, develop-
within the control schedules, no interaction by the pilot is requiré®€nt. repair, and field experience has been accumulated with
to achieve this performance and the EFE operating in this moBEsks on the T700 helicopter engines, the LM250Marine and
has the full 4300 TAC durability without any time limitations. At/ndustrial engines, the F120 ATF/JSF engines and the F414 en-
Intermediate Rated PowdiRP), the EFE in the higher thrust gines for the Navy F-18E/F. All three stages of the F110-GE-132
mode is capable of producing 19,000 pounds average SLS equi(?_dl are of b||$k const_ructlon. The assembled_fan _rot_or is shown in
lent thrust. This performance is also achieved at the full 4,3609: 7- The blisk configuration produces a reliability improvement
TAC rating without any time limitations or pilot interaction. ~ OVer the current system by eliminating potential sources of high
The F110-GE-132 offers the user flexibility in trading perforStress regions such as blade dovetails and midspan shialids
mance for life, as shown in Figs. 2—4. However, applying thedglis simplified configuration also reduced the fan module part
options requires consideration of all components within the efount by over 65 percent. )
gine. A balance between the advantages gained from the thermol he first stage of the F110-GE-132 fan incorporates long chord
dynamic cycle and the mechanical structure’s ability to sustai@n @erodynamic technology while eliminating the midspan
these benefits is required. In selecting the increased performafBgoud and dovetails using blisk technology. The airfoils are ro-
option, the turbine is the area within the engine that shoulders tast and have thicker blade leading edges relative to its IPE pre-
maximum life penalty due to increased temperatures. The curréi§icessolshown in Fig. 8 with on-wing blend limits increased
production F110-GE-129 has demonstrated more than adequtgfold. Recently developed laser shock péeSP) technology is
temperature margin in field service as seen by the absence of i@ applied to the stage 1 fan blade, reducing crack propagation
section failures, no related in-flight shutdowns or power Iosse%’]d fl_thher enhancing FOD tolerance capabilities. In engine tests,
and zero performance-related removals. An additional method iBientionally damaged LSP fan blades have passed full AMT en-
evaluating the mechanical robustness of an engine is througifance testing without cracking and the LSP process has been
weight growth required for the other components to adapt to tigl@lified for the current production F110-GE-129.
increase in thrust with the new fan. In the case of the F110-GE-The F110-GE-132 fan airfoil aerodynamic design uses the latest
132, the small weight increase is associated with the new fiHee-dimensional viscous design codes to increase efficigjcy
module. This weight increase is a direct consequence of applyidgd minimize the performance impact of the above-mentioned
long chord fan aerodynamics technology to achieve thermo hJ_ckness increases. Blade mean camber Ilng shape_s were custom
namic improvements. ailored[3] to reduce the shock losses associated with the larger
blade wedge angle as a result of an increase in the leading edge
thickness. The EFE fan hub end wall contours were also custom-
ized to reduce the impact of airfoil maximum thickness increase
. required to eliminate the midspan shroud. Fan stage 1 vane was
EFE Fan Design and Test Results leaned, similar to that in the F118-GE-100, to reduce hub inlet
The cornerstone of the EFE is a higher airflow long chord blisMach numbers and have shock free diffusion along the stator
fan, adapted from the F118-GE-100 engine used on the Bsgrface for increased performance.
bomber. The blisk design used technology leveraged off the F118An example of aerodynamic development for the EFE unique
and other IHPTET fans, and incorporated practical lessons learrfd@sely coupled fan frame and outlet guide vanes is described
from F110 field experience to obtain high fan efficiency and imPelow. In cutting the engine length to make the long chord blisk
prove durability, performance, and thrust. Figure 5 shows the
technology trends in fan efficiency between the current production
F110-GE-129 fan and some highly loaded, advanced technology ) ) ) )
IHPTET fans. In engine tests, the F110-GE-132 blisk fan ex-  1able 1 Fan aerodynamic design point comparison

ceeded these IHPTET goals while providing significant imprOVEParameters F110-GE-129 F110-GE-129 EFE
ments in maintainability, reliability, and safety. Tnlet Corrected Flow (Ibs/sec) 269 304
A comparison of the fan aerodynamic design point parameteInlet Corrected Tip Speed (fUsec) 1400 1383

between the current production F110-GE-129 IPE and the F11

GE-132 is shown in Table 1. The significant improvement in fafTessure Ratio 3.4 4.2
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ALL 3 STAGES
OF THE ROTOR
ARE BLISKS. BLADES

DESIGNED USING COUPLER SHAFT

3D AERODYNAMICS FOR SRU/ FAN
REMOVAL
LONG CHORD ASSEMBLY RE
BLADES. 2.5LB
BIRD TOLERANT
DESIGN
F110-GE-132
NO FRONT FRAME BLISK FAN

CHANGE. MAINTAINS
F-16/F-15 INTERFACE.
NEW IGV FLAPS TO

MATCH NEWFAN o F118-TYPE
AERO e - LEANED VANES

DOVETAILS,
RETAINERS
ELIMINATED

Fig. 6 F110-GE-132 fan design features: EFE fan is physically interchangeable with current production EFE
fan. No change in airframe /engine interface is required as the inlet diameter is identical between the two fans.

fan adaptable for the F-16, the outlet guide vanes were packagenrent production F110-GE-129 IPE fleet with the more efficient
closer to the fan frame, as illustrated in Fig. 6. Although only 1.8lisk fan during the IPE engine’s 8000 TAC depot inspection
inches shorter in length to the fan frame struts, this reductiosit.

could not only create an undesired back pressure, with potential tadCommercial aircraft engine applications have for a long time
hurt performance and aerodynamic stability, but it could also atklied on the principle of using non-axisymmetric stator configu-
versely impact the fan distortion transfer to the compressor. Thations ahead of pylons/struts to achieve a uniform flow field up-
three-dimensional design of the closely coupled OGV-Fan Fraraream of the stators. This approach is described in the papers by
system described below eliminated this risk. The length and inldemsworth 4] for the General Electric TF-39 engine and by Rub-
diameter constraints applied to the long chord blisk fan design drert et al.[5] for an alternative engine installation on the Boeing
significant as they provide the customer with the flexibility t&747 aircraft. As a practical alternative to building stator cascades
either use the EFE in new aircraft purchases or to retrofit thth different camber angles, the F110-GE-132 design started by
first considering a slightly more attractive option that lowered the
cost of implementation by using circumferentially re-staggered
stator vanes to guide the exit flow aerodynamically from the stator
trailing edge smoothly around the strut leading edge. To reduce
maintenance costs even further, the design evolved into a unique

Leading Edge Profile at Midspan

-GE-129 EFE Blisk Fan

Increased Thickness and Chord Length of 1st Slage
Blisk Fan Blade Significantly Improves
FOD Resistance and Repairability

Fig. 7 F110-GE-132 assembled blisk fan rotor. The blisk fan
produces reliability improvements over the current system by

eliminating potential sources of high stress regions such as
blade dovetails and midspan shrouds. Fig. 8 EFE stage 1 fan blade with thicker blade leading edge
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BYPASS DUCT ENDWALL
SPLITTER

COREDUCTHUB gyepy AND
ENDWALL LEANED DGVs

Fig. 9 Three-dimensional pictorial view of the closely coupled Fig. 11 Instrumented EFE blisk installed in the F110 engine for
fan frame and exit guide vane system aeromechanical qualification

set of swept and leaned fan outlet guide vanes that eliminate gig sigma capable tolerance levels for a new size range of produc-
complexity of local tailoring(i.e., the need to use different “vane-tion titanium blisk airfoils, particularly stage 1, for the critical to
types” or ‘“vane re-stagger). Figure 9 shows a three- quality (CTQ) characteristics such as leading edge thickness, lead-
dimensional pictorial view of the closely coupled fan frame/outlehg edge profile, and blade twist angle. The long chord blisk fan
guide vane system. demonstrated excellent structural capabilities in two aero-

Both configurations(i.e., the ‘“vane constant-stagger” andmechanical design and test iterations. The instrumented blisk to
“vane re-stagger) were analyzed and tested in the full engingualify the fan to meet the U.S. Air Force requirements is shown
environment, including inlet distortion. The tests demonstrated Fig. 11.
that no reduction in the fan’s performance and stability resulted The long chord blisk fan accumulated over 700 hours of test
from this reduced length design. Test results showed that the mtiree including over 500 hours of testing at altitude conditions.
expensive “re-stagger” option with the swept and leaned fan exltesting covered a wide range of flight conditions and power set-
guide vanes was not required. The aerodynamic design of tfiregs from sea level to 40,000 feet/Mach 2.0, idle to 34,000
closely coupled fan frame system, highly complex thregounds thrust at standard and hot day operations. Aero-
dimensional analyses, and engine test results have been repomedhanical test data acquired in General Electric’s test facilities
by Wadia et al[6]. Figure 10 illustrates an example of the calcuin Evendale and in the altitude test facilities at Arnold Engineer-
lated entropy(loss contours showing the stator wake streaksig Development CentefAEDC) in Tullahoma, Tennessee, re-
along both the upper and lower splitter surfaces and also along thdted in resonant responses for all the blades and vanes below
inner and outer flowpath surfaces. The splitter, which has to aBE’s design practices and the U.S. Air Force HCF criterion. In
commodate a significant swing in its leading edge incidence witiddition to the optimized aero-mechanical design, the fan ex-
changes in bypass ratio, is well behaved as represented by tkeeded the EFE efficiency objectives shown in Fig. 5 by an addi-
very low loss level shown in “blue.” The highest loss levels neational 1.5 percent while meeting all its operability requirements.
the outer wall of the bypass stream are shown in “red.” The exit
guide vane wakes show up as distinct “dark blue” and “red"Radial Augmentor Design and Test Results
entropy contours along the splitter and endwall surfaces. . .

General Electric’s company-wide quality initiativeg entited ~ 1he F110-GE-132 features a radial augmentor derived from
Design for Six Sigma&DFS9 and Design for Reliability DFR) concepts embodied in the F120 and F414 programs. It provides

were used to produce the fan blisks. These processes establidfgi§ced complexity, improved maintainability, and reliability with
over 50 percent improvement in parts life due to advanced cooling

of the augmentor parts. Figure 12 shows the comparison between

the current production IPE and the EFE augmentor. Some of the
ENTROPY CONTOURS (Side View) unique featupres of the EFE augmentor are aﬁso summarized in the
attached table in Fig. 12. The centerbody in the F110-GE-132 is
truncated for heatshield RU) removals, resulting in a significant
(90 percentreduction in maintenance man hours. The radial aug-
mentor not only lowers LRU removal and shop visit rates, but also
reduces the augmentor weight by about 3 percent relative to the
current production augmentor. The radial augmentor also has a 50
percent reduction in part numbers and a 15 percent reduction in
parts count relative to the current production augmentor.

Like the blisk fan, the radial augmentor was also developed
using highly complex three-dimensional CFD analyses. Each ele-
ment contained in the augmentor shown in Fig. 12 was modeled in
the analysis. The model started at the turbine rear frame exit and
ended at a predetermined distance aft of the exhaust duct liner.
The model spanned 22.5 deg from a fan chute centerline to the
adjacent fan chute centerline with periodic boundary conditions

F|g 10 Entropy contours a|0ng the fan frame strut’ Sp"tter‘ |mposed on the SldeWa”S The mOde| InC|Uded m|Xer Chutes, Wa”
and exit guide vanes showing stator wake streaks along the flameholders, radial heatshield/flameholder, centerbody, spray-
splitter surfaces and outer and inner endwall surfaces bars, liners, and blockages due to struts and hangers. Liner
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i F110-GE-132
o Radial Augmentor
| T
ﬁ;-' AN !
N ;
i . EFE vs. IPE Augmentor
¥ il T F110-GE-129 |PE * 16 Chutes vs. 20 lobe mixer
ﬁ Current Augmentor « Radial F/H vs. V-ring

i 1. * Mew diffusion/centerbady
S\ = 32 vs. 40 fan/core spraybars
= Elimination of igniter can

-uqni_-“ #F— "'. -/

ouEF - ' __-fl wl'-'l-' 3— :“_._

Lowered cost of acquisition and maintenance
L for the customer with improved reliability

Fig. 12 F110-GE-132 radial augmentor features

screech and cooling holes were treated as porous media flow célsshow a typical example of the large body of data generated by
in the analysis. The geometric complexity of the augmentor wése three-dimensional analyses. Shown here are the velocity vec-
accurately modeled with a grid system that exceeded two millidars in a cross section of the current productit®E) and the EFE
grid points. radial augmentors, respectively. The large flow re-circulation
The analysis was first validated with extensive on-line gasorteX downstream of the flameholder, shown in Fig. 14, pro-
analysis(OLGA) data from the current production augmentor towides more useful mixing in the case of the radial augmentor. The
develop a sound understanding of the inner workings of the thréemperature contours for the EFE radial augmentor calculated by
dimensional computer code. The radial augmentor design wih& complex three-dimensional analyses at a prescribed after
analyzed using the calibrated three-dimensional analyses. Thener flight condition is shown in Fig. 15.
analytical results were used to improve the radial augmentor de-The radial augmentor, developed using the three-dimensional
sign. The analyses provided a significant reduction in the tin@@FD analyses, demonstrated good efficiency and light-off charac-
spent on developing the augmentor on the engine. Figures 13 aaustics(quick and stable lighjsn 450 hours of total test time on

Radial gutter

Local spraybars Flameholder

-

Fuel spraybars /
/

Centerbody

Flameholder
Calculated velocity vectors in current production core-chute cross section

Fig. 13 Calculated velocity vectors for the current production F110-GE-129 augmentor
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Mixer wall

Core —»

Centerbody Cooled flameholder

Calculated velocity vectors in the radial flame holder cross section

Fig. 14 Calculated velocity vectors for the F110-GE-132 radial augmentor

throat area and variable exhaust expansion ratio. This concept
g provides high cruise performance and low drag, and aids in
! smooth thrust modulation. The full authority digital electronic
Cooled Namhoider control continually schedules the exhaust nozzle throat area to
| maximize engine thrust while maintaining sufficient fan stall mar-

gin for excellent engine operability throughout the flight envelope.

Lt The exhaust duct liner directs film cooling air back to the
§ t nozzle flaps and seals, and also provides effective augmentor
e j wF screech suppression. The nozzle convergent section is comprised
AR C o+ of primary flaps and seals while the divergent nozzle section is
Calculsted Badial Augmentar Tamparalure Confours — Highar

comprised of divergent flaps and seals. Thermal barrier coatings
= have been introduced on the divergent flaps and seals to reduce
thermal fatigue, extend nozzle life and reduce maintenance.
’5 The F110-GE-132, like its IPE predecessor, is structurally ca-
pable of accepting the Multi Axis Thrust VectorifiglATV ) with
Fig. 15 Calculated temperature contours for the F110-GE-132 the mod_lflcatlons to the exha_ust _nozzle_ as shown in F'g.' 16. .
radial augmentor at a prescribed flight condition The ejector nozzle, shown in Fig. 17, is another potential option

the engine. The augmentor accumulated 99 hours of testing at
level and 351 hours at altitude conditions. 85 test hours were sp:
in combination of maximum A/B and part power A/B operation
which is significantly more than required for 2000 EOH life. The
radial augmentor components demonstrated excellent reliability
rigorous testing across the entire flight envelope. The radial aL| Baseline F110 Exh Nozzle
mentor permitted operations at higher cycle temperatures withc
flameholder burning and demonstrated low screech. Outer Shroud  Outer Flap

Exhaust Duct  Interim Spacer Cone f
X T~

/ Spherical Bearing

F110-GE-129 EFE Exhaust Nozzle Options

The current production F110-GE-129 IPE exhaust nozzle &
sembly provides high reliability and smooth thrust modulatio
throughout the flight envelope. The F110-GE-132 nozzle design
nearly identical to the proven F110-GE-132 engine with years
successful service, but with significant life and maintainabilit
benefits.

The F110 exhaust nozzle, shown in Fig. 16, utilizes gig. 16 Comparison of the F110-GE baseline exhaust nozzle
converging-diverging exhaust nozzle design having variableature with the AVEN ready exhaust nozzle features

Primary Flap «f

7 f
Universal Joint

Divergent Flap
Group A Provisions - AVEN® Ready
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Fan Comprassor Afterbumar  Exhaust Nozzle
| | 7 /

o

Combustor  Turbines
. Forward
= Engine Bay Air

Low Drag
QOuter Contour

Durable, Low Maintenance
Insertable Base Sheet Design

Ejector Slot

Fig. 17 F110-GE-132 optional ejector nozzle features

available on F110-GE-132. The fundamental idea behind this cdnit10 Program Manager, Ron Hutter, Military Marketing and
ceptis to use air from the engine bay to cool the nozzle parts. Ti8sles Manager, and Alan Ewing, Jeffery Reno, and Bjorn Gidner,
results in a significant improvement in exhaust nozzle parts lifel10 Marketing and Sales, for their support of the EFE develop-
(4X) and a largeg50-90 percentreduction in LRU replacement ment and qualification program. The authors would also like to
times. Other benefits of the ejector nozzle are a reduction in paatsknowledge the support provided by several branches of the
count, reduced spare parts cost, reduced inspection time, &mdted States Air Forcé AFRL, ATTD, JTDE, CIP, and ASC/
lower exhaust system weight. LPP) to develop the long chord blisk fan and other key compo-

nents for the F110-GE-132. The authors are grateful to GE Air-
Summary craft Engines for permission to publish this paper.

The F110-GE-132, developed using General Electric’'s low-risk
derivative engine technology, is being offered at two different

thrust/inspection levels. The engine can be operated by the c
tomer at either of the two thrust/life ratings. In engine tests the  aA/B
EFE has demonstrated over 34,000 pounds of maximum aug-AEDC
mented thrust, and will be qualified at 34,000 pounds thrust rating. CIp
Two key new features on the engine include an increased airflow, EFE
high efficiency, three-stage long chord blisk fan and an advancedgNns|p
radial augmentor that reduces complexity, improves maintainabil-  F/H
ity, and provides increased parts life. A detailed description of the FQOD

new features of the F110-GE-132 have been presented. The eqMPTET =

gine has completed final component validation and is being pre-

pared for qualification testing. IPE =
The engine utilizes leading edge technology with new features |Rp

that provide excellent reliability for new and derivative F-15, LRU

F-16, and F-2 aircraft. Building on the success of the F110-GE- | sp

100 program and leveraging low-risk derivative engine technol- M
ogy have produced a very high efficiency robust blisk fan for thgiax A/B
F110-GE-132. This fan is capable of providing increased thrust or LGA

improved engine life to new aircraft and is also available as a TAC =

retrofit kit for the current United States Air Force and foreign
military customer fleets without any airframe mount location

ymenclature
= afterburner

Arnold Engineering Development Center
component improvement program
enhanced fighter engine

engine structural integrity program

flame holder

foreign object damage

integrated high-performance turbine engine tech-
nology

improved performance engine
intermediate rated powedry thrus)

line replaceable unit

laser shock peen

Mach number

maximum augmentation

on-line gas analysis

total accumulated cycles

modifications. Similarly, the radial augmentor provides significarReferences

durability improvements and can be retrofitted to existing engines; A qersen. R. H., 1990, “F110: Power for the 90's and Beyond,” ASME Paper
as well. The improved durability and maintainability features of ~~ No. 90-GT-SSS.
the F110-GE-132 result in reduced operational cost, with product2] Kandebo, S. W., 1996, “GE Developing Longer-Life F110,” Aviat. Week
tion availability in 2002. . \?VPELC? TAngno'u geLb-~ P% 45—413593 Low Aspect Ratio T  Rot
B H e . adia, A. R., an aw, C. A, s OW Aspec! atio lransonic Rotors:

In OCtOber 1999, th.e Umted. States Alr Force officially in Part 2—Influence of Location of Maximum Thickness on Transonic Compres-
formed GE Aircraft Engines that it had designated the EFE 32,000  sor performance,” ASME J. Turbomach15 pp. 226-239.
pound(minimum) thrust/4300 TAC inspection interval engine op- [4] Hemsworth, M. C., 1969, “Development and Experiences of the First High-
tion as the F110-GE-132. The EFE’s 29,000 poumdnimum) Bypass Ratio Engine, TF-39,” Paper No. 21, presented at the 11th Anglo-

: : . o . American Aeronautical Conference, London.

thrust/6000 TAC InSpeCtlon interval optlon has been des.lgnated a[%] Rubbert, P. E., Boctor, M. L., Cowan, S. J., and Laprete, R. D., 1972, “Con-
the F110-GE-132A and the 34,000 pound thrust version of the

) cept and Design of Stators Tailored to Shield a Fan From Pressure Distur-
EFE has been entitled as the F110-GE-134. bances Arising in the Downstream Fan Ducts,” AIAA Paper No. 72—84.

[6] Wadia, A. R., Szucs, P. N., and Gundy-Burlet, K. L., 1999, “Design and
Testing of Swept and Leaned Outlet Guide Vanes to Reduce Stator-Strut-

Acknowledgments Splitter Aerodynamic Flow Interactions,” ASME J. Turbomach2l, pp.
416-427.

The authors would IiI_(_e to aCkn_OW|edge Robert Griswold, Gen'[ﬂ Velocci, A. L., 1998, “Pursuit of Six Sigma Emerges as Industry Trend,”
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Reducing Bottlenecks in the
w.n.oawes | GAD-to-Mesh-to-Solution Cycle
- oo | Time to Allow CFD to Participate
A. A. J. Demargne |n DBSlgn

W. P. Kellar As CFD has matured to the point that it is capable of reliable and accurate flow simula-
A. M. Savill _tion, attention is now firmly f_ixed on how best_to deploy the_lt CFD as part c_)f a process to
improve actual products. This “process” consists of capturing and controlling the geom-
etry of a suitable portion of an aeroengine (e.g., a blade row, or an internal cooling
system or a fan-plus-nacelle), building a mesh system, solving the flow and responding to
an appropriately visualized flow field by changing or accepting the geometry. This paper
looks at that process from the point of view of identifying any bottlenecks and argues that
current research should be directed at the CAD-to-mesh-to-solution cycle time rather
than, as has been traditional, just looking at the solver itself and in isolation. Work aimed
at eliminating some of these bottlenecks is described, with a number of practical ex-
amples. [DOI: 10.1115/1.1370162

CFD Laboratory and Whittle Laboratory,
Department of Engineering,

University of Cambridge,

Cambridge, UK

Introduction features of very little aerodynamic interest that might nonetheless
ive problems in grid generation and flow solving procedures.

The modern trend in aeroengines is try to produce more aggr ese features might be, for example, rivets on an aeroplane fu-

sive designgfor example, higher stage loadingand in reduced lage. or bolt holes in a racing car bod
design cycle time. The overall imperative is to reduce the cost %?I ga’CFD analvsis. the mogt commo)rlll surface representation
the engine and reduce the associated development risk. This tren ysIS, P

is in turn causing a rather different focus to be placed on desig dis one of a variety of types of spline, either uni- or bi-variate,

. o . pending on the nature of the analysis. Typical geometry repre-
tools like CFD. The question Is no longer simply _Whether CF@entation methods for optimization concentrate to a certain extent
can reproduce experiments sufficiently accuratelzich has led

to rather excessive activity based narrowly on turbulence mod ! the access given by the parameters to the design space. A

ing) but whether CFD can participate in the design process wi rameter set Is cc_)m_monly qhosen on th_e basis of being able 1o
represent most existing designs for a given component. These

sufficient speed to drive down the design cycle time. This emph hline methods of surface representation, by virtue of being an

sis on whether CFD can actually be used to help “halve the ca - .
of an engine” has revealed that one of the key bottlenecks ' erently efficient and practical way to represent a surface, tend

I 4 ) : -
getting access to complex geometry held in a CAD system aﬁ}be widely available in commercial CAD packages. The

converting that into suitable mesh systems for CFD. The conce RBS method is not often used currently in CFD-based optimi-

of “badlygmeshable geometry” was ¥ormally recogni.zed only re_fation as the extra flexibility offered, compared with a basic cubic
. . B-spline, is not seen to add much to the design process.

cently by Samarefd999 [1] who desc;nbes CAD features unsuit- Ir?this paper, recent work relating to a nun?be? of issues asso-

able for a CFD mesh procedure. This group of geometry featur S ’

. . ted with the CAD-to-mesh-to-solution problem is described,
essentially breaks down into two parts—areas where the uns r']téluding realistic “dirty” geometry acquisition and repair, sur-

:Egltgrggzevihfé%ntk?:ﬂﬁ s%?t%rgiﬁ:”ﬁseéﬁ)ﬁ’o"t%é Zﬂ?ueam;?‘crn?rtl;?i ¢te discretization and viscous volume mesh generation, and fast
y 3l RANS flow solution. The focus is on identifyingpttlenecks

mcilss roefprrﬁ:sgéi?é ;l—_r;)e/ F:gttg;%oToT%]'LyDagizfyg’sfovrvre]g%mﬁl%nd describing work which overcomes them. A number of practi-
CAD definition is rendered unusable for a CFD analysis by th%glraemXZtrg‘r)ilzez;ic?r:eits;?(i:sn?\icti C%S\/e”r“ejgtirr?t;ginss' ?lg‘roﬁﬁgreg?somﬁgz
presence of extraneous mechanical features. P Paper,

A ) . research starting up in that area. In our group this research is
This principle of the actual level of representation also applies. . L - -
to CAD which is generated specifically for CFD; a CAD defini_dgrlven by the view that it is the ability to parameterize geometry

. . : which determines the absolute ability to optimize design. We be-
tion of a complet.e turbine stage would contain a large amount iqve that the freedom to parameterize requires complete control
information ranging from the number of blades to the individuale, - " oo '~ A Do mesh-to-solution process—hence this paper
spline control points. All of this information can be relevant for P paper.

the purposes of overall aerodynamic analysis, but the choice of

what information is relevant in a particular type of CFD analysis

is dependent on the tools being used. For example, an emp'”E)”gsirable Attributes

through flow correlation for a turbomachine may require gross

parameters such as the number of blades in a stage, whereas Tehe desirable attributes in a useful CAD-mesh-CFD system are
detailed Navier-Stokes analysis of the flow in a blade passagémmarized in Fig. 1; the geometry to be manufactured is as-
would require access to the actual surfaces of the blades. In genmed held in a CADor CAD-like) database. For CFD to be
eral, a CFD engineer could expect to receive a highly complesseful(i.e., to participate in the design cytla number of appar-

CAD for aerodynamic analysis, which would often contain mangntly simple operations must take place. The core requirements
are:

Contributed by the International Gas Turbine Institute and presented at the 45th ; .
International Gas Turbine and Aeroengine Congress and Exhibition, Munich, Ger-. the geometry must be lmported from the CAD system;

many, May 8—11, 2000. Manuscript received by the International Gas Turbine Insti- * fUlly 3'? viscous meSh. generatior‘ must take place
tute February 2000. Paper No. 2000-GT-517. Review Chair: D. Ballal. automatically—and for arbitrary domains;
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CAD database j 3969.890, £3.333, 379.29%

geometry import *geometry export
3D geometry paramejrisation

v
3D automatic mesh
generation
¢ | T Geometry interrogation

during solution adaption
| Robust, reliable CFD |

Constrained
optimisation

Simple constraint models for
structural integrity, life & cost
analysis and manufacturing

Fig. 1 Desirable attributes in a useful CAD-mesh-CFD system Fig. 2 Fuel injector holes from typical combustor geometry

+ areliable, robust 3D RANS flow solver must run as quicklynost rigorous level, i.e., at the level of the individual spline sur-
as possible. face control points, and topology information must be generated
In addition, it would be very desirable for the flow solver and’om scratch. Typical CFD procedures incorporate this geometry
mesh generator to be coupled to permit geometry interrogatifgPair with the mesh generation procedure, where topology and
during solution adaptiofwhich might take place in both time andintersections are defined manually in the mesh. This constitutes a
space and for both geometry and flow to sit within a geometryn&jor bottleneck in the CFD procedure as a whole, but is not
parameterization and constrained optimization harness. EachSBfctly necessary if the geometry definition can be raised to the

these operations is nontrivial, raising issues which are, in mafgduired standard. . o
cases, quite novel to the CFD community—both developers and? limitation of typical intersystem data transfer is shown in Fig.
2

users. . Here, a series of combustor injector holes have been reduced
from complex trimmed cylinders to simple geometrically rectan-
Bottlenecks gular spline patches by the CAD/CFD geometry transfer formal.

) ) ) To manually repair such intersection information for such realis-
Our work on a range of very practical geometries against ré@ally complex geometry in a useful design process is not fea-
deadlines, has brought into sharp focus four bottlenecks: sible, and the CFD system must then be prepared to automatically
« importing and fixing “dirty” CAD; calculatfe intersection and _topqlogy information. Discussion With_
« guaranteeing surface integrity during mesh generation; the original draughtsman, in this instance on the length and detalil

« avoiding/eliminating “slivers” (i.e., tetrahedrons of vanish- ©f the injector geometry, can minimize the effort required from
ing volume; the CFD repair.

« computer memory/time for useful simulations. A typiqal aerofoi_l se(_:tion geometry frc_)m agas turpine combus-
tor inlet is shown in Fig. 3. Degeneracies here fall into two cat-

This paper describes our responses to these bottlenecks. egories. First, the actual spline surface definition is not particu-
larly suitable on the suction surface of the blade; too many
Geometry Import patches are used to describe the relatively flat surface, and these

may well limit the quality of the surface mesh. A competent au-
mated CFD procedure could be expected to repair this error.
econd, a CAD fillet is given at the root of the section. This

gsometry information is derived from manufacturing data and

ould not in general be required for the CFD analysis; but respon-

In many ways the biggest and most time-consuniergd most
surprising bottleneck is simply getting access to the geometry i
the first place.

The process of geometry access is limited by the need for C
to interface with common commercial CAD systems and georW
etry transfer formatstypically IGES. The nature of this interface
is defined from two viewpoints; first that of the CAD draughts-
man, who should expect to set the original level of geometry
information to be as CFD friendly as possible; and second that of
the CFD package, which should expect to automatically interro-
gate and repair a full range of typical CAD formats and entities.
The quality of this interface is crucial to the CFD analysis as a
whole; for example, small geometry degeneracies which are ex-
tremely hard to repair automatically at the front end of a CFD
package can be easily removable by the original CAD draughts-
man when familiar with the requirements of CFD.

Surface data are often handled using spline surface definitions.
Intersystem transfer of such surfaces with existing formats leads
unavoidably to variable degrees of surface degeneracy, for ex-
ample, gaps in the solid surface due to tolerance mismatches, and
crucial topology and component intersection information is gen-
erally not supported at all. To deal with such problems a CFD
package must interrogate the geometry data at the very lowest &gl 3  Inlet aerofoil section from typical combustor geometry

\
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sibility for controlling this level of data falls to the CAD draughts- « remove duplicate edgedased on end nodes and checking
man, and repair of this type of error must currently be carried otlie gap distances between the middle npéesl rebuild the .geo
in commercial CAD rather than in a CFD package. However, tHde;
fillet information may be required in the CFD for certain levels of < determine any “dangling” nodes or edges and delete from
analysis, and ideally a geometry-adaptive mesh procedure shotlid list;
have access to the information which can be maintained in thee check the validity of the .geo file by checking all the vertices,
background of the CFD. edges, surfaces information with the edge and surface topological

Our goal is to produce a CAD-like input file to the mesh geninformation;
eration system, which we call a “.geo” file, containing patches, ¢ respline any given patch;
edges, and topological binding®awes, 1994 2]); this goal is * merge patches which have matched trimmed edge along the
generic to all mesh generation systems. To achieve this a numbemmon edge boundary and rewrite the .geo file;
of automatic, or semiautomatic tools have been developed in re= split patcheqalong a particular parametric u/v linand re-
sponse to much practical experien@awes, Dhanaskeran, andwrite the .geo file;
Demargne, 19993]): * merge two or more .geo files into a single file with topologi-

. . cal information;

: read_, interpret and assemble skele_ton -9eo0 file from raw, split a single .geo file into many fragments, with topological
IGES, trimming the pz_atches and matching trimmed surface ﬁQformation;
timmed edge boundaries; « skip u/v lines in the given .geo file based on distance toler-

+ convert patch geometry dafa into .geo format, including geay, e | arge u,v spacing variation on any patch causes problems in
erating automatic topological informatiofThe boundaries should CLllrvature calculations in the surface mesh
uld ’

have trimmed edges, i.e., all the surface boundary edges sho

take part in the surface topological informatipn Figure 4 shows typical CAD surface representation errors, with
» remove duplicate node@vithin certain minimum tolerange “healed” results near the complex, highly three-dimensional
and rebuild the .geo file; tongue of a radial inflow turbine housing.

3D Automatic Mesh Generation for Arbitrary Domains

While an enormous literature exists describing structured multi-
block meshes, chimera meshes, hybrid unstructured meshes, and
unstructured meshes, only purely unstructured meshes seem ca-
pable of truly automatic generatigibohner, 1994[4]). In addi-
tion, only unstructured meshes seem infinitely scalable on parallel
computer architectures. In principle, the entire meshing process is
automatic. However, another major potential bottleneck, which
must be under control for the CFD to participate in design, is
guaranteeing surface integrity at the mesh generation phase.

Once the mesh generator receives the .geo generic edges/
patches/bindings file, the first operation is to triangulate the do-
main surface. This is performed using an edge-swapping De-
launay algorithm as described by Daw@®96 [1]. The surface
triangulation is both curvature and proximity sensitive and, if ap-
propriate, highly stretched triangles are generated near patch
edges to support viscous layers.

The next operation is to insert all the boundary nodes iteratively
into a tetrahedralized mesh structure. Node insertion is performed
using an edge-swapping Delaunay algorittibawes (1996 [1],
Fergussor{1987 [5]). If this is “unconstrained” then the surface
integrity of the domain boundary cannot be guaranteed, i.e., sur-
face triangles are not guaranteed to match faces of tetrahedrons
and edges of tetrahedrons may pass through surface triangles. This
problem is particularly severe when dealing with real, practical
geometries where it is not always possible to guarantee “perfect”
surface triangulations. The traditional response to this problem
(e.g., Peraire et al(1988 [6]) is to devise elaborate post-
processing operations to swap tetrahedron edges to force bound-
ary recovery. Our response is to build surface integrity into the
heart of the algorithm: “march and grab.” This approach, illus-

trated in Fig. 5, is based on the idea of “marching” the domain
Jedled automati h boundary triangles into the iteratively evolving tetrahedral mesh
rebuildingNocal B proceeding from neighbor to neighbor. Once a tetrahedron face
coincides with a boundary triangle then that face is marked
“grabbed” and no subsequent edge swapping is allowed to dis-
turb that match. The ability to introduce constraints on the fly is a
significant advantage of the edge-swapping algoritamopposed
to the more usual insertion polyhedron methg¢dameson et al.
(1986 [7]). The next node to be inserted is then chosen from
neighbors of existing “grabbed” faces. Even over complex do-
mains, experience has shown that after all boundary nodes are
inserted all but a very small handf@10-20, say of boundary
Fig. 4 Typical CAD surface representation errors together triangles are matched to tetrahedron faces. The remaining matches
with “healed” result can almost always be made using integer arithmetic and simple,

L
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Fig. 7 Parallel speedup of unstructured flow solver on a Hita-

Key chi MPP
o inserted nodes
/\ grabbed faces o
o current node to get more computer power; the only scalable way to do this is to
&candidate face exploit parallel architectures. Our work is based on the NEWT
family of 3D RANS unstructured mesh flow solvefawes

(1992 [8], (1993 [9]) and we have adoptg®ycroft et al.(1999

[10]) a domain decomposition parallelization strategy suitable for

both shared-memory and distributed-memory architectures. We
routinely use a variety of platforms including a 64 processor Sili-

on Graphics Origin 2000, 4-processor SGI workstation, and an
-processor Bceuwulf-type cluster of 450 MHz Pentium PC’s.

ure 7 shows typical speedups obtained on real problems.

Fig. 5 “March and grab”: iterative insertion of surface tri-
angles to guarantee surface integrity

very localized edge swapping. Overall, this strategy eliminates t!
bottleneck associated with the need to guarantee surface integr,
The final mesh generation bottleneck is avoiding and/or elimi-
nating “sliver cells.” Slivers are one of the most irritating by'ExampIes
products of the Delaunay methodology. A sliver tetrahedron is
formed from four nearly co-planar nodes, Fig. 6, and has vanishAxial compressor and underhub leakage
ing volume but satisfies the basic Delaunay criterion of a very The first example, taken from Longley and Demarg2600
compact circumsphere. However, although “valid,” slivers caudel1l] and using the present CAD-to-mesh-to-CFD system, is the
the flow solver severe accuracy problems and must be removel@ssical problem of an axial compressor with underhub leakage
Slivers within the body of the mesh can be prevented from fornflow. Figure 8 shows a zoom view of the mesh near the leading
ing by adding additional tests in the heart of the meshing algédge of an axial compressor cascade with the leakage path up-
rithm; this can be readily done in an edge swapping approagtieam of the platform. This gap discharges air pushed into the
since “Delaunay-ness” is seen simply as a test. Slivers associag@fresponding gap just downstream of the blade row and driven
with four nodes lying in the same boundary surface are moky the compressor’s own pressure rise. Figure 9 shows a compari-
difficult but can nearly always be removed by locally targetegon of predicted and measured total pressures downstream of the

semiautomated local edge swaps. blade row for a case with underhub leakage and a reference case
with no leakage cavity. For this case, and this design of leakage
Fast, 3D RANS Flow Solution path, the effect of the leakage is to substantially increase the size

The final bottleneck to be confronted is computer memory and
time. The only guaranteed way to make a flow solver run faster is

N NESEDS
S

i

- COMPRESSOR
LEADING EDGE

Fig. 6 A “sliver” formed from nearly co-planar nodes with Fig. 8 Zoom view near the LE of a compressor with underhub
compact circumsphere leakage
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Calculation

no cavity

Leakage fraction : 0.56%
Veav .14
T 8%

Fig. 9 Predicted and measured total pressures at exit from a
compressor with and without underhub leakage

of the corner stall(with corresponding increase in loss coeffi

cieny. The agreement with experiment is considered satisfacto
more details and discussion are given in Longley and Demarg

(2000 [11].
» Combustion chamber

Fig. 10 Surface mesh for the complete combustion chamber
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Fig. 11 Cold flow solution showing velocity vectors and pres-
sure contours, subsynchronous idle operating point

The second example, taken from Birkby et @000 [12] and
using the present CAD-to-mesh-to-CFD system, is the topical
problem of combustion instabilities in an industrial aeroderivative
gas turbine. Figure 10 shows the surface mesh for the complete
geometry of the Rolls-Royce “Trent” aeroderivative combustion
chamber. This geometry, imported via IGES from the Rolls-
Royce “CADS” CAD system, included all the geometry from
let, past two layers of swirl blades, with four fuel injection pipes
gr blade pitch, into the main body of the chamber, past secondary
and tertiary injection ports to the turbine inlet. The scale of re-
solved features ranges from 0.7 mm for the fuel pipe diameters to
of orde 1 m for the overall system length. The geometry defini-
tion consisted of 847 separate patches and could only be handled
in a realistic time scale because of the almost completely auto-
mated nature of our system. With experience, a fully 3D unstruc-
tured mesh system can be generated for this type and scale of
geometry in a matter of days. A wide variety of cold flow and
steady and unsteady fully combusting solution were generated,
illustrated here by a single plot, Fig. 11; extensive details and
description can be found in Birkby et #2000 [12], Kellar et al.
(1999 [13], and Kellar(1999 [14].

Concluding Remarks

For CFD to fulfill its full potential research is urgently needed,
not on the modeling in the flow solver itself but on reducing the
CAD-to-mesh-to-CFD cycle time. This will give CFD access to
the design process. Several bottlenecks were identified of which
by far the largest is the CAD-to-mesh conversion. Other bottle-
necks discussed were forcing surface integrity in mesh generation
and flow solver speed for large problems. Our responses to these
bottlenecks were described and a range of examples showed how
much progress has been possible. Real, practical geometries can
now be turned around in days rather than weeks. Soon, we will
achieve turn around in hours and be able to improve design.
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Viscous-Flow Two-Dimensional
Analysis Including Secondary
Flow Effects

During the last few decades extremely powerful Quasi-three-dimensional (3D) codes and
fully 3D Navier-Stokes solvers have been developed and successfully utilized in the design
process and optimization of multistage axial-flow compressors. However, most of these
methods proved to be difficult in handling and extremely time consuming. Due to these

Reinhard Momg disadvantages, the primary stage design and stage matching as well as the off-design
. analysis is nowadays still based on fast 2D methods incorporating loss-, deviation- and
Frank Mildner end wall modeling. Only the detailed 3D optimization is normally performed by means of
) ) advanced 3D methods. In this paper a fast and efficient 2D calculation method is pre-
Siemens AG Power Generation KWU sented, which already in the initial design phase of multistage axial flow compressors,
Mulheim . d. Ruhr, Germany considers the influence of hub leakage flows, tip clearance effects, and other end wall flow

phenomena. The method is generally based on the fundamental approach by Howard and
Gallimore (1992). In order to allow a more accurate prediction of skewed and nondevel-

Ralf ROper oped boundary layers in turbomachines, an improved theoretical approach was imple-
B&B-AGEMA GmbH mented. Particularly the splitting of the boundary layers into an axial and tangential
Aachen, Germany component proved to be necessary in order to account for the change between rotating

and stationary end walls. Additionally, a new approach is used for the prediction of the
viscous end wall zones including hub leakage effects and strongly skewed boundary
layers. As a result, empirical correlations for secondary flow effects are no longer re-
quired. The results of the improved method are compared with conventional 2D results
including 3D loss- and deviation-models, with experimental data of a three-stage re-
search compressor of the Institute for Jet Propulsion and Turbomachinery of the Techni-
cal University of Aachen and with 3D Navier-Stokes solutions of the V84.3A compressor
and of a multistage Siemens research compressor. The results obtained using the new
method show a remarkable improvement in comparison with conventional 2D methods.
Due to the high quality and the extremely short computation time, the new method allows
an overall viscous design of multistage compressors for heavy duty gas turbines and
aeroengine applications[DOI: 10.1115/1.1370167

Introduction quires the knowledge of secondary flows and attributes the span-
Two-dimensional(2D) streamline curvature methods are stillViS€ MiXing to convectional transport phenomena. This method is
8nly attainable for quasi-3D methods where the secondary flow

the most important tools in the design and performance predicti fects are determined during the calculation process. The second
of axial-flow compressors. Due to the general assumption of axi- 9 p )

symmetric and inviscid flow, these methods are principally nértnportant model was developed by Gallimd@. This approach

able to predict viscous and 3D effects, which predominantly Chaerg(plains spanvyise mixing .by diffusion effects only and therefpre
oes not require the detailed knowledge of 3D flow properties.

acterize the flow properties within the end wall zones of ama% th of these models are generally able to improve the radial

flow compressors. This deficiency may be acceptable for the froorl}rgtribution of the flow properties in a multistage environment and

end compressor stages but will lead to significant inaccuracies_in _. o ! :
void unrealistically high end wall temperatures in rear stages.

the medium- and high-pressure section of multistage compress Ith the implementation of radial mixing, the 3D losses can be

This leads to unacceptable errors in performance prediction fg decified locally and the spanwise distribution for downstream
design and especially for off-design operation. P Y P

In order to improve the accuracy of these methods, many serf|ede oWs is performed by the mixing models. However, the
o . o rediction of flow velocities and flow angles in the end wall re-
empirical correlations for 3D loss and deviation were developeg

With the introduction of these models a better prediction of th fons still remained unsatisfactory due to the lack of any viscous
. ffects in these models.
3D loss generation and the effect on the subsequent compress

slages became ossie, However, I most case, e 100Es Wfovement uiih was developed by Howard and Galimore
Yy 9 gn op 3992 [3]. For the first time, the viscous effects of the end wall

gugg?ggoésc’:é?g.spig\'\ll.'lsnetg?gbué'?:qg;ttzle di?aeﬁeﬁtshh%déoo gions were directly implemented into the mixing model devel-
pecth Ing imi Xper » Which | Bped by Gallimorg?2]. The mixing coefficient was reduced in the

Cazejrgm;tyc\:la};} a;/;llgntzlgnior gs%%%g%mtﬁg%r:tgg' ment of t end wall zones according to a mixing length model. This approach
IC improv w y velop .proved to be able to more accurately predict the flow properties

gn%cl)_rftlznt g%ﬁiegzs;%rgre%'g rtTI]wg dglﬁg?tz d?(fnnggév'giﬁgﬁ:):glg Within the viscous end wall zones and therefore allowed a better
Xl W P ) : stage matching including end wall bending of airfoils. This

) ) ) ) method also yields improved boundary conditions for 3D Navier-
Contributed by the International Gas Turbine Institute and presented at the A@Tokes calculations of isolated compressor stages. However. the

International Gas Turbine and Aeroengine Congress and Exhibition, Munich, Ger- R . o p. ges. ’

many, May 8-11, 2000. Manuscript received by the International Gas Turbine Insrtnodel still requires additional correlations for 3D loss and devia-

tute February 2000. Paper No. 2000-GT-628. Review Chair: D. Ballal. tion in order to match the experimental data, especially in the rear

%his deficiency was remarkably reduced by a further important
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part of multistage compressors. Due to this requirement, an inagscous end wall zones is extremely challenging because of the
curacy for new compressor designs and for off-design perfdD dominance and the changes from absolute to relative frame of
mance is still present. referenceland vice versawhich lead to strongly skewed bound-

In order to improve compressor efficiency by a reduction of 3@ry layers. Furthermore, the changes between stationary and rotat-
losses, the necessity of a further improvement of the viscous-flimg blades and end walls and the axial gaps lead to undeveloped
model becomes obvious. The goals of the efforts described in thisundary layers that have to be addressed by the model in order to
paper can be summarized as follows: correctly simulate the real flow behavior.

Inner and outer bleeds are required for sealing and cooling air

: rtTlmove th?. nfecctassny Ofd.3|?. Iossfar:ldbdevgatlon_mocti)els, d in the hot gas section. Therefore, they are characteristic for mod-
allow a salistactory prediction of hub and casing boundaly, 5ergengines and heavy duty gas turbines as well. These ex-
layers including secondary flow effects for multistage axia

f ractions also significantly change the radial flow properties and
OW COMPressors. therefore have to be included in 2D computations to consider the
As a result, the present method allows a more precise predictidpact on subsequent blade rows.

of the radial flow field and enables the designer to improve the Unsteady effects can of course not be modeled by 2D steady-

efficiency by a better control of the 3D flow effects. state calculations. Therefore, only time-averaged properties are
calculated by these codes. However, it has to be ensured that the
Main Features of Axial-Flow Compressors steady-state solution represents the time-averaged properties from

. - ) . ) measurements and unsteady calculations as close as possible.
The flow field within axial-flow compressors is dominated by The 3D flow effects can also not be directly predicted by 2D

« airfoil boundary layers, meth_ods. By implementing appropriate radial mixing models it is
« hub and casing boundary layers at rotating and stationary pegSiPle however, to take into account the main overall effects

walls, that are introduced by 3D features. The use of mixing models
« tip clearance and hub leakage effects, allows a more accurate prediction of the radial temperature and
« inner and outer bleeds, pressure distribution and additionally leads to a significant im-
« unsteady effects, and provement of velocities and flow angles.

¢ other 3D viscous flow effects.

. i ) . Governing Equations and Numerical Model
For 2D axial-symmetric flow modeling, the airfoil boundary

layers and the related effects such as total pressure losses and ZDvo-Dimensional Boundary Layer Model. The viscous end
underturning have to be incorporated by empirical correlationsall model presented in this paper is generally based on the fun-
For NACA airfoils these correlations were determined by extertamental approach of Gallimof@] and Howard and Gallimore
sive measurements in the 1950’s and are included in the NACE8|. However, some features representing the fundamental phe-
SP36 report by Johnson and BulldeK (editorg. This fundamen- nomena of axial-flow compressors had to be introduced in order to
tal analysis still is the basis of most 2D flow calculations and hasore precisely predict the end wall properties in the multistage
been improved to also predict the performance of other airf@nvironment.
families such as the British C4 series or supercritical, transonicAs in the original approach, the sublayers close to the end walls
and controlled diffusion airfoils. These effects mainly determinare not modeled. The streamlines adjacent to the end walls there-
the compressor mass flow, the loading distribution, stage matdbre represent the flow conditions at a certain wall distance, which
ing, and surge margin at high and low-speed operation. Thusganerally is extremely smalbetween 0.01 percent and 0.2 per-
large amount of effort has been invested to predict these effectscasit of the flowpath width
accurately as possible in order to avoid problems in compressorAs is well known from the boundary layer theofg.g, Schili-
operating behavior and reduce the risk involved in new compreshting [5]), the velocity profiles strongly depend on the velocity
sor developing. gradient in streamwise direction. The principal velocity distribu-
Hub and casing boundary layers caused by stationary and rotadns are shown in Fig. 1. For accelerated boundary layers the
ing end walls together with the tip clearance and hub leakagermalized velocity for a given sublayer thickness is higher than
effects mainly control the 3D-loss generation of multistage confier a decelerated flowFig. 1(b) and Xc)). In order to take into
pressors. Therefore, these effects have a major influence on c@weount different normalized velocities at the boundary of the su-
pressor efficiency and flow stability. To accurately model thes#ayer for the mixing length model, the numerical sublayer thick-

A A
st 5 5
mod el-ac
o, . )
Smodgl-dec‘ > suB v > . v »
N N\ N\ N
/ | ( / . / ( y | ! / ( / | ! /
Veo Jdec Voo Jace Ve Vo Jace Voo Ve Jdec Voo
a) turbulent boundary layer b) accelerated boundary layer c) decelerated boundary layer
Fig. 1 Velocity distributions in boundary layers
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Fig. 2 Numerical sublayer thickness for accelerated flows with
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ness has to be modified accordindlig. 1(a)). For accelerated ®)
flows (Fig. 2), the numerical sublayer thickness has to be larger F = meridional blade force

than for a constant flow field. In this case the nondimensional

sublayer thickness is calculated according to the empirical equaln order to determine the eddy viscosity at a particular grid
tion location, the thickness of the sublayer has to be determined as

mentioned above. The turbulent viscosity can be computed

dsus+~ OsuB-0 according to the mixing length model

Ui
5SUB: 6SUB*0+ 77_/2 arcta{ v ! R 1) (1)

ov
For decelerated flow§~ig. 3), however, the numerical sublayer v=1°— 9)
thickness has to decrease in order to predict a decreasing end wall oy
velocity by the standard mixing length mod#lig. 1(a). There- \ith
fore, the nondimensional sublayer thickness is determined by
Ssup=0. _ Ssum-0~ %sue- arctarEvi_ ! 1) ) o wo
SuB™ “SuB-0 /2 v In this equatiork is the Von-Karman constant aiyds the wall

Furthermore, in the original model, the end wall boundary Iayd_|stance. This calculation has to be performed for both, meridi-

- : al and circumferential direction. The local derivatives of me-
ers are treated purely one dimensionally. If a change from Stear%@(ional and circumferential velocity are determined by a second-

to rotating end walls occurs, this model therefore also predicts . L
change of the meridional component due to a change in tof’a?lder accurate discretization:
velocity. This behavior does not concur with measurements and
3D Navier-Stokes calculations. Due to the complex structures in j i i i
turbomachines, it is very common that the axial velocity gradient  or Fiv1=Tj—1 Tje1— T M= lj—1 Fj—rj-1

is completely different compared to the circumferential gradient. (11)
This behavior will lead to different velocity distributions within

the boundary layer with respect to axial and circumferential direc- 5, r—r_, Uw. ~Uw [iii—T; Uw ~Uw

. . . j j—1 j+1 j jt1 j j j—1
tion. These differences however are essential for the flow vector S T T E— Ea— P—

close to the end walls. In order to predict this change in relative jooart i el R e

and absolute flow angles more accurately than before, the original 12
model has been split into a meridional and circumferential part
where especially the eddy viscosijty within the boundary layers
may have different values for meridion@k,.,) and circumferen-
tial (u.,) velocities and their derivatives:

5Um r-*r]«_l Umi, ;7 Um, I'j_*_lfl’j l}mi_l}m»71

' Due to the large differences in radial grid spacing close to the
end walls(sublayer thickness and spacing between two adjacent
streamlinesthe velocity derivatives and therefore also the turbu-
lent viscosity may become extremely large. This might produce
5s 1 S ST 556 unrealistic high losses and can also lead to stability problems of
sm- rpT 5 ( rksy + m (3) the 2D solver. Therefore, the eddy viscosity is limited to a certain

m value. For most of the calculated compressors, values in the order
with of 2.0x10 * proved to be satisfactory.

B ov, 2+ W vy,
b= pi-m o) THew ST

+r¢o

2 Stationary and Rotating End Walls. In order to account for
(4)  the shear forces of stationary and rotating end walls, appropriate
boundary conditions have to be specified. Due to the change from
146 ., Uy stationary to rotating end walls and vice versa, the boundary layer
272 3m (T = pT(EWJr Fw) (5)  profiles in the circumferential direction are generally skewed. To
" account for this effect, the calculations are carried out in two
with steps:

1 The first step of computation takes into account the “up-
stream history” of the flow field in order to predict the flow
properties of inner streamlines.

2 In a second step the wall streamlines are calculated with the

J. . o -
suB-0 appropriate boundary conditions of the current location.
Sop- This modeling method is chosen in order to introduce the near
wall shear effects into the calculation and at the same time avoids
the prediction of an unrealistic influence of these effects on the
interior flow field. The information of different boundary condi-
tions is therefore only transmitted to the interior flow field of
Fig. 3 Numerical sublayer thickness for decelerated flows subsequent calculation planes by radial mixing.
560 / Vol. 123, JULY 2001 Transactions of the ASME
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Considering a compressor design with stators consisting of in-
ner shrouds, the boundary conditions are specified as follows:

Rotor Inlet
Hub Casing
First pasgiinner streamlines stationary stationary
Second paséwall streamlines rotating stationary

These specifications take into account that the interior flow field
at the rotor inlet is predominantly controlled by the stationary
boundaries of the upstream stator. Due to the rotating hub, the
rotating boundary condition is introduced for the second pass fig. 4 Model of axial compressor stage with shrouded hub
order to consider the local shear effects for the hub streamlineand seal strips

Rotor exit . The average value of total temperature is calculated and stored.
Hub Casing The streamlines in this location are redistributed in order to obtain

First pasginner streamlines rotating rotating the same fractions of the total mass flow for each stream tube as in
Second paséwall streamlines stationary stationary the other calculation planes. All other flow properties are redis-

tributed in the same manner in order to ensure conservation of
The inner streamlines at the rotor exit are mainly influenced byass, momentum, and energy.

the rotating flow field in the relative frame of reference. There- For the next overall iteration, the leakage mass flow for each

fore, rotating boundaries are specified for the first pass. For theator is introduced upstream of the stator blade row into the

second pass, the underturning near the hub caused by secongagam tube at the hub. Regarding the leakage flow, it is assumed

flow effects is considered by the specification of a stationary huhbat

contour. The radial tip clearance and the stationary casing contour

is considered by stationary boundaries during the second pass. * the radial velocity is negligibl¢~0),
« the axial velocity is zero,

« the static pressure is equal to the local static pressure at the

Stator inlet Hub Casing hub, and

- - - - - « the circumferential velocity is half of the rotational speed at
First pass(inner streamlings rotating rotating the hub(due to the shear forces of rotating and stationary seal
Second paséwall streamlines stationary stationary strips.

The interior flow field at the stator inlet section is affected by ontinuity gives
the rotating flow field of the upstream rotor. Therefore, the bound-
ary conditions in the first pass are set to “rotating.” The walls my=m_+m, (14)
however are stationary. This effect is introduced by specifying The total temperature after mixing is obtained by conservation
stationary boundaries during the second pass for both hub asitenergy:

casing streamline.
Tip=(my Ty +m Ty )/m, (15)

The velocities downstream of the mixing plane are obtained

Stator exit Hub Casing from conservation of meridional and circumferential momentum:
First pasgiinner streamlings stationary stationary m
b . . N
Second paséwall streamlines stationary stationary vm2:m_2Um1 (16)
The stator exit flow field is very easy to calculate. The inner
flow field is affected by the stationary blade row and the boundary D= (My 3+ Moy (17)
conditions at hub and casing are also stationary. u2 m,

Stator Leakage Effects and Bleed Flows. For gas turbine It is assumed that the second streamline is not affected by the
and aero engine compressors consisting of stators with inri@iroduction of the leakage flow. It is however considered, that the
shrouds, hub leakage flows have to be considered instead of gagial shift of the streamlines due to the additional mass flow
flows for cantilevered stators. The amount of these leakage’s deads to a change of the circumferential velocity according to the
pends on conservation of momentum.

) ) . Conservation of mass, energy, and momentum is achieved by
* Sealing geometrynumber of seal strips and gap wititand  gssuming that all flow properties vary linearly from second

* Pressure difference across the stator. streamline to hub streamline and the properties of the hub stream-
Therefore, the leakage flow for each of the stators can be &€ areé modified accordingly. The streamline locations of all
termined by a simple equation: other streamlines are redistributed in order to achieve the specified

fractions of the local mass flow for each of the stream tubes.
252 Again, the impact on the interior flow field is computed for sub-
1-pi/p; (13) sequent calculation planes by the mixing model only.
ZRT, In order to account for the proper modeling of inner and outer
bleeds, the modeling is very similar to the extraction of leakage
In this equation the constaatis a function of sealing geometry flows downstream of the stators. Due to the higher mass flow
and has to be determined experimentally. Once the leakage flerquired for turbine cooling and sealing purposes, the bleed flows
for each stator is computed, this mass flow has to be extractmight be higher than the mass flow contained by the stream tube
behind the stators from the stream tube adjacent to the(ligh adjacent to the bleed location. Therefore, also the second stream
4). tube might have to be modified in order to obtain a correct mod-

m= aAp2
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Table 1 Main design parameters three-stage research com- Table 2 Performance data of the three-stage research com-

pressor pressor
Rotational speed 17.000 rpm Calculation
Total pressure ratio 2 Experiment (new approach
Corrected mass flow 13.4 kg/s -
Power input 920 KW Pressure ratio 2.03 2.03
Outer diameter 0.387 m Mass flow Kgls 13.65 13.63
Max. relative inlet Mach number 0.89 Adiabatic 91.16 91.91
Max. circumferential speed 345 m/s efficiency
Stage pressure ratios 1.3/1.28/

1.22

The results for the research compressor presented in this paper
are discussed for the design point. Table 2 lists the overall perfor-
eling. The redistribution of the streamlines and the computation ofance data for the design point.
all relevant properties is equivalent to the simulation of leakage As the improvement of fast 2D streamline curvature methods is
flows. the main issue in this paper, in the following discussion, the ex-
perimental data are compared to two different releases of the 2D
method. The “new” results represent the approach presented in
Results I: Three-Stage Research Compressor this paper. The “old” results are gained from a former version,

To verify the new approach, results of test calculations weMghich includes the original mixing model of Howard and Galli-
compared to measurement data of a three-stage research compée [3] and conventional empirical correlations for 3D losses
sor of the Institute for Jet Propulsion and Turbomachinery of tfd correlations for secondary flow effects based on investigations
Technical University of Aachen. This compressor has been arf{-Roberts et al.[7]. These “old” results are included to point
lyzed using different measurement techniques, which offer an 34t the main differences between the two approaches and thereby
cellent data resolution especially in the end wall regiongarify the improvements of the new one.

(Hoynacki, [6]). Both, the old and the current 2D method are based on a duct
The main design parameters of the research compressor #@# approach. For numerical stability, the number of radial
listed in Table 1: streamlines, and therefore the mesh refinement in radial direction

Figure 5 shows the longitudinal section of the flow path of thi9 the end wall regions, is limited. Typical radial numbers of
research compressor. Characteristic features of the compressosi@amlines used for the presented calculations are 17. The appli-
the fully inverse designed controlled diffusion airfoils, and th&ation of the presented method within a throughflow code will
high rotational speed combined with high Mach-and Reynolddcrease the resolution within the viscous end wall and therefore
number levels. These flow parameters are similar to those of e accuracy of the method. _ )
dustrial application. Therefore the transferability of the obtained !N Fig. 6—11 the distribution of the circumferentially averaged
results is ensured. values of yaw angle and total pressure at different measurements

The axial gaps between the blade rows were enlarged to allf¥@nes are plotted versus span. All angles are plotted with respect
detailed probe traverse measurement. The tip clearance of thetpothe axial direction.

tors during operation is less than 0.6/0.8/1.0 percent chord withga|ative Whirl Angle. One of the most important demands

the rotor blades having no squealer tip. The inlet guide vanes aad;ompressor design is the correct prediction of the stagnation
stator blades consist of inner shrouds. _ enthalpy rise, which requires an accurate representation of the

The steady flow field was investigated in detail, upstream aggl,; t;rming angles in rotors. Moreover the whole stage matching
downstream of each blade row. Combined radial and pitthwis@nends on correctly predicted inlet and exit flow angles of the

traversing of pneumatic probes has been carried out to measylfgye rows. Especially in modern compressor design, where end
the distribution of the time-averaged velocity vector and the timeg-| bending of airfoils is a necessity to improve the high level

averaged pressure and temperature profiles of the flow fieyl tormance, the correct prediction of the flow angles in the end

While five-hole probes were used to measure the distribution oygr) regions becomes very important.

approximately 85 percent blade heights, a miniaturized three-holery o comparison of the values of the relative outlet flow angles

probe was developed for measurements inside the end Walhing the rotors shows a good agreement between measurement

boundary layers. and both calculations models in the core region. Only the new
approach however is capable of predicting the underturning of the

@ @)
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Fig. 5 Compressor cross section three-stage research com- Span [%]
pressor (Institute for Jet Propulsion and Turbomachinery,
Technical University of Aachen ) Fig. 6 Relative whirl angle downstream Rotor 1
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Fig. 7 Relative whirl angle downstream Rotor 3 Fig. 10 Exit absolute whirl angle (three-stage research com-
pressor )

flow in the hub region due to secondary flow effects and shear

forces produced by the change from a rotating to a stationary Wae”’n compressor design. Moreover detailed analysis of multistage
In the tip region, the .ﬂOW T'eld IS str_ongly_mﬂuenced by the tlpcompress.ors. are performed using 3D Navier-Stokes solvers
clearance vortex. While this three-dimensional effect is not Vel¥hich investigate single blade rows or portions of a compressor
éthbedded in the multistage regime. Providing these calculation

. %ols with physically correct boundary conditions is essential for
turning of the flow between 80 percent and 95 percent span and}ﬁg quality of their results.

underturning in the casing boundary layer behind Rotor 3. While Figures 8 and 9 show the absolute whirl angle in front of stator

the conventional 2D method does not predict this thre _and stator 2. Especially in the end wall regions, the analysis with

dlmenS|onaI ﬂ.OW phenomena at all, the new approac_h predicts @ new approach better represents the experimental data. While a
underturning in the outer wall boundary layer but still underest§

mates the influence of the tip vortex between 80 percent and ignificant improvement of the gradients in the end wall zones is
percent span P P ieved, there is still a discrepancy with respect to the absolute

values.

Absolute Whirl Angle. The correct prediction of the inlet Compared to the new model the spanwise distribution of the
flow angles influences the quality of the end wall bending in modbsolute inlet flow angle calculated by the conventional approach
(*old” ) show regions of underturning at 15 percent and 90 per-
cent span upstream Stator 2 and downstream Statéig3 10).
These buckles are a result of the correlation for secondary flow

70
] effects. These distributions do not agree with the experimental
.65 data as the 3D loss and deviation mechanisms are overpredicted
$ / and placed too far away from the end walls.
§w-— ~o-2D calculation (old) A comparison of the radial flow distribution shows that the new
K -=-20 calculation (new) /} approach is able to predict the physical phenomena fairly well at
£ A measurement .
Sss 4 the front end of the compressor, where the influence of secondary
__%_ /d}‘ flow mechanisms are small but also at the compressor exit, where
£ :‘ secondary flow phenomena dominate the flow field. The whirl
2 L /ﬁ R angle at the compressor exFig. 10 reveals, that the new ap-
A . . .
T e et WAL proach predicts the location and the magnitude of the over- and
&;@;}ﬁﬁz underturning at hub and casing with a sufficient accuracy. These
w ' effects are caused by a system of channel vortices in the lower-

) 10 20 3 4 s e 70 s so 100 and upper-half of the flow channel at the compressor exit.
Span [%)

Fig. 8 Absolute whirl angle upstream Stator 1
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In the midspan region between 15 percent and 85 percent sp 80.00
both 2D calculations miss predict the whirl angles by 3 to 4 de:
In this range, the whirl angles were measured with five hog 7%%0 17|~ 30-Navier Stokes
probes, while the end wall regions were measured with three h@ ¢, o0 ___o_zg °°:°“:°:f°“ ("::”)
probes. Due to the fact, that the head of the five hole probe is fc | —2e-calcylation (old) |
times larger than the head of the three hole probe, the authg se.co
assume, that the five hole probe causes a non-negligible blockis g
effect. This effect occurs significantly in the back end of the con§ 40.00 7
pressor, where the probe size is in the magnitude of 3 percentg
the channel heights. This effect can also be seen in the meridiog ***
velocity distribution. While in the end wall regions, the measure™
ments coincide with the 2D calculatidnew mode), a significant
increase in the measured meridional velocity occurs between 10.00

percent and 85 percent span. (1 20 % 60 80 100
Span [%]

=
g

W“M

r exit

{rot

=]

4
A

20.00

Stagnation Pressure. Figure 11 shows the total pressure dis-
tribution at the compressor exit. The comparison of total pressufig. 13 Relative whirl angle of a rotor at the back end of the
distribution calculated by the new approach with the experimenté$4.3A compressor
data points out a remarkable agreement behind stator 3. Both the
radial gradients and the absolute values match the experimental
data very well.

Due to an overprediction of secondary loss and deviation by the
conventional secondary loss and deviation model, a drop in stagcreased whirl angles at hub and tip due to the incoming bound-
nation pressure between 10 percent and 30 percent span camdelayers, which are strongly skewed while changing from the
seen for the “old” model. This drop starts in the mid region of th&tationary to the rotating frame of reference. The agreement in
compressor and is strongly related to the above described buckige the absolute values and the gradients between the new 2D

At rotor outlet above 90 percent span the flow is dominated by
Results II. V84.3A Compressor the tip clearance. The underturning, which is mainly caused by

The advanced Model V84.3A was designed by United Technoihear force influence of the stationary casing wall in combination
ogy Corporation and Siemens Power Generation. Advanced f¥4th the pressure gradient from pressure to suction side over the
tures derived from aeroengine technology such as controlled d#? 9ap. is predicted in both calculation methods with a good
fusion airfoils and custom tailored blading are included for losdgreement. The 3D results for the mid part of the compre$sgr

minimization and to account for end wall and 3D flow effectd2) at rotor outlet near hub, show the occurrence of a channel

(Hobbs and Weingold;g], Janssen et al[9]). vortex that causes an underturning at 5 percent span and an over-
The aerodynamic design point of the compressor is as follow&ning at the hub end wall. In the rear part of the compressor
Corrected speed 3600 rpm (Fig. 13 underturning in the hub region becomes more signifi-

cant. In comparison to the detailed 3D results, the 2D methods

Corrected mass flow rate 430 kg/s - -
Pressure ratio 16 underpredict these effects near hub in the back end of the com-

The 15-stage V84.3A compressor was analyzed by Elmend®#essor. Nevertheless the calculated distributions of relative flow
etal. [10] using the 3D Navier-Stokes code TASCflow™angles demonstrate the reliability of the new advanced 2D calcu-
(TASCflow3D Documentatiofi11]), which is widely used in so- 1ation method. ) .
phisticated turbomachinery applications. Successive computation§totor calculations with the 3D code were performed specifying
by coupled two-blade-row calculations yield a data base of tiferotating frame of reference taking into account a rotating hub.
whole compressor flow field at design conditions. For comparability with the 3D results the same boundary condi-

Figures 12 and 13 show the computed relative whirl anglé@ns were set up for the 2D calculations of the Siemens compres-
(from axial direction of a typical rotor in the middle and in the SOr- This is quite different to the 2D computation of the research
rear part of the compressor. The 2D data are compared to fifinPressor. According to the comparison with stationary mea-
results of the 3D Navier-Stokes analysis. The rotor inlet flow ifUiréments at a nonrotating hub downstream of the rotor, rotating

the mid and rear section of the compressor, is characterized Wndaries are specified only for the first péssier streamlings
and for the second pass a stationary hub contour is defimel

streamlines
Figure 14 shows the development of total pressure by plotting

80.00 : ; i X : .
the dimensionless radial distributions in the axial gaps located in
70.00 front of stator 5, stator 7, and stator 14. The experimental data are
A derived from instrumented vanes at 9 radial positions.
% 60.00 - The comparison between the 3D Navier-Stokes results and the
2 | rotor inlet . .
o I/ measurements shows the best agreement. Both radial gradients
D 50.00 — and absolute levels are predicted with good accuracy.
; 40,00 However, also the radial distributions of the 2D calculations
§ ’ show a good agreement to the experimental data and the 3D re-
2 a0.00 - —3D-Navier-Stol sults. Besides a minor overestimation of total pressure in the front
3 rotorext| - |.a-5p calculation (new) and middle part of the compressor between 50 percent and 85
20.00 ¥ =20 °a'°"'a“°’_\_)_" old percent span, the total pressure rise is well predicted. Considering
radial mixing and stator leakage flow yields realistic values at the
10.00 ' hub. Due to an accurate prediction of the flow turning angles in
0 20 ® span 6 °° 80 100 rotors the stage matching is calculated with good accuracy.
The main deficiencies are detected for stator 14 in the hub
Fig. 12 Relative whirl angle of a rotor in the mid section of the region below 10 percent span. In comparison to the measurements
V84.3A compressor the total pressure is overpredicted. Analyzing the 3D Navier-
564 / Vol. 123, JULY 2001 Transactions of the ASME
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Fig. 14 Development of radial total pressure distribution of the V84.3A compressor

Stokes results, which fit the experimental data better at that lo@a the different modeling of the end wall regions but also on the
tion, an overprediction of flow turning within the hub region ofquality of the loss and deviation correlations for the 2D profile
rotor 14 becomes obvious. sections. The uncertainty, whether the disagreement between mea-
surement or 3D Navier-Stokes solution and the results of the
Results Ill: Multistage Siemens Research Compressor streamline curvature method is an effect of the 2D correlations or

In the previous two examples, the quality of the numerical re?—f the end wall model, is eliminated in the third test case.

sults obtained by the streamline curvature method not only depenc!n this example, the mid part of a multistage Siemens research
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560

T I sors. In order to improve the accuracy of loss- and deviation pre-
550 —3D-Navier-Stokes diction, the strongly skewed and nondeveloped end wall boundary
° 2D calculation (old) layers are split into an axial and tangential component, where
® 2D calculation (new) . . . s B
o 540 especially the eddy viscosity within the boundary layers has dif-
® 530 \‘Q rotor exitk A{{f ferent values for the meridional and circumferential direction.
2 G, ./{!w“ To consider the shear forces due to the change from stationary
g 520 s gla g aRih to rotating end walls and vice versa, appropriate boundary condi-
£ tions have to be specified. Within the new model, a two-step cal-
5 510 i K culation procedure is described.
P 500 \"&mn foae®” Moreover, the prediction of the viscous end wall zones is im-
N“Ma_g_u_i_g_g_u_ﬂ-i)" proved by taking into account the different behavior of acceler-
490 rotar inlet: ated and decelerated endwall boundary flow conditions in the su-
ol 1 ] blayer region. As a result, empirical loss- and deviation
° 20 o 60 50 100 COrrelations for secondary flow effects are no longer required.
Span [%] For compressors consisting of stators with inner shrouds, bub
) leakage flows have to be considered instead of gap flows for can-
Fig. 19 Total temperature rotor 8 tilevered stators. In order to account for these effects, a new
model for hub leakage flow effects is described.

The results of the improved method show a good agreement
with experimental data of a three-stage research compressor and
an improvement in comparisons with a conventional 2D method,

90 . . . .. ..
85 which includes correlations for empirical 3D loss- and deviation
80 __—3D-Navier-s:!okes effects.
T 751 : ig calculation E::)v) The comparison with 3D Navier-Stokes results and measure-
& 70 [rotor intet}; ments from the Siemens full load gas turbine facility of the Si-
S 65 — 7 emens V84.3A compressor, demonstrates the reliability of the im-
§, 60 /__/.’-"" zwos  proved 2D method for advanced industrial compressor designs
: 55 A and enables the designer to improve the efficiency by a better
S % ot p— control of the 3D flow effects.
2w e i The very encouraging agreement between 3D Navier-Stokes
2 o results of a multistage Siemens research compressor and results of
= 30 . s the presented method shows, that for future design tasks, a com-
25? bination of the presented method and a database oriented ap-
20 4 proach for predicting the 2D loss and deviation effects is highly
o 20 0 Span % 60 80 100 desirable. _ ) _
Due to the high accuracy and the short computation time, the
Fig. 20 Relative whirl angle rotor 8 new method is a powerful tool in the viscous design and perfor-

mance prediction of multistage axial compressors for heavy duty
gas turbines and aeroengine applications.

compressor is analyzed with the 3D Navier-Stokes code CFX-
TASC flow™ and compared with the “old” and “new” version Acknowledgments
of the streamline curvature method. The basis for the design is th

new Siemens high performance airf6HPA) family, described eI'he authors would like to express their sincerest thanks to the

by Kaller et al.[12]. The profile losses and deviation for desigrjStitute of Jet Propulsion and Turbomachinery of the Technical
and off-design conditions for all airfoils of the profile family are niversity of Aachen(Germany and the Forschungsvereinigung

calculated with a blade-to-blade code and stored in a comprehgrorennungskraftmaschinéRVV) for providing the experimen-
sive database. Within the streamline curvature method, the data of the three-stage research compressor and for allowing

flow turning and profile losses are no longer calculated by corr 1€ results to be published.
lations, but extracted out of this database.

Figures 15—-20 show some characteristic calculation results Nbmenclature
the multistage Siemens research compressor. Due to the above

described method, the agreement between the 3D Navier-Stokes 'é _ Z)r(?; and tangential shear forces
solution and the streamline curvature method is very good in all H = enthalpy g
regions, where 2D effects dominate the flow field. In regions k = von Karman constant
where 3D effects influence the flow field, significant differences | = mixing length
between the old and new model can be seen. The differences m = mass flow
mainly occur below 5 percent span and above 95 percent span. In — bressure
these regions, differences in inlet and outlet flow angles up to 5 F; _ Eadius
deg can be noticed between the models. This influences the total o _ gas constant
pressure and temperature rise across the blades and vanes. s = entropy
The agreement between the new approach and the results of the T = temperature
3D Navier-Stokes solutions is impressively accurate. Only the v = velocity
flow turning at tip of rotor 8 is calculated too small compared to y = wall distance
the 3D solution due to underpredicting the tip leakage effects in Z = number of seal strips
the presented model. & = boundary layer thickness
) e = mixing coefficient
Conclusions k. = eddy thermal conductivity

A fast and efficient 2D calculation method is presented, which u; = eddy viscosity
allows an overall viscous design of advanced multistage compres- ¢ = dissipation function
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Linearized Unsteady Viscous
Turbomachinery Flows Using
Hybrid Grids

The paper describes the theory and the numerical implementation of a three-dimensional
finite volume scheme for the solution of the linearized, unsteady Favre-averaged-Navier
Stokes equations for turbomachinery applications. A further feature is the use of mixed

L. Shardella element grids, consisting of triangles and quadrilaterals in two dimensions, and of tetra-
hedra, triangular prisms, and hexahedra in three dimensions. The linearized unsteady
. M Imregun viscous flow equations are derived by assuming small harmonic perturbations from a
e-mail: m.imregun@ic.ac.uk steady-state flow and the resulting equations are solved using a pseudo-time marching
. ) technique. Such an approach enables the same numerical algorithm to be used for both
Imperial College of Science, the nonlinear steady and the linearized unsteady flow computations. The important fea-
~ Technology, & Medicine, tures of the work are the discretization of the flow domain via a single, unified edge-data
Mechanical Engineering Department, structure for mixed element meshes, the use of a Laplacian operator, which results in a
Exhibition Road, nearest neighbor stencil, and the full linearization of the Spalaiimaras turbulence
London SW7 2BX, United Kingdom model. Four different test cases are presented for the validation of the proposed method.

The first one is a comparison against the classical subsonic flat plate cascade theory, the
so-called LINSUB benchmark. The aim of the second test case is to check the computa-
tional results against the asymptotic analytical solution derived by Lighthill for an un-
steady laminar flow. The third test case examines the implications of using inviscid,
frozen-turbulence, and fully turbulent models when linearizing the unsteady flow over a
transonic turbine blade, the so-called 11th International Standard Configuration. The
final test case is a rotor/stator interaction, which not only checks the validity of the
formulation for a three-dimensional example, but also highlights other issues, such as the
need to linearize the wall functions. Detailed comparisons were carried out against mea-
sured steady and unsteady flow data for the last two cases and good overall agreement
was obtained. [DOI: 10.1115/1.1371777

1 Introduction flow and aeroelasticity phenomena associated with finite ampli-
éje excitation, boundary layer displacement and separation, and

Over the last three decades, considerable effort has been arge shock excursion, they can become prohibitively expensive
voted to developing computational methods for modeling un- 9 ’ y P y Exp

steady turbomachinery flows, especially for the prediction pr large models. Therefore, generally speaking, methods based

aeroelasticity phenomena such as flutter and forced response.t r_nc;}:llnﬁa;]r ?ergdy_n?]mrlcs (:‘0 r;ot ”?reet tr:ﬁ 'TT.e(rj]'aﬁe nﬁ_e(_jsn?f
view articles are given by Whitehedd], Verdon[2], and Mar- urbomachinery designers who require computationally etlicie

shall and Imreguri3]. Due to computational limitations, early prc;cedu(rjes for routine é)atrametrlc Calc;"?.t'onf' ffici df
efforts were focused on semi-analytical formulations, and simpli- good compromise between computational efliciency and flow

fying assumptions such as inviscid, incompressible, irrotation@fcuracy can, in prlnC|pIe_, be offere_d by linearized frequency d_o-
1ain methods. As mentioned earlier, early attempts to predict

flows were the norm. In the main, such methods dealt with c . A L C
cades of flat plates operating at zero incidef#leHowever, most Tow unsteadiness fo_r turbomachinery applications were based on
' [ear cascade theories. Verdon and Casf8at were among the

lmodern computational techkniques are based(;)nbeithzrl inViSCi?( |£§st to develop linearized potential solvers. A two-dimensional
er or viscous Navier—Stokes equations and, broadly speaki . " ;
ey can b dvided na) noninear time marching methods ando 547351 104162 Sane 1o e nominen peria e
(ii) linearized frequency domain methods. y 9

Erdos et al[5] are among the pioneers for tackling nonlinea§tream-tube thickness and radius changes. The complexities of

unsteady flows by time-marching methods. They predicted tﬁé(tending_ the potential analysis to thre_e-dimeqsional flows, the
two dimentional unsteady flow in a fan stage, including the use pmputa(ljtlonal cost of rt]heﬂstangard_lmatrlx solution rr|1et|h(zjds, aﬂd
an algorithm to treat unequal pitches. Such methods were furthf need to capture the flow details more accurately led to the
developed during the late 1980's and extended to three dim _ve!opment_ of linearized Euler methods. Following earlle_r_work
sions: Rai6], Giles[7], He and Dentoi8]. With currently avail- °Y Ni and Sisto[11], Hall and Crawley{12] developed a finite

able computational power, it is possible to undertake unsteaf{FMent method for solving the linearized Euler equations. They
viscous flow predictions with large models. For instance tHavestigated flows in subsonic cascades and transonic ducts and

forced response calculations for a whole-annulus, three-blade rg§fd “Shock fitting.” Further work in the area of linearized Euler

model of a small fan are described by Sayma e{@). Such equations is reported by Lindquist and_Gi[eg], Hall an_d Clark
computations include the effects of the blade flexibility throught4l Montgomery and Verdofil5,16. Lindquist and Gileg13]
moving meshes. Although such investigations are very useful fgroved that, if correctly formulated, shock capturing schemes can

gaining increased physical understanding of important unstedefPduce the same answers as shock-fitting schemes. This is an
important finding because shock-capturing schemes are very

Contributed by the International Gas Turbine Institute for publication in thgnUCh S|mpler to Implement’ partICU|ar|y in three dimensions.

ASME JOURNAL OF TURBOMACHINERY. Manuscript received at ASME Headquar- In any case, the analyses given above are based on an inviscid
ters February 2001. Associate Editor: T. H. Okiishi. flow representation and thus they cannot deal with cases where
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viscous effects are important: shock-boundary layer interactiosf, the control volume boundar§(t). The vectord, which repre-
flow separation, and recirculation. Such features are particuladgnts the velocity in the relative frame of reference minus the
important for turbomachinery unsteady flows because most inveglocity dx/dt of the boundaryS(t), can be written as:

tigations are conducted at off-design conditions. For instance, R

generally speaking, fan blades do not encounter flutter problems at G=F—0X%— d_x @

the design speed but part-speeds, where the flow behavior is dt

dominated by viscous effects, may cause some concern. On
the first time-linearized Navier—Stokes analyses of a cascade
steady flow was reported by Cizmas and Half]. The computa- U=[p pvy pvs pvs pel” (3)
tional domain was divided into two parts: a viscous flow near the

airfoil and in the wake region, and an inviscid flow in the rest ofhe inviscid flux vectorF(U ) has the following components:
the domain. The viscous flow was modeled using a finite differ- i J

ence discretization of the boundary layer equations while the in- F=Uuy+P Q)
viscid flow was modeled using a finite element discretization of i , 1T

the full potential equation. However the analysis was limited to PI=10 pdyj P Psj vip] ®)
incompressible flows and to prescribed boundary layer assunyhered;; is the Kronecker delta function. The pressprand the
tion. Ning and He 18] presented a novel quasi-three dimensiondbtal enthalpyh are related to the density, absolute velocityd
nonlinear harmonic Euler/Navier—Stokes method, which conand internal energg by the following two perfect gas equations
bines the computational efficiency of linearized techniques amdth a constant ratio of specific hegt

some of the accuracy of nonlinear formulations. Holmes et al. 5
[19] are among the first researchers to present a three-dimensional e— u
time-linearized Navier—Stokes analysis withkaw turbulence 2

model. Their results were limited to flows with a thin attache

boundary layer and whether or not the turbulence model itsgf’"c’"‘”ngt thfetﬁpproach of Sbardc?[lla and Imlr?cja?] tf;e \é's't ¢
needed to be linearized was discussed in detail. Although tffgus part ot the governing equations is split into two distinc

issue will be dealt with later in this paper, an overview will pgeomponents, namely:

given here. Avoiding the linearization of the turbulence model and G=&+8 @
using the mean-flow values for the eddy viscosity, the so-called ! m

frozen turbulence model is relatively straightforward. On the othevhere

hand, the linearization of the turbulence model may require sig-

f . . . L
%’ﬁ_e solution vector of conservative variabldgs given by:

p
h=e+— 6
p (6)

p=(y—1)p

nificant algebra and coding effort. The mathematical formulation [ 0 i

of a specific turbulence model and its mesh density requirement Mﬁvl

near the blade surface are further important considerations. For Vo

instance, a very fine mesh requirement may well negate some of G = prve (8)
the computational advantages. In any case, an important contribu- #Vus

tion is made by Clark and HaJR0] who reported a two-dimen- o[ |-

sional linearized Navier—Stokes analysis using the one-equation ;) VU + 1 ( Pr, + P_rt)VT

Spalart—Allmaras[21] turbulence model. They predicted the

aeroelasticity behavior of a fan blade at some off-design conditiamd thejth component oG is given by:

that involved high incidence and flow separation over much of the _ -

suction surface. Their results showed good overall agreement with 0

the available experimental data. )
The present paper describes a three-dimensional finite-volume ,uﬁ7+()\V ) 8y

(FV) scheme for a full discretization of the time-linearized

Navier—Stokes equations. The one-equation turbulence model of _ du

Spalart—Allmara$21], which has the form of a sixth conservation Glh= '“(;TJF()‘V V) 8y 9)

equation, was linearized for a consistent formulation. The unified

. X . e i o0 )
approach described in this paper allows the use of two-dimen M_J+()\V.6)53j

sional and three-dimensional structured, unstructured or block- X3
structured grids with mixed elements under the same numerical L= -
scheme. L u(0-Voj)+rvj(V-0) ]
In Egs.(8) and(9), u represents the total dynamic viscosity of the
2 Time-Linearized Navier—Stokes Equations fluid and is given by the summation of the lamin@hysica)

dynamic viscosityu,; and the turbulent dynamic viscosity; .

2.1 Navier—Stokes Equations on a Moving Grid. For a The linearization of the latter, which needs to be evaluated using
three dimensional blade row, the unsteady, compressible, Favaesuitable turbulence model, will later be discussed in some detail.
averaged Navier—Stokes equations can be cast in terms of abBoe value of\ is given by the Stokes relation= —(2/3)u. It is
lute velocityv but solved in a relative non-Newtonian referenceasily seen that the componddt in Eq. (8) includes the Laplac-
frame rotating along with the blade about theaxis with angular ian operators of the three velocity components and temperature
velocity . Using Cartesian coordinate&= (x;,X,,X3), such only. The second componerg,,, contains the mixed derivative
equations can be written in an ALE integral conservative form faerms, the discretization of which is discussed in Sbhardella and
a control volume)(t) with moving boundaryS(t): Imregun[22]. The vector of source tern&on the right-hand side

J of Eq. (1) takes into account for the Coriolis forces per unit mass
- udv+
It Sy ﬁsm

fids= LdeV S=[0 0 pQuvs —pQu, 0] (10)
2.2 Linearization. The linearization of the governlng equa-
The viscous ternG on the left-hand side of Ed1) is scaled by tions around a steady-state solution starts by expressing the con-
the reference Reynolds number so that flow variables are nonsérvation variables and the coordinates as a sum of a mean steady-
mensionalized consistentlyi. represents the outward unit vectorstate value and a small perturbation:

. 1.
F(U,0)~ ,G(U,VU)
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A0 =X o 8- 2] 7 [ o0s307
v

U(X,t)=U(X)+ U(X,t) (12) o o
:f_(in+S)dV— ﬂﬁ——é)ﬁds
N s Re

It is then possible to express the unsteady flux veEtor Eq. (4)
as a summation of three different terms: . o
+ j&U(QXi—iwi)-ﬁdS (21)
> 3z = S
E=E+E-F; 13 . .
X (13) In Eq. (21) the left-hand side contains homogeneous terms only,
~ while the right-hand side contains nonhomogeneous terms that
whereF represents the mean steady value of the inviscid ﬂu;‘es’depend on théknown) steady-state flow and the prescribed grid
is the unsteady part of the inviscid fluxes, which does not includgotion, The nonhomogeneous terms are identically zero if there is

the grid motion, whlleF includes the unsteady terms due to theio grid motion g 0), as is the case for forced response prob-
grid motion only. To frst order, using Eq#4) and (5), these |ems. Since the Jacobians with respect to the steady-state flow

terms can be expressed as: variables are real quantities, the homogeneous terms of the form
- o iw[yUdV, which represent the time rate of change of the per-
=U(G—-QOxX)+P (14) turbed conservation variables, couple the real and imaginary parts

of the perturbed flow equations.

- . = = Indicating W|thH(U X) the summation of the nonhomogeneous
F=U@w—-Oxx)+Us+P (15)  terms on the right-hand side of E@1) and introducing a pseudo-
time derivative so that standard time-marching algorithms can be
used, Eq(21) becomes:

o o s s
E’f;UdV+ fﬁs F oG- ds- jéle+S)dV—H(U,)Z)
(22)

(16)

Substituting into Eq(1), one obtains:

(D@ av)+ jﬁ (F+F—Fyp)-(RdS+ndS) 3 Boundary Conditions
S There are five different sets of boundary conditions: flow tan-
1 - - gency for inviscid flow calculations, no-slip condition for viscous
~ e % (B+8)-(AdS+AdS)— f (S+9)(dv+dV)=0 flow calculations, periodic boundaries, inflow, and outflow.
s v

3.1 Flow Tangency. The flow tangency condition at the
(17)  solid walls is expressed by the requirement that there is no flow
through the surface of the moving wall. Therefore, the local fluid
By dropping the steady-state terms that must always satisfy Eglocity relative to the moving wall has no component normal to
(1) and by neglecting second-order terms likedV, Eq. (17) the wall. Mathematically this can be expressed as:
becomes:

ot

dx
G-n= ( QXX——) =0 (23)
dt
—fuav+§; ﬁ——é)nds Jde o , , ,
Linearizing and keeping zeroth- and first-order terms gives the
mean flow and the linearized tangency conditions, respectively:
deVf—fUdv fﬂp—é) nds - i ==
(T—OXX)-A=0 (24)
_E)Z,ﬁdg (18) (G- OXX+iwX) A+ (G —QXK)-A (25)

Applying condition(25) to the evaluation of the flux term for a
The system of equations in E€L8) is linear in the sense that all SOlid wall surface yields:

the coefficients multiplying the unsteady flow terth depend Ao . a A -
upon the steady-state flow terbh and geometric properties but [F-U(OXX-iwX)]-ndS+ jg F-ids
not on time. In other words, a general solution of Etf) can be wall wall
represented via the following summations: 0
. L pn, dS+pn, dS
)?()?,t):Re; X(X,w)e ot @9  _ pn, dS-+pn, dS
N, ds+ﬁﬁ\d$
D7 1) — 1T ot PAXR)-AAS+PL(AXRK)-A dS+(AXX—iwX)-7i dS]
U(x,t) Re% O(%,w)e (20) 26)

3.2. No-Slip Condition. The no-slip condition at the solid
whereX represents the first-order complex amplitude of grid mawalls is expressed by the requirement that the local fluid velocity
tion about the mean positios,and U represent the complex am- relative to the moving wall must be zero. Mathematically this can
plitude of the small unsteady perturbation of the conservatidre expressed as:
variables. By substituting the assumed solutiti® and(20) for

a single circular frequencw into the linearized system of Eg. G=— 0 X K— d_)?:
(18), one obtains: U=v—QXX at (27)
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As before, linearizing and keeping zeroth- and first-order ternis both caseg,, is an inverse reduced frequency defined by:
gives the mean flow and the linearized no-slip conditions, respec-

f 2mm—ao
tively: _ =
- . — P rAfw © (35)
v (xXx=0 (28) wherec is the average speed of sound andd is the product of
S OXZ+iex=0 (29) radius and angular pitci.,, in Eq. (34) is defined by:
2 _ _ 2__ M2\ p2
3.3 Periodic Boundaries. The periodic boundary condi- T =(1=MBm)" = (1=M) By (36)
tions are somewhat more complicated than those for the steady- sign1—M T2 T2>0
state flow equations. In a flutter application, the blade may oscil- T = lont aﬂm)\/—m m (37)
late with a nonzero phase shift with respect to its neighbors. sigr(w)i\/—sz Tﬁq<0

Similarly, in a wake/rotor interaction, there will be a phase differ- iles[23] suggested that the periodic boundary conditions should
ence in the unsteady pressure distributions experienced by nei Tacged %gn Sing Dse dg time marchin ){ho h this was not
boring rotor blades if there is no one-to-one correspondence < lagged wi using pseudo U Ing, though this w.

tween the wakes and the rotor blades. Such phase diﬂerences(ggd necessary with the particular solver used here. Equations

: : . and (34) are the exact two-dimensional analytical boundary
represented by the interblade phase awmglgsing an axisymmet- i X .
ricpcoordinateysystem, the pgriodic b%gundar?/ conditi)c/m can 80""'0”3- These can be extended to three-dimensional problems

written as: y |mposing themin a strip-theory fashion at each spanwis_e radial
' station at the domain boundary, the so-called quasi-three-
U;,O+A,,=exp(—ia)090 (30) dimensional nonreflecting boundary conditidizel]. One limita-
A tion of such an approach is the inherent assumption that the radial
whereU is the state variable at positiofy, A6 representing the variation in the mean and unsteady flow fields is considerably
angular pitch of the blade-to-blade passage. The same equasonraller than that in the tangential direction. This is not necessarily
can be used for two dimensional cascade, by replagiandA@ the case in aeroacoustic applications. A more general three-
by yo andP in a Cartesian coordinate system. dimensional approach, developed by Hall et[@b], is a mixed
. analytical/numerical boundary condition treatment. The assump-
3.4 Inflow and Outflow Boundaries. Unsteady flow com- o is that the mean flow field is axisymmetric and uniform in the
putations require nonreflecting boundary conditions at the far-fielfia| girection, but may have significant radial variation. The un-
boundaries to prevent spurious inwards reflections of outgoiRgsaqy flow-field is decomposed into Fourier modes in the circum-
waves. The single-frequency nonreflecting boundary conditions @fengial direction, and a radial eigenvalue problem is solved to
Giles[23] will be used here. These boundary conditions are Cofgtermine the wave numbers and the radial mode shapes of the
structed with the aid of the one-dimensional characteristic vagi; steady flow modes. The modal information is then used to con-
ables. The equations relating the harmonic primitive variables aggct highly nonreflective boundary conditions. However, in
the harmonic characteristic variables can be written as: some special cases, the identification of the incoming and outgo-
-2 0 0O 0 1 ing modes may be difficult and truncation errors may affect the

W, _ P scheme adversely. Nevertheless, the approach is probably the
W, 0 0 pc 0 0 Uy most general boundary condition treatment currently available.
Wa|l=| O 0 0 pc O||o, 31 _ _
Wj 0 — % po 1 e (31) 4 Numerical Implementation
c
Wi p_ Ur From the outset, it should be noted that the linearization must
0 —-pc 0 0 1]JLP be done in a consistent fashion, for both the inviscid and viscous

The first characteristic variable represents the one-dimensional QH)-(.GS' The former requires the linearization of the artificial q'SS"
tropy wave, the second and third represent the two one diméjfiion and the latter that of the turbulence model. These issues
sional vorticity waves, while the fourth and the fifth characteristi |rl]lcr:i%vr\: ?secﬁggaizseildir:ntrr?eoga d::]egli.XThe linearization of the wall
variables represent the forward and backward one-dimensio E PR ’

. . e i As shown for th imensional mesh of Fig. 1 in
pressure waves. These one dimensional characteristic variable S sho or the two dimensional mesh of Fig. 1, using a

can be expressed as a sum of spatial harmonics satisfying @gnﬁaclevngﬁ:;i ag%sagigcfggzgﬂggsé?%éq)e Cn;ﬁdgaenwdr:i?;nn?refh as
periodicity condition with the correct interblade phase angle. '

the following semi-discrete form:
2mm—o
W= E anex;{ie—Ae

m

m

+ 321 [ 708l (Fias— Gm”s) = 713551135

(32) d(V,Uy)
ot

Following the work of Gileg23], it is possible to express thmath

harmonic of the incoming one-dimensional characteristic variables =V(ioU,+5+H)) (38)

as a function of thenth harmonic of the outgoing ones. At the

inflow, the boundary condition is:

0

Wlm (1_ Mx)lgm

Wzm _ 1-MyBntTh ~m 33

A~ m

Wa (1-M?B

L (1- Mﬁlgm+Tm)2_

while at the outflow it becomes:

2—M 1-M =T

W= xPm W+ B~ Tm m (34) Fig. 1 Median dual control volume for edge  /js, showing
1-MyBntTh 1-MyBmt+Th nodes / and Js, and metric vector ;s
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As shown in Fig. 1, nodéis connected by edges gy nodesJ,, where
V), representing the control volume associated with it. The metric

vector 7,55, associated with edgds, is obtained by the summa- [ 0 ]
tion of the two dual median lengths around the edges, multiplied iysAdy
by their normals. For example, the metric vector of the edge con- s R
necting nodes andJsis shown in Fig. 1 for a two-dimensional . 1 H13sA0 2
mesh. As proposed by Shardella and Imref@@, the Laplacian g'|as|/fR_e LsADs (47)
weight 7,55, associated with edgds, is calculated using a finite -
element approximation. — ~ Y oM Mt -
. + —| =+ =
o o o (w0) s A0 7 | Bt ] AT
4.1 Inviscid Fluxes. The discretization of the inviscid flow L 1Js

terms in Eq.(38) is given by: - 0 -

m o AT

N o v

E | 7128l Fias (39) 'LALUS _1

s=1 o1 f3sAv
where 7, represents the inviscid flux function along edde, g'lelAU_R_e f3sAvg
which is obtained using a central difference scheme with added A .
matrix artificial dissipation. This artificial dissipation is a blend of (RO + fu0) 155 AT+ . (ﬂ + ﬂ) AT
second and fourth-order differences. The fourth-order terms en- y—1\Pi P/ ¢
sure the stability of the scheme in smooth regions of the flow, ) 48)

while the second-order terms are required to damp numerical os- ) o . .
cillations in the vicinity of discontinuities. The inviscid flux func- The subscriptJs indicates an arithmetic mean over nodeand
tion is expressed as: Js:

(it )gs

= (49)

~  FRtFyis s o (40) (- iss 5

f -~ A5  T= 1
9 2 |77|Js| 19

where the linearized artificial dissipatidn ;5 along the edgéJ,  The evaluation of term&,,| i and§,|J5|AJrequires the lineariza-

is given by: tion of the turbulence model used in the steady flow solver. If this
1 - term is neglected, the linearized viscous terms can still be repre-
Dyjs== |Assl [ pAU— e4(1— $)AL] (41) sented by simply using the mean-flow values for the eddy viscos-
2 ity, the so-called frozen turbulence approach. Such a scheme is
Here A represents the difference operator along eldge relatively simple to implement for any turbulence model, while a
full linearization will depend on the particular type of the turbu-
AC)=()ys= () (42) lence model used. A linearized version of the Spalart—Allmaras
— . — turbulence model is given in the appendix. The linearized turbu-
|A'JSJ—'S,the standqrd Roe matrj26] bet\/\{e.e.n thg o stagdd; 10,00 model was checked against the measured unsteady turbulent
andU;s; €4~1/16 is the fourth-order artificial dissipation Coeff"boundary layer data compiled in Ceb28] for a flat plate. Good

cient. £ is a pseudo-Laplacian operator given by: agreement was obtained between the computed results and the
m oy g m 1 1 measured unsteady velocity profiles along the boundary layer.
0 J |
ﬁ(U|):( — _)( — _) (43) 4.3 Time Integration. The pseudo-time derivative intro-
=1 %=X/ \ 571 [Ks— X | duced in Eq(22) allows the use of standard time-marching algo-

- oo . . . ithms when solving the linearized equations. Many different ap-
¢ represents the limiting function, which varies between 0 and Elroaches are possible. For instance, Hall and CJa€§ use an

and it is required in order to switch the scheme to first ordgr (explicit Lax—Wendroff technique together with local time-
=1) in the vicinity of discontinuities. This limiter is computed forstepping and multigrid in order to accelerate convergence to a
the steady-state flow using a multidimensional extension of thé\%ady-state. Marshall and Gilg30] use an explicit multistage
presented by Jorgenson and TurkeT]. Runge—Kutta technique with local time stepping. Here, it is pro-

4.2 Viscous Terms. The viscous fluxes associated with the?osed to follow the approach of Montgomery and Verdaa.
mixed derivatives irG,, in Eq. (9) are treated in the same way as! N€ technique consists of a two-point backward implicit differ-
their inviscid counterparts and their contribution to Egg) is €nce and the exp9n5|9n+(1)f the residual aboutrttetime level.
given by: Indicating with A,U,=U'""*—U}' a two-point backward implicit

difference, Eq(38) can be written as:

~ l A A 7
gmle: R_e(Gm' +Gsz). |:;|JS| (44) . R meoo R .
Ve o—i@VDA 0+ Jop A Uys=R] (50)
where “ B
ém: é|;+ ém|AU (45 where thg block diagonal contributiody, , to the Jacobian matrix
is given by:

The first term on the left-hand side of E@5) contains the con-

tribution due to the gradients of the unsteady flow velocity and — m aG
temperature at constant viscosjiy The second term takes into _ i |— ﬁ 2 > 1A has
. ; : p= W — |+ | 138l [Aasl + Ti3s——

account the variation of the unsteady viscosity only. The Laplac- 5t 40 & a0 |

ian terms are treated in a different way in order to improve both ! P 51

the accuracy and the robustness of the numerical scheme. In Eq. (51)

(38), these terms take the form: where &7 represents the local pseudo-time step which is evaluated
N A - . _ using a CFL-like condition. The off-diagonal contribution of node
g'le: glIJs|fZ"+glle|AU (46) Jsis:
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= 9G convergence to steady state can be obtained by performing around
— 1ok | NS las 10 Jacobi iterations using a CFL number of around 15.
‘]ODS_ = — s~ | sl Al = Tas— (52)
2 9U ¢ Vss| -

The term (1/22(&!5/&@)- 7135 has been omitted from E¢51l) 5 Test Cases
because its contribution is null due to the conservation property.

The right-hand side term, represented by veétbrand evaluated
at time leveln, is given by

5.1 Linear Flat-Plate Cascade. Small-amplitude perturba-
tions of a uniform, inviscid steady-state flow past an unloaded
flat-plate cascade were studied first. In order to handle the leading
R R M R R R and trailing edge discontinuities, a fine mesh resolution was used
R'=V,(iwU]'+ S+ H,)—Z [ 7138l (Fhs— G™my3e) — 71360M 13s]  in these region$. A case with a pitch-to-chord ratio of 0.5, a

s=1 stagger angle of 30 deg and a mean-flow Mach number of 0.7 was

(53)  used to simulate a wake/blade interaction, an incoming sinusoidal

Equation(50) represents a sparse linear system, which needs towake with a reduced frequency afbeing specified at the inflow
solved at each time leval. It is worth to note that adefect- boundary. The interblade phase angle-i80 deg. The results of
correction procedurés used in the evaluation of this system. Thighe unsteady flow computations were checked against the bench-
procedure discretizes the left-hand side sparse matrix usingnark LINSUB code by plotting the real and imaginary parts of the
lower-order approximation, which is first-order in space. Such (gomplex unsteady pressure difference across the plate. As can be
route is chosen not only because of efficient storage and codigen from Fig. 2, there is excellent agreement between the present
simplicity, but also because the resulting matrix is better condrethod and the benchmark LINSUB code. Very similar results,
tioned than that obtained from higher-order approximati@i3. not reported here, were obtained for two further disturbances:
Furthermore, the mixed-derivative term of the viscous fluggs Potential/blade interaction and unsteadiness due to the bending
is treated explicitly only. motion of the plate.

The sparse linear systef®0) is solved using a point Jacobi

iteration. Indicating withd| the Ith approximation ta.U;, the 55 Unsteady Laminar Boundary Layer on a Flat Plate.
iterative method can be outlined as: This test case studies an unsteady laminar boundary layer with

- . S1h1 A fluctuations in external velocity. The computational mesh is
(o=l )P "=Q, (54) shown in Fig. 3. The boundary layer region is discretized using 15
m, layers of quadrilateral elements, while the rest of the domain con-
Ol=R"- 2 T @ (55) sists of triangles. The pitch-to-chord ratio of this cascade is unity
| I 0D *Js . ; .
s=1 so that the flow is as close as possible to that over an isolated flat

. plate. The steady-state flow over an unstaggered flat plate cascade
lim ®'=A,0, (56)  was obtained for a Mach number of 0.2. The free-stream Reynolds
I number is 60,000. Such a case is well within the incompressible
By splitting the equations above into their real and imagina®ow regime, thus enabling a meaningful comparison with the Bla-

parts, one obtains: sius solution. Indeed, the computed steady-state velocity profile
N _ _ Al _ N and the skin friction coefficient are found to be in very good
Re(®| ™) =(Jp+w?V {Ip") [ReQ) — 0V 5" IM(Q))] agreement with the incompressible laminar boundary layer theory

(57) of Blasius(Fig. 4). Once the steady-state flow has been validated,
N o1 1 - N the next stage is to study a velocity perturbation of the form:
Im(®,")=(Jp+ @V iIp") TIMQ)+wV Iy REQ))] )
(58) u=guge ' (59)
This formulation requires the storage of only two<5 block Wwhereug is the free-stream velocity and is the circular fre-
matrices, which are computed only once at the beginning of tilgiency. The disturbance is along the plate, in the free-stream di-

numerical integration. Local time stepping is employed in order to
speed up convergence. Numerical experiments suggest that a goddiesh convergence studies were conducted for all results presented in this paper.

LNSUB d : —
> ynsve ! ~ LINSUB
al : : . 1 ... . ]

(a) Real part (b) Imaginary part

Fig. 2 Pressure jump on flat plate due to wake /rotor interaction
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(a) Computational mesh (5954 points) (b) trailing edge

Fig. 3 Computational domain for laminar flow over a flat plate cascade: (a) computational
mesh (5954 points ); (b) trailing edge

rection, denoted by coordinate Lighthill’s [32] theory provides puted phase angle between shear stress and external velocity. As
two asymptotic values for the unsteady skin friction coefficiengxpected, the computed results become asymptotic for the limiting
one for very small and the other for very large reduced frequencgses of very small and very large reduced frequency. Similar
values. Figure &) shows the wall shear stress amplitude variatiooomparisons between numerical results and Lighthill's theory are
with reduced frequencwx/u, while Fig. 5b) shows the com- also reported by Cebef28].

T T
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(a) Velocity profile (b) Skin friction coefficient
Fig. 4 Steady laminar flow over a cascade of flat plates: (a) velocity profile; (b) skin friction
coefficient
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Fig. 5 Unsteady wall shear stresses for an oscillating laminar boundary layer: (a) ampli-

tude; (b) phase angle with respect to external velocity fluctuation
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Fig. 8 11th Standard configuration: isentropic Mach number
Fig. 6 11th Standard configuration: viscous mesh distribution along chord, subsonic case

5.3 11th International Standard Configuration: Turbine
Cascade. The 11th International Standard Configuration is fo-
cused on a turbine blade geometry and several flow regimes have
been studied by Fransson et [&3]. Two particular flows will be
considered here: a subsonic attached flow and a transonic fl
showing a separation bubble on the suction surface. Figure
shows the computational mesh used for all viscous calculatior
There are 9312 quadrilaterals in the boundary layer region a
7751 triangles in the rest of the domain, the total number of gr
points being 13,481. A second mesh, used for the inviscid calc
lations, was obtained from the viscous mesh of Fig. 6 by simp
removing the quadrilateral elements in the boundary layer.

Steady-State Flow ResultsFor the subsonic flow case, the
inlet flow angle is—15.2 deg, the outlet isentropic Mach numbe

The data for the International Standard Configurations can be found at htty
www.egi.kth.se/ekv/stcf/.

(a) Mach contours

M
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0.6

0.5

0.4

0.3
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0.1

0

(b) Particle traces in the separation bubble
Fig. 9 11th Standard configuration: steady-state Mach con-

Fig. 7 11th Standard configuration: steady-state Mach con- tours, transonic case: (&) Mach contours; (b) particle traces in
tours, subsonic case the separation bubble
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Isentropic Mach number

Fig. 10 11th Standard configuration: isentropic Mach number

distribution along blade, transonic case

is 0.69, and the inlet Reynolds number, based on the blad
chord, is 650,000. The maximum valueyf is around 4, which

and viscous analyses with measured data is given in Fig. 8. For
the suction surface, both the viscous and inviscid computations
somewhat overpredict the Mach number distribution at around
midchord. However, a similar solution was obtained by Fransson
et al. [33], and the reasons for the discrepancy are discussed in
some detail. Here, we will consider that the steady-state flow has
been captured adequately for the purposes of providing a starting
point for the linearized unsteady flow.

For the transonic off-design case the inlet flow angle is 34 deg,
the outlet isentropic Mach number is 0.99, and the inlet Reynolds
number, based on the blade’s chord, is 860,000. The maximum
y+ value is around 5. The predicted Mach number contours are
plotted in Fig. 9a). A particular feature of the flow, the recircu-
lation bubble on the suction surface, is shown in Fig)9Be-
cause of the significant viscous features, the Navier—Stokes analy-
sis shows a much better agreement with the measured data, with
perhaps the exception of the trailing edge behavfg. 10.
However, as discussed by Fransson ef38], the preshock Mach
number is very sensitive to the experimental inlet conditions. In
any case, as expected, a viscous analysis is required to predict the
separation bubble of the suction side, which occurs between
10-30 percent blade chord, a feature that can be seen from the
flow deceleration in Fig. 10. As will be discussed in the next
section, such differences in the steady-state flow will lead to ma-

for discrepancies for unsteady flow predictions.

guarantees a good resolution of the viscous sublayer using thé.inearized Unsteady Flow ResultsThe unsteadiness due to
Spalart—Allmaras turbulence model. The predicted Mach numbaending motion of the blade in the direction normal to its chord
contours are shown in Fig. 7, while a comparison of the inviscidas computed using the linearized flow solver. The reduced fre-
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Fig. 13 11th Standard configuration: amplitude of ¢, (0=180), transonic case

guency is 0.21 for the subsonic case and 0.15 for the transopicerpredict the unsteady pressure coefficient on the suction side
case. Three different sets of flow calculations were performed fof the blade, both in the recirculation regi@6—30 percent of
each case(i) inviscid linearized using an inviscid base steadyehord and around the trailing edge. This is probably due to the
state flow, (ii) viscous linearized with frozen turbulence usindgact that the inviscid approximation is not good enough to capture
viscous fully turbulent base flow, ar{di ) viscous fully linearized the viscous-effect-dominated features of the flow in these regions.
using the same viscous base flow agiin. In calculations(ii), In any case, the discrepancies between the different three mod-
neither the laminar nor the turbulent viscosities were linearizeging levels are now more pronounced. In the recirculation region,
and their values were kept fixed at their steady-state values. Cale full linearization of the viscous terms yields better results than
culations (iii) were performed with a fully linearized Spalart—freezing the turbulence model and the two approaches are seen to
Allmaras turbulence model. be equivalent elsewhere. Finally, it is worth noting that there is
The amplitude and phase of the predicted unsteady pressuegy good overall agreement between the current linearized results
distribution are compared to measured data in Figs. 11 and 12 &nd the nonlinear time-marching viscous predictions of Fransson
the subsonic case. The first noticeable feature is the similarity @f al.[33], the maximum discrepancy being under 2 percent.
the amplitude predictions for the three modeling levels, though
some deviations can be observed for the phase plots. This result is
somewhat expected because of the similarity of the inviscid and
viscous steady-state solutions. There is reasonable overall agreé.4 Three Dimensional Transonic RotofStator Interac-
ment with the measured data, though the undershoot at aroundis@. The last study is a three dimensional coupled rotor/stator
percent chord is not captured in any of the computations. Anteraction case for which steady and unsteady flow data were
inspection of the phase plots reveals that the negative to positetained at the Osney Laboratory’s turbine rotating rig facility
(or stable to unstablgohase jump is predicted much farther down{34]. A nonlinear insteady flow analysis of the same geometry and
stream than the measured position. However, the fully nonlineesmparison with measured data are reported by Sayma[&54l.
viscous unsteady calculations of Fransson ef28] exhibit the The rig is representative of a typical modern HP turbine stage and
same trend, and hence the cause of the discrepancy is not duth&se are 36 stator blades and 60 rotor blades. The design speed, at
linearization. which the measurements were taken, is 8834 rpm and the rotor
The amplitude and phase of the predicted unsteady presshlade’s tip diameter is 554 mm.
distribution is compared to measured data in Figs. 13 and 14 forFollowing the method of Sbardella et &86], semi-structured
the transonic case. The linearized inviscid approach is seensingle blade passages were generated for the nozzle guide vanes

Experimental channel 3/4
Experimantal other channels
Linear Inviscid

Linear Viscous (frozen eddy visc.)| T
Fully Linear Viscous

— R S S a7

20
o Y 03 04 05 [Y] 07 o;a 09 1
x/c Pressure side
Fig. 14 11th Standard configuration: phase of ¢, (o=180), transonic case
Journal of Turbomachinery JULY 2001, Vol. 123 / 577

Downloaded 01 Jun 2010 to 128.113.26.88. Redistribution subject to ASME license or copyright; see http://www.asme.org/terms/Terms_Use.cfm



) i
I
gt
A
Jiiiny

g
s ‘
Sl

il IIIIIImm i i

i
i

I

1t
i

i
i

! il

AT
e

s e

o i
4 ,f:" ity

(a) 3D view

Xor,
A
RO

7

RAXRIII00

KA

TAVAYAYAYY)
aVaVay . AVaV)
ALy Vv )
PEAAAAIN

AVavLs AVavy. VATAY
0 Av‘vm‘,‘éﬂmw O

\DVOE

ARG RS
2R ANDAARK S

LR

Al

Fig. 15 Computational mesh for three dimensional rotor /stator interaction:  (a) three-dimensional
view; (b) midheight section

578 / Vol. 123, JULY 2001 Transactions of the ASME

Downloaded 01 Jun 2010 to 128.113.26.88. Redistribution subject to ASME license or copyright; see http://www.asme.org/terms/Terms_Use.cfm



-
N

Isentropic Mach number
[ o
£ 2]

S ......... ......... 1% Experiment ( mees. rel, Po)| -

i} ———m  ALINNS 3D
H et ALINNS quasi 3D

o] Experiment  pred. rel, Po )

1
0.95
0.9

0.85
0.8

- — 0.75

Fig. 17 Nondimensional total pressure at NGV outlet

: : : ; : : : : (NGVs) and the rotor blades. Both the NGV and the rotor blade
i i i i i i i i boundary layer regions were discretized via 12 layers of hexahe-

00 0.5 1 dral elements arranged in @-type grid. Tetrahedral elements
XICX were used for the rest of the computational domain. The mesh
layers in the radial direction were clustered toward the end walls
Fig. 16 Isentropic steady-state Mach number distribution at to capture the secondary flow effe¢ksg. 15. The tip gap of 0.5

midheight section

mm was modeled by direct meshing.

Steady-State Nonlinear Flow ResultsThe steady-state com-
putations were conducted for a single passage NGV and rotor
domains, containing about 230,000 and 340,000 grid points, re-
spectively. The NGV outflow and the rotor inflow were treated as

0.04
0.031

4% 205 x}) 05 1 T8 05 2 05,
Pressure side C, Suction side Pressure side C, Suction side
(a) First Fourier harmonic
0.04 ; T T T T T T
0.03}
0.02;
9% 05 ) T 05 1 18y 05 0 05,
Pressure side ¢,  Suction side Pressure side c, Suction side

(b) Second Fourier harmonic

Fig. 18 Amplitude (left) and phase (right) of the first two Fourier components of the unsteady
pressure p/p, at midheight section (50 percent span ); potential /rotor interaction (thin solid /
blue), wake/rotor interaction (thin dotted /red), superimposed (darkest/black), measured (*):
(a) first Fourier harmonic; (b) second Fourier harmonic
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two separate boundaries, and the mixing plane approach of Den¢ii) The proposed time-linearized Navier—Stokes analysis is ap-
ton [37] was used to obtain a steady-state solution for the cormplicable to off-design conditions where viscous effects are not
bined domain. Constant stagnation pressure, constant stagnaliimited to the boundary layer.
temperature and flow angle were specified at the NGV inlet. A (iii) The method is computationally very efficient, making it a
static pressure distribution condition was applied at the rotaseful tool for routine aeroelasticity design calculations. For a
outlet. given harmonic, the unsteady flow computation time is slightly
Figure 16 shows a comparison of the predicted and measuteds than that needed for the steady-state base flow computation,
isentropic Mach number distributions at blade midheight. though several such harmonics may need to be taken into account.
should be noted that two sets of measured data are plotted in Fdm the other hand, for an equivalent time-accurate calculation, the
16. These are calculated from the time-averaged unsteady staditto between unsteady and steady flow analysis times is around
pressures but using two different values of the rotor relative tota0. However, the issue whether linearized methods are applicable
pressures at the leading edge, namely the measured and comptttel flow regimes is not one that is addressed here.
values. Also plotted in Fig. 16 is the result of a quasi-three- (iv) The two-dimensional transonic turbine flow results show
dimensional calculation and it is immediately seen that the truleat the linearization of the turbulence model plays an important
three-dimensional calculation agrees better with the measuremeante wherever the viscous effects are important, exemplified in
in the forward part of the suction surface, while it overpredicts thihis case by the recirculation bubble. When there are no such
exit pressure. effects, the frozen turbulence approach should produce very simi-
lar results. In other words, an inspection of the steady-state solu-

Linearized Unsteady Flow ResultsThe steady-state total i, spouid provide guidance as to which modeling level would be

pressure at the NGV outlet is plotted in Fig. 17 for two blad propriate
passages. The rotor blades move through the flowfield of Fig. .

f loft iaht and th h il iformiti (v) The steady-state flow analysis of the three-dimensional
rom left to right and they see the spatial nonuniformities as Unsi,siator interaction case was performed with a wall function.
steady perturbations. Such nonuniformities at the NGV outlg

t be t f d into el t that a i —ggnsequently, the wall stresses were set to zero during the un-
must be transiormed into elementary waves so thal a linearzgaqy computations and a linearized frozen turbulence model was
frequency-domain analysis becomes possible for unsteady aer

- ; ) €d. A better and more consistent alternative is the lineariztion of
namics. Such an approach, made possible by Goldstein's w.

i . . - D 4KE wall function itself, though such an approach may not be
splitting theorem38] and discussed in detail in SbardelB9], o assary for most applications. This issue will be addressed in a
considers the steady-state flow at the NGV outlet to be a sum sthcomin
. . . . ; g paper.
tion of three different waves: vortical, potential, and entropic. The
summation of the vortical and entropic waves is then used to
evaluate wake/rotor interaction, while the potential wave can cknowledgments

used for potential/rotor interaction. The authors gratefully acknowledge the financial support from
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steadiness resulting from the first and second Fourier harmonjggystry.

of each disturbance is reported in magnitude and phase format.

For the first harmonic, the amplitude is overpredicted for the preé- endix

sure surface, though the phase is in reasonable agreement. Hg

suction surface predictions agree well with the measured datal inearized Version of the Spalart-Allmaras Turbulence
both in terms of amplitude and phase angle. The agreement is sRRitlel. Using the same notation as for the mean flow equations,
to be much better for the second Fourier harmonic. the one-equation Spalart—Allmaras turbulence model can be writ-

Computational Effort. The steady-state computations toolzen in an ALE integral conservative form as:
about 10 hours to converge on a single 400 MHz Alpha EV5 4 .1 .
CPU. Each unsteady flow calculation with a single Fourier har- = | pv dV+ é (Ft_ R_eG‘> MAdS= | §dV
monic required about 3 hours on the same machine. Therefore, Vo S0 o
3X3=9 hours were needed to consider the first three harmonics . .
of the combined potential/rotor and wake wake/rotor interactionshere the flux vectorg; andG, and the source terig, are given
The same geometry was studied by Sayma ef38] using a by:

nonlinear time-accurate viscous unsteady flow model but using a R .

significantly coarser(unstructurefl mesh than that used here. Fi=pv.l (A2)

Their unsteady analysis took about 30 times longer than their 1

steady flow analysis, suggesting that the current mesh would re- é[:_(Mlervl)V‘vt (A3)
g

quire 30x 10=300 CPU hours for a time-accurate nonlinear un-

steady flow analysis. Therefore, the current linearized analysis can p[c 0.\ 2
be expected to be about 306/33.3 times faster than the equiva- S=Cp Ppv+ — E(V“vt)z_cwlfw(_t)
lent nonlinear analysis. Re| o d

The quantityP represents the production term given by:

(A4)

. N 1 v
6 Concluding Remarks = gl4+ — ¢
g P |VXU|+ReﬂKd f,o (A5)

(i) A finite-volume scheme has been presented for the solution
of the linearized viscous flows for turbomachinery applicationsvhered is the distance from the wall. The turbulent viscogityis
The method employs an edge-based data structure and useelaied to the turbulent unknowsv, through the relation:
nearest neighbor stencil for the discretization of the Laplacian — oo f A6
operator. Both two-dimensional and three-dimensional structured, M= PUtTo1 (A6)
unstructured, or block structured grids with mixed elements cdie functions and constants appearing in EdS), (A4), (A5),
be used without any modification of the numerical scheme.  and(A6) are those reported by Spalart and Allmaf2as|.
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Following the same procedure as for the mean flow equations, £ =
the frequency domain linearization of the Spalart—Allmaras tur-

bulence model yields:

J o — A 1- _— P —
EJ';pvth-i- §4Ft_ﬁeet)'nds_ fvjlwpvt-l-st)dv

=F(pvi,UX) (A7)
The linearized inviscid and viscous fluxes are given by:
Et:ﬁt(UT_QXXT)"‘P_Ut{/ (A8)
~ 1 — . 1
Gt:;(ﬂl"'PUt)VUt"‘;(Ml"'PUt)VUt (A9)

The termH; at the right-hand side of E4A7) denotes the inho-
mogeneous terms arising from the grid motion:

A — —a - . — 1 —
Ht(pvt,U,)?):f_(iwpvﬁ-SQdV— fﬂ Ift—R—Gt)ﬂ’d?S
y s €

+ éﬁ_vt(ﬁx;?—iw;?)-ﬁds (A10)
S
The linearized source ter, is given by:
2 — a—  2p|Chp o . Etﬁ)t
Si=cp1(Ppv+Ppvy) + Re F(Vvt)(Vvt)— CwlfwT

(Al1)

The numerical implementation of EA7) is very similar to that
employed for the mean flow E@39).

Linearization of the Wall Function. When performing lin-
earized turbulent-flow calculations with a slip condition at the

solid walls, an additional problem, namely that of evaluating the

linearized sheer stressgg, arises. The linearization of the wall
function yields an equation of the form:

Fw=Ap+ BT, (A12)

whereA andB are two constants that depend on the steady-state7,,

quantities and the particular type of the wall function usgdis
the linearized velocity parallel to the wall.

In the Spalart—Allmaras formulation, the eddy viscosity at a 7,
slip wall is proportional to the shear stresses, a feature that allows |

pseudo-Laplacian operator for 4th-order artificial dissi-
pation

M = Mach number
p = static pressure
P = production term in Spalart—Allmaras turbulence model
Pr = Prandtl number
r = radial coordinate in cylindrical coordinate system
X,r,0
R = right-hand-side residual vector
Re = reference Reynolds number
S = column vector of source terms
St = Stroudhal humber
S(t) = moving boundary of control volumg
t = physical time
T = static temperature
U = fluid velocity vector in relative frame of reference
U = column vector of conservative variables
v = dimensionless fluid velocity vector in absolute frame
of reference
X = Cartesian coordinate vector, usually associated with
grid motion
Bm = inverse reduced frequency
A = difference operator along eddés
&;; = Kronecker delta function
v = specific heat ratio
M3s = Metric vector associated with edgs
N = defined by Stokes relation
p = dynamic viscosity
m; = laminar viscosity
My = turbulent viscosity
n = outward unit vector of control volume
V(t) = control volume
o = reduced frequency
Q) = angular velocity
v = kinematic viscosity
p = static density
o = interblade phase angle
6 = tangential coordinatécylindrical coordinate system

X,r,60)

unsteady wall shear stress

limiter function for inviscid fluxes
Courant—Friedrichs—Lew{CFL) number
Laplacian weight associated with edgis
arbitrary mesh node

¢

g

the unsteady perturbations fif at the solid wall to be expressed  Js = mesh node connected to typical nddgia an edge
by a linear relationship: IJs = belongs to edge between nodeandJs
L = " = steady part
=C7y, (A13) ~ = unsteady part
If the frozen eddy viscosity approach is us@d=0 throughout - = complex amplitude for small perturbation
the computational domain. In this case, it is seen from(Bg3) ! = j th flux component
that 7,,=0, indicating that the wall unsteady shear stresses are ' = first component of viscous flux
ignored in the frozen eddy viscosity model. On the other hand, = mixed derivative component of viscous flux
they need to be evaluated from H&12) for a full linearization.
Nomenclature References

|A;/ = Roe matrix
¢ = speed of sound
C = airfoil chord
D = artificial dissipation column vector
e = dimensionless total energy per unit mass
F = vector of inviscid fluxes with Cartesian column vector
components 4 ,F,,F3)
F = numerical inviscid flux function
G = vector of viscous fluxes with Cartesian column vector
components G, ,G,,G3)
G = numerical viscous flux function
h = dimensionless total enthalpy per unit mass
=1
Jo = block diagonal contribution to Jacobian matrix
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The Basic Thermodynamics of
Turbine Cooling

Analyses of gas turbine plant performance, including the effects of turbine cooling, are
presented. The thermal efficiencies are determined theoretically, assuming air standard
(a/s) cycles, and the reductions in efficiency due to cooling are established; it is shown
that these are small, unless large cooling flows are required. The theoretical estimates of
efficiency reduction are compared with calculations, assuming that real gases form the
working fluid in the gas turbine cycles. It is shown from a/s analysis that there are
diminishing returns on efficiency as combustion temperature is increased; for real gases
there appears to be a limit on this maximum temperature for maximum thermal efficiency.
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| Introduction does increase witll=T3/T;.
Such a consideration of the internal thermal efficiency alone

es not provide a full discussion of the thermodynamic perfor-

as turbine plant is essentially based on attempting to emulate ﬁ}o ; h
garnot cyclep in which the effi)éiency increases \F/)m;h\ag and this gn_ce of a plant when sqpplled with heat from thg ex_ternal res-
point is reinforced by the use of complex codes fg’r calculatingrvor atT,. If the reservoirs for heat supply and rejection are of

e - . infinite capacity, then it may be shown that the irreversibilities in
open cycle efficiency, when no account is taken of turbine co i S X
ing. However, cycle calculations, made with realistic estimatesqg e heat supply and the heat rejectidp(and Qg respectively,

the probable turbine cooling air requireme(iiased on heat trans- oth positive are

The emphasis on raising the maximum temperafusg, in a

fer correlationg suggest that for modern gas turbines there may

be a limit on the combustion temperature for maximum thermal IA:TBJ (dQA/T)—=QaTg/Ta

efficiency (Elmasri[2], Chiesa, Consonni, Lozza, and Mac{8,

MacArthur[4], and Horlock, Watson, and Jongs). This paper =QalCoTg IN(TA/T)/QA—Tg/Tal 3)

takes a more fundamental approach in examining the basic th i
modynamics associated with the introduction of turbine cooling,

in order to ascertain whether or not it is always likely to be ad-
vantageous in terms of thermal efficiency. l5=Qe—Ts | (dQg/T)=QalQsQA—T&CpIN[T4/Ts]/Q4l
The main analysis is presented by reference to a closed “air (4)

standard”(a/9 cycle using a perfect gas as a working fluid in a . - _ _
externally heated plant. But it is argued subsequently that manyj‘t_i_ s}n_ljce TtAf_ ;:-3_)(:;;‘ tand To=xT;=xTg, so that Ta/Ty)
the conclusions reached in this way will remain substantially valia’( 4lTg), it follows tha

for an open cycle with combustion, i.e., for one involving real SI=1,+15=QA[(Qg/Qun) —(Tg/Ta)] (5)
gases with variable composition and specific heat varying wi[H1 . . .
temperature. e maximum possible work is then
The arguments are developed sequentially, startbmigfly) Wpas= W+ S|
with reversible cycles and then considering irreversibilities. We
adopt the nomenclature introduced by Hawthorne and Ddvis =Qa— Qs+ Q= QaTs/Ta

as indicated in the notation.
=Qal1—(Tg/Tp)]

= 17carRQA (6)
where ncar IS the Carnot efficiency.

A Reversible Uncooled Cycle [CHT]ry,. The original ~ AS @ numerical example, for a reversible cycle wilh
Joule-Brayton cycle is used as a standard, i.e., an internally @1800K, Tg=300K andx=2.79 (r=36.27), it follows that

Il Internally Reversible Cycles

versible uncooled closed gas turbine cycle 1, 2, 3, arjéFid. (7)ru=0.642, 1,/Q,=0.072, 15/Qx=0.120,
1(a)], with a maximum temperatur&; and a pressure ratio.
However, irreversibility is involved in the heat supply from an Near= (7 rut 21/Qa=0.833.

external reservoir at temperatufg, and the heat rejection to a

. - - We shall compare below the performance of cooled reversible and
reservoir at temperatui®s. The internal thermal efficiencyn) ry P P

. 8 . ! irreversible cycles with the performance of the reversible un-
of this cycle is well known to be independent of the maximu y P

S . . . ooled Joule-Brayton cycle, as outlined above. In each of the
temperature and is simply a function of the isentropic temper.':ltngcleS considered below, the heat suppli€) is unchanged, as

: — —1)/y.
ratio x=r(= 1" is the (unit) mass flow through the heater and its temperature rise
(7 ru=1—(1/x) 1) (TA—T,). The irreversibilityl 5 is therefore also unaltered.

However, the nondimensional specific work B Reversible Cooled Cyclg CHT Jrc

W= (W —W)/CyTy=[(8/x)—1](x—1) @) 1 Single Step Cooling. We first study a cycle with reversible
compression and expansion, but one in which, after unit flow of

Contributed by the International Gas Turbine Institute for publication in th‘tahe Compressed gas has been heated eXtema”y' it is cooled by

JOURNAL OF TURBOMACHINERY. Manuscript received at ASME HeadquartersMiXing with “extra” compressor delivery air before entering the
March 2000. Associate Editor: T. H. Okiishi. turbine in the internal cycle, which is otherwise reversitfég.
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Fig. 1 (a) Basic Joule-Brayton cycle, [CHT]gy; (b) reversible cycle with
single-step cooling, [CHT]zc;
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Fig. 2 Breakdown of

1(b)). This single step of cooling is representative of cooling th
nozzle guide vaneNGVs) in a real gas turbine plant, reducing
the rotor inlet temperature.

Consider the case of low velocifgonstant pressuyenixing of
the “extra” cooling gas mass flow) at temperaturd, with the

gas streamunit mass flow which has been heated to the maxi-

mum temperatur@;=T,. From the steady flow energy equation

if both streams have the same specific hgatit follows that
YT+ T=(1+4)Ts (1)

whereTs is the resulting temperature in the mixed stream, befo

now W.=(1+4#)c,Ts[1—(1/x)], and the compressor work
is Wc=(1+4)c,Ti(x—1). But the heat supplied, before
the mixing process, to the stream of unit mass flow is sti
Qa=Cp(Ta—T,), which from Eq.(7) may be written

Qa=(1+¢)cy(Ts—To) (8)
Thus the internal thermal efficiency is
(Mrcr= (Wy—W;)/Qa
_ A+ )Tl (1 ()] = (1+¢)cpTo(x—1)
(1+4)cy(Ts—T2)
=[(0"/x) = 1](x=D)/[(0'=1)—(x—1)] ©)

where#' =Ty /T,. But this expression simplifies to

584 / Vol. 123, JULY 2001

£
it is expanded through the turbine. The turbine work output I,

[CHT]ge1 cycle

e (Mrar=[1—(X)]=(7)ru (10)

which is independent of’.

Thus the cooled “reversible” cycleCHT]r¢ with a first rotor
nlet temperatureTs, will have an internal thermal efficiency
exactly the same as that of the uncooled cydBHT]|z, with
a higher turbine entry temperatur€;=T,, and the same
pressure ratio. There is no penalty on efficiency in cooling
the turbine gases at entryalthough the specific work output,
e=(wfwc)/cpT1=[(6V/x)71](><71) is reduced, since

This result requires some explanation and we turn first to an
grgument given by Dentd6], who pointed out that the expansion
of the mixed gas (* ¢) from Ty to Tg may be thought of as a
combination of unit flow through the turbine froiiry to T,, and
an expansion of a flows from T, to T4, through a “reversed”
compressor. The cyclél,2,3,5,6,)), is equivalent to two parallel
cycles as indicated in Fig. 2: a cycl&,2,3,4 with unit circula-
tion; plus another cycle passing through the state pdihi2,1
with a circulationy. The second cycle has the same efficiency as
the first(but a vanishingly small work outpytso the combined

1Although this conclusion is valid for the simple gas turbine cyfl@siT]g and
[CHT]grc, it is not true for regenerative cycles; the introduction of turbine cooling
leads to a lower thermal efficiency for cycl[&€HTX]gc, compared with cycle
[CHTX]Rry-
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Fig. 3 (a) Reversible cycle with two-step cooling, [CHT]ge; (b) reversible
cycle with two step cooling, low pressure air throttled, [CHT]greor

cooled cycle has the same efficiency as each of the two comgdficiency as the uncooled cycle. Indeed, the efficiency will be the
nent cycles(This interpretation will also be useful when we comesame for multistep cooling, with infinitesimal amounts of air ab-
to consider internally irreversible cycles belgpw. stracted at an infinite number of points along the compressor to

An apparent paradox is that since the cooled cycle contains @vol each infinitesimal turbine stage at the required pressure. This
irreversible procesgconstant pressure mixingits efficiency may be a more realistic approach to cooling of real turbines, in
might be expected to be lower than the original uncooled cyclehich cooling air is introduced continuously through the flow
The answer to this paradox follows from a consideration of all thgath, and not only through the blade surfaces.
irreversibilities in the cycle. The irreversibility associated with the An analysis of such multistep coolif@fter Traupel8], Haw-
heat supply is unchanged, but the sum of the irreversibility assrorne [9], and Elmasri[10]) involves dealing with the turbine
ciated with the heat rejectiog (now between temperaturds  expansion in a fashion similar to that of analysing a polytropic
andT;=Tg) and the irreversibility in the adiabatic constant presexpansion. Figure 4 shows gas flow¥ 1) at (p,T) entering an
sure mixing may be shown to be the same as the irreversibilé&fementary process made up of a mixing process at constant pres-
associated with heat rejection in the uncooled cyée. (5)]. surep, in which the specific temperature drops from temperature
Thus the maximum work and the thermal efficiency are urfF to temperatureT’, followed by an isentropic expansion in
changed. A fuller discussion of this point, with numerical exwhich the pressure changespe dp and the temperature changes
amples, is given by Young and Wilco¢K]. fromT to T+dT.

In the first mixing process, the entry mainstream flow+(ik)
I[T|ixes with cooling flowdys drawn from the compressor at tem-
peratureT ¢omp. Thus

2 Two-Step Cooling. Figure 3a) shows the T,s) diagram
for a reversible cycle with the turbine expansion split into hig
pressurgHP) and low pressuréLP). The mass flow through the
heater is still unity and the temperature rises frdp to T, Cp(1+ ,/,+d,/,)T’:cp(1+ l!/)T+dl!/CpTcomp
=T,; so the heat supplie®@,, unchanged, as is the overall isen-
tropic temperature ratitx). Cooling air of mass flows, is used at and
entry to the HP turbinéof isentropic temperature ratiq,); now, Cp(T=T") =cp(T' = Teomp Al (1+ ) (12)
however, additional cooling of the mass flagy is drawn from ) . .
the compressor at state 7, and mixed at constant pressure with!théhe second process of isentropic expansion,

HP exhaust. Expansion of the mixed flow then takes place through ¢ [(T+dT)—T']=vdp, (13)
the LP turbing(of isentropic temperature ratiq ). The total cool- P

ing flow is ¢=¢y+ ¢ . An analysis similar to that described

above for single-step cooling may then be developed to show that

the thermal efficiency, for this two-step cooling is also the same as 3

that of the uncooled cycle. However, it is important to note that T
this conclusion becomes invalid if the air for cooling the LP tur-

bine is taken from compressor delivery and then throttled at con-

stant temperatureTo=Tg) to the lower pressure before being

mixed with the gas leaving the HP turbiitas in Fig. 3b)). As

another internal irreversibility has been introduced the thermal

efficiency drops; it may be shown to be

T
(Mre2r= (Mru— PL(Xu—1)(6—X) (11) (T rw+ dp

where the subscripk indicates throttling of the compressor deliv-
ery air.

The drop in thermal efficiency due to throttling the LP cooling
air is very small. For/ =0.05,xy=1.22,0=6, andx=2.79, the
second term in Eq11) is only 0.003, i.e., the thermal efficiency
drops from (7)gy=0.642 t0 (7)grco7=0.639.

s
3 Multistep Cooling. The arguments developed above can

be extended for three or more steps of cooling, to give the same Fig. 4 Multistep reversible cooling
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wherev is the specific volume. Subtracting E@L2) from Eg. C Turbine Exit Condition (for Reversible Cooled Cycles.
(13), it then follows that in the overall elementary processThere is a final point to be made about the reversible cooled
(p, T, 1+ ¢) to (p+dp, T+dT,1+ +dey), cycles: there is a link between the thermal efficiency and the tur-
, _ bine exit temperatur@c . It results from expressing the thermal
Cod T+ (T~ Teompd/ (1+ ¢) =vdp (14) efficiency of the cycle in the form

7=[1-(Qs/Qa)]=1~(1/),

CodT/T=RAPP—Cp(T' = Teompd¥/[T(L+ )] (15)  \which is valid for all the cycles considered abotexcept that
There are two approaches to integrating this equat@rhe three with second step cooling by throttled compressor delivery air
terms can be integrated separately to give, &,y relation; and  If the total amount of cooling air supplied from the
(b) two of the three terms can be brought together if an expressiopmpressor is =g, then the heat rejected will be
for dy/dT is known; a more familiar polytropicp,T) type of Qg=cCp(1+ ¢e)(Te—T1). Thus the efficiency is given by
relation can then be obtained. o . _ _

Solution (a) For a process which does not deviate too far 7=[1-(Qg/Qa)1=1-[(1+¢e)(Te—T)/(Tz—T3)]
from the original (uncooled isentropic expansion, the term =1—(1K) (21)
LT"~Teomgl/ T in Eg. (15 may be written approximately as The exhaust temperatufe is therefore a function of= ¢, and

g;elf(Tzlu)%lf(x/ ), so this equation may be integrated toIS always given by

or

cpInT=RInp—cy8In[1+ ]+[constC] Oe=Te/T1=1+[(0=X)/x(1+ig)]. (22)
T/plrUr=c/[1+ ¢]? (a6) Il lrreversible Cycles

If the cooling is carried out over the full turbine expansion, the lrreversible cycles are next considered, with compressor and
boundary conditions on this expansion process are at the erfi#jpine isentropic efficiencies. and »,, respectively.

state 3,pjrpl, T:Tf: Ta, andy=0, and, at the exit state, A Irreversible Uncooled Cycle [CHT],,. The “air stan-
P=P1, T=Te, andy=y. These then yield dard” (a/9 efficiency of the irreversible uncooled turbine is given

O=Te/T1=(01X)/[ 1+ e]°<(0/x) @7) by
Solution (b) In the second method of solution a value fr is ~(a=—x)(x—1)
not assumed but a relationship fdig/dT is determined from (”)IU_W (23)

semi-empirical expressions for the amount of cooling air required .
in an (elementary turbine blade row. For example, a value forVherea=nc70 andg=1+7.(6—1), with 6=T;/T, (see Hor-
N=—[T/(1+)](dy/dT) is derived in the Appendix, following !0ck and Woodg11]).

an approach similar to that outlined by Elmasio)]. As a numerical illustration, for the a/s cycles studied by Hor-
Equation(15) can then be written lock and Woods, withT;=1800K, T,;=300K, (6=6.0),
=0.9, .=0.8, a=4.32, andB=5, (), attains a maximum of
Cp(1=N)dT/T=Rdpp (18) 0.4442, ax=2.79[r=36.27], cf. (7)gy="0.642. We wish to see
which may be integrated to give how the expression forz],y is modified when turbine cooling
takes place.
T/p?=const (19)

wherea=(y—1)/y(1-\). B Irreversible Cooled Cycles[CHT],¢

For a fully cooled expansion, again applying the boundary con-1 Single Step CoolingCHT],c,. First consider the simplest
ditions at 3 (p=rp;, T=T;3, ¢¥=0) and at the exit statde case of compressor delivery gimass flowy, at T,) mixed at
(P=p1, T=Ts, =g), it follows that constant pressure with unit mass flow of combustion prodatts
T3) to give a mass flow (%) at T5 (see Fig. £a)). Again,

Oe=TelTy=0Ir". (20) following Denton, the turbine expansion frofiy to T4 may be
If 4#=\=0, then from Eq.(17) or (19) the normal isentropic interpreted as being equivalent to an expansion of unit flow from
relation holds,fg= (6/x). T; to T, together with an expansion of floy from T, to T,.
T

S S
[a] [b]
Fig. 5 (a) Irreversible cycle with single-step cooling, [CHT],cq; (b) irrevers-
ible cycle with two step cooling, low pressure air throttled, [CHT] ot
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However, the work input to compregsof the mainstream com-  For the numerical example, E6) gives the cooled efficiency
pressor flow is not now effectively cancelled by the latter expati+),c.t as 0.4205. The small extra loss in efficiency for throttling
sion. We are faced with combining two cycles: one of unit maghe LP cooling air is therefore 7),co—(%)co1=0.4257
flow following the original uncooled cycle state points 1, 2, 3, ané- 0.4205=0.0052.

4 [and with the same efficiencyn,, J; and another of mass flow 3 Multistep Cooling. The two step cooling analysis can be

i following the state points 1, 2, 2, and 9. The second effectivel s ! . X
has negative work output and a heat supply which in the limit %X‘e”de.d to multistep °°°'"?9 of the turbine, bu.t It becomgs com-
plex. It is now more convenient to treat the turbine expansion as a

zero. o - . L
Analytically this combination of the two cycles may be eX_modmcatlon of the normal polytropic expansion; the analysis is
pressed as essentially an adaptation of that given in Sec. Il B 3 for the mul-
tistep cooled turbine cycle.
_ T _ If the polytropic efficiency with no cooling ig, , then Eq.(15)
T3—Ta)+(To—T 1+¢)(To—T p
(77)ICI:( 3= Ta) T P(To=To) = (1+¢)(To—Ty) becomes
(Tom T2 dT/T Rdp/ Sdyl (1+ ) (27)
c =, p—c +
= ()~ e (x=1)/(B~X) @9 P A . .
This equation may again be integrated following the solutions of
wheree=[1— (9 1:/X)— n+ (9 /X)]. Sec. II B 3 for solution(a),
Thus the efficiency of the cooled cycle is now less than that of — 1) oot
the uncooled cycle by an amount directly proportional to the cool- T/ptr V®Y=Cl(1+¢)° (28)
ing air used(y). This deficit—the second term in E(R4)—not Te/Ty=0[X™(1+ ge)’] (29)

only becomes zero ify=0, but also if is nonzero andy,= 7.
=1. Itis therefore likely to be small for a cycle with compressorand, for solution(b),
and turbines of high isentropic efficiency. For a cooled version of

the example of Sec. lll A, withy=0.15 andx=2.79, the second T/p” =const (30)
term in Eq.(24) is 0.0200, the cooled efficiencyy§,c1 dropping o
to 0.4242 from ), = 0.4442. The deficit term also decreases as Tel/Ty=0IX7 (31)

the combustion temperatur€; is increased; the denomma‘rorwhere o' = my(y=1)Iv(1-N), ’7r’>: 75/(1-)) is a modified

(B—Xx) increases more rapidly than the numerator. So the un- . PR . . i
cooled and cooled efficiencies come together at the higher val olytropic efficiency, and may again be obtained from an equa

e 3 . . . . .
of top temperature. foh such agAd) given in the Appendix. A point of interest is that

The above analysis, limited to a single step of turbine coolirt 7p=(1-1) then ’79:.1 a’.‘d the expansion becomes isentropic
(the first stage nozzle rowsuggests that the reduction in cyclelPut not reversible adiabajica vertical line on the T,s) chart.
efficiency is small(two percentage points in the numerical ex- Ne €xample in the Appendix gives~0.34, for 7,=0.85 and
ample, and decreasing at higher temperajuremwever even 7,=1.29 ando’=0.36 for y=1.4, so that the expansion line
such a reduction may be significant in some applications, esp&eels over” beyond the vertical on theT(s) chart. With Tg

cially if 7, falls because of the introduction of cooling. i(novyn f(;om Eq.(29) or (31), the thermal efficiency may be de-
ermined as
2 Two-Step Coolin§CHT],c,. Figure 8b) shows the case

of two-step cooling but now with irreversible compression and 7)icm=21—(Qg/Qa)=1—{[7c(1+ ¢e)(Te/T,—1)J/(B—X)}
expansion. The turbine entry temperature is reduced frgho T (32)

by mixing with cooling air ¢, taken from compressor exiat ) ) )

state 2, pressung,, and temperaturg,). After expansion to pres- IV Performance as a Function of Maximum Turbine
surep; the HP turbine gas flow (t ¢y) is mixed with compres- Temperature

sor air(mass flowy ) abstracted at the same presspydo give For modern practical gas turbine systems which are cooled, the

cooled gas flow (¥ ¢, +4,) at entry to the LP twrbine. definition of the maximum temperaturg,,, is somewhat arbi-
AN analysis similar to that glve_n_prewously leads to an eXpref‘r'ary. Mukherjee[12] suggested three possible definitions. The
sion for the two stage cooled efficiency of

first is the combustion outlet temperatui®; in the notation of

_ this paper which is based on the averaged temperature at exit

mez=(Miv=[Pne(x=D+ e [ =DI(B=X)] (25)  fom the combustion chamber. The second definition, the rotor
inlet temperaturdTs here, has tended to be used more widely
within the gas turbine industrie.g., Walsh and Fletchgt3]). Ts

is based on the averaged temperature taken at entry to the first
rotor section(i.e., the exit of the first nozzle guide vaneand can

be calculated if it is assumed that the NGV cooling air has mixed
é)mpletely with the mainstream, as we have assumed. Mukher-

?;e’s third definition, the so-called firing temperatdrg, can be

fﬁgmgl (:frf]igi::ci.?s?’rgglizéf?r,oﬁggﬁl‘q’aﬁggolfédz%ooaﬁztgg calculated from the combustion equations and a known fuel-air
) ’ ’ tio, but this definition is not often used. In this section we ex-

i.e., by 0.0185. If the second step of cooling operates using coff- . - . ; :
pressor delivery air rather than air taken at the appropriate pr ain how the efficiency of the cooled gas turbine varies with both
sure along the compressor, as in Fi¢h)5it may then be shown

that the thermal efficiency is

where g =[1— (mn: /X)) — m+(m:/x)]. It has been implied
here thatx>xy, so that the efficiencieg. and 7, are the same
over the isentropic temperature ratiosind x, (alternatively un-
changed polytropic efficiencies could have been assumésl
X, —X, ande —¢, EQ. (25 becomes Eq(24).

For the a/s example quoted above, with this form of two sta

3 and T but we do not us¢.
The major variables to be considered in the assessment of gas
turbine thermal efficiency are the maximum temperature and the
_ _ _ VT _ _ pressure ratio §= f(Tyaxr))- Initially it is convenient to express
(Micar= (i =Lhe(x=DIE=X)]=yul(e=e)/(B=0] relationship in the form of the variation af with maximum
— L (xy—D/(B—X)] (26) temperature Ts) for selected values of (andX). We can then
consider the maximum temperature being incredaed constant
The first two terms on the right-hand side represent the efficiengy together with the required increase in cooling éir analyti-
for the irreversible cycle with single stage cooling, the third terroally we wish to determingd(7),c1/96]y with 6= 0;=T3/T;.
on the right is very small indeed, and the last term represents theConsider a single step of coolings in Sec. llIBJ. Figure
LP throttling loss in this cycle. 6(a) diagrammatically shows both#),, and (),c; plotted
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Fig. 6 Diagrams showing variations in thermal efficiency with

maximum temperatures

So in Fig. Ga), the slope of the 4),c; curve at point A is
(1—K) times the slope of thex),, at point B. (),c, thus in-
creases a smaller rate thanp)(y with Ts, but neither
[d(m)c1/00]y nor[d(n)y!d60], become zero.

Equation(35) may then be integrated to temperatérigom the
point BL, wheref= 6, andg, =0, and the uncooled and cooled
efficiencies are the sami(7),y le. =[(7)c1lg.=(7)gL .- Thus

(Mici—(MeL=(1=K)[(7)iy—(7eaL] (36)
or

(Mic1=(L=K)(n)u+K(7)eL (369)
and

A== (Mica=KI(7 = (7sL] (37)

These relationships are illustrated in Figbp

An alternative approach is illustrated in Fig(ch Here the
cooled efficiency §),c1 is presented initially as a unique function
of the rotor inlet temperatureT¢), for a givenx and component
efficiencies. But from the Elmasri expressi¢gg. (33)] the cool-
ing air quantityy is a function of the combustion temperaturg
for a givenx (and T,) and a selected blade temperatilig, so
there is a value oT ;3 corresponding to the rotor inlet temperature
Tg; analytically we may therefore state thag)(c,=Tf(Ts) or
(7)c1=1(T3), and the cooled efficiency may be plotted against
two horizontal scalesl; andTs, as indicated in Fig. @).

However, note that it is the thermodynamic effects of single
stage cooling only that have been considered above, and Young
and Wilcock[7] have emphasised that in practice there are other
irreversibilities involved in turbine cooling; for example, those

[c] associated with the total pressure loss, the change in species con-
4 centration due to mixing, and coolant pumping work. Mixing
pressure losses for the single-stage cooling can be taken into ac-
r T5 count by a simple extension of the air standard analysis, using the
T work of Horlock and Wood$11]. Equation(24) then becomes
3

(Mic1=(mu—{(x—De+[kag(y— 1)/7X]}/(3_X)(38

where it has been assumed that the extra pressure loss due to
coolant mixing i Apy/po] =k (following Hartsel[14]) andk is

a small constantof the order of 0.1 Now [d(%),c1/d6], be-
comes even less a5 (and ) is increased, and the thermal effi-

against the combustion temperatifg. The efficiency of the cjency curve tends to flatten out more. Howeve) ¢, does not

the uncooled turbine+),, at the samd 5 (point B), as Eq.(24)

large value, very much greater than those encountered in prac-

illustrated. But it is the same as the efficiency of the uncoolege). The overall conclusions from this discussion are as follows.

turbine (),, at point C—at maximum temperatufig (the rotor

(a) The cooled efficiency 4),c1 is less than the uncooled effi-

inlet temperature of the cooled turbineThe analysis of Sec. ciency (5),, at a given combustion temperatufg, but it also

1B 1 for air standard cycles with constant specific heats, is us@fcreases less rapidly witfis. (b) (77),c; at Ts is the same as

to find the slopes of the curveg{/J0), at all three points A, B, (), at T, the “mixed out” rotor inlet temperature that is ob-
éﬂﬁe

and C; the slopes are then used to determine relations betweeny

expressions for 4),c; and (7),y -
The expression for thermal efficiency was

(Mic1= (= e(x=1)/(B—X)
and, using an approximate relation
Y=K[T3=Tg /[ TeL—T2],

whereTg, is the allowablgconstant blade temperaturgsee Eq.

(A3) of the Appendi}, it may be shown that

d by mixing the cooling aig with the combustion products.
Figures such as Figs(®—-6(c) give the complete picture. But
from air standard analysishere is no evidence thatpf,c; can
attain a maximum, even at very high valuesTaf

V Real Gas Effects

There are obviously limitations in the analysis developed on the
basis of air standard cycles so the influence of real gas effects was
next considered. In the course of this investigation a code devel-

[3(7)i1c1/d0]= e ne(Xx—1)/(B=X)2+eph(x—1)

Xn{1=[(B=X)/77H(B=X)* (34 A Reductions in Thermal Efficiency. First it can be ar-
where 7=[ 63— g ], With 6g =Tg /T;. The first term on the gued _that the reductions in thermal efficiency due to turbine cool-
right-hand side gives the rate of increase of thermal efficiency iRg will be of comparably small order of magnitude for cycle
the absence of cooling. calculations with real gases, with(T). Referring to Fig. §a) for

After some algebra, it follows that single-step cooling, we again invoke Denton’s concept of two
equivalent parallel turbine expansions, through the same overall
{La(mica/ 901t a=(1—=K){[ (1) /90]}e (35) pressure ratio, one from combustion temperafiy@nd one from

oped by Yound15] was used.

588 / Vol. 123, JULY 2001 Transactions of the ASME

Downloaded 01 Jun 2010 to 128.113.26.88. Redistribution subject to ASME license or copyright; see http://www.asme.org/terms/Terms_Use.cfm



g ¢=(y—1)n,/y. But the work from the actual turbine is
ﬁﬁ (I+¢)Comlsém, where  Ts=(CpgTa+ ¢Cpalo)/Com(1+ ),

A which is not the samgWilcock and Young[7] derived the dif-

ference formally. However for small cooling quantitieg, the

differences betweeR,, andR;, and betweerc,, andc,, (and
hence between,, and y,) will not be large, so the a/s analysis
should still give guidance for thésmal) changes in efficiency

with cooling.
o mﬁ(ﬁfﬂa NO Using the real gas code, the change in efficiency due to cooling
was initially computed using similar assumptions to those made

for the numerical a/s examples given earlier, iTg= 1800 K, and
A COOLED- ONE STEP, WITH for the optimum pressure ratio of 36.2This value of r gives the
MIXING LOSSES maximum thermal efficiency for the a/s cycle example, but it is

THERMAL. EFFICIENCY

/

less than the optimum for real gase¥he “real gas” thermal
— UNCOOLED efficiency at this pressure ratio was calculated as 0.4402. For a
total cooling air fractiony=0.15, the changes in efficiency given

11

15

B by the real gas calculation were from 0.4442 to 0.4298 for single-
step cooling; and from 0.4402 to 0.4273 for two-step cooling.
These drops in efficiency are about half those estimated in the air

standard analyses. To illustrate the arguments of Setad Fig.

1000 1200 1400 1600 1800 2000 2200 2400 2600 2800 6) further, two sets of parametric real gas calculatioverying

maximum temperature and pressure nati@re then made using

MAXIMUM TEMPERATURE [COMBUSTION (UNCOOLED) the Young code.

OR ROTOR INLET (COOLED)] The first set of results, for single-step cooling, is illustrated in

Fig. 7, showing that with a given pressure ratio of 39=0.8 and

Fig. 7 Real gas thermal efficiency calculations, ~ [CHT],, and 5 =0.9, the uncooled thermal efficiency)),, increases steadily
[CHT],c, . For r=30, ,=0.8, =09, Ty =1123K, convective  \jth T, The Elmasri expression for the cooling quantity(Eq.

cooling (using the Elmasri expression for cooling fraction, with
K=0.05, no mixing losses ). Maximum temperatures absolute

().

(A2) with K=0.05, but with no extra pressure losses due to mix-
ing) was then used to obtain the single step cooled efficiencies. As
anticipated, these dropped slightly, but when plotted against the
rotor inlet temperatureTs) they fell on the uncooled efficiency
line, as Fig. 7 shows$also note that 4),c, is exactly equal to

compressor outlet temperatuiie. But for real gases, the first (), at T;=Tg =1123K]. The figure also shows the effect of
expansion will take place with a higher megg, and lower mean including mixing pressure lossesAp,/po] =k with k=0.07);

¥q (for high-temperature combustion gas, subsoglptcompared  the reduction in thermal efficiency is small for single step cooling.
with the second witte,, and y, (for air, subscrip). The mixture  Similar results were obtained with=40 and 50 for single step
of gases in the actual turbine has a mean specific hedoling.

given by Cpm=(Cpgt #Cpa)/(1+¢) and a gas constant A second set of more realistic calculations using the Young real
Rn=(Ry+ ¥Ra)/(1+¢). The work from the two equivalent gas code were reported earlier by Horlock eff8]. The assump-
turbine is €pgTség™ ¥CpaToEa), With é=[1—(1/r?)] and tions made weré) a constant polytropic efficiency of 0.9 for both

compressor and turbinefii) a cooling flow fraction of

50 - e
2209C
49 :
48
>
2 \ \
w Y e 1o }
T bt 4
& 46
ol
<
= --4-- 1= 30 uncooled
5 45 -
E —{—r = 30 one step cooling
44 —a—r = 35 one step cooling ]
T3 =120 —@—r = 40 one step cooling
43 —&—r = 45 one step cooling H
42

200 300 400 500 600 700 800 900 1000 1100 1200
SPECIFIC WORK [kJ/kg exhaust gas]

Fig. 8 Real gas calculations of thermal efficiency and specific work, for
single step cooling cycle  [CHT]jc;. 9pc=n,=0.9, Tg =1073K, film cooling
with combustion and mixing stagnation pressure losses, after Horlock et al.

[5].
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Fig. 9 Real gas calculations of thermal efficiency and specific work, for three-
step cooling cycle [CHT]icr. 7pc=9p=0.9, Tg =1073K, film cooling, with
combustion and mixing stagnation pressure losses, after Horlock, Watson, and
Jones [5].

the formy= 0.045V* , where the paramet&/* now included the B Maximum Thermal Efficiency. Both these sets of real
effects of film cooling in each cooling step; afiil) total pressure gas calculations give indications of maxima in the plots of thermal
losses due to combustion mixing d&fpy/py=0.03 and cooling efficiency againsfT; for a given pressure ratio. These did not
mixing losses ofAp,/py=0.074. appear in the a/s analysis, but now occur not only for cooled but
Figure 8 shows a carpet plot ofy},c, against specific work. also, surprisingly, for uncooled calculations. The graphs are very
For given pressure ratios these single-step efficiencies appeafla@ but there is clearly a real gas effect independent of cooling at
reach maxima with a combustion temperatig the optimum  high T,. Recent detailed investigations of these real gas effects by
points increasing with pressure ratio in a similar fashion to uilcock and Young[16] have revealed that this “turnover ef-
cooled efficiency behaviai( ),y for r =30 is also shown in Fig. fect” on thermal efficiency at high values @t is related to the
8 fo_r comparison o __changes in real gas properti@s 4 and y,) with both temperature
Figure 9 shows a similar carpet plot for three step coolingng composition.
However, now the_ picture is different, with the efficiencies However in practice the attainment of the maximum thermal
(7)icTs collapsing into a narrow band around 44 percent, fQigiciency will depend on a complex mix of factors—the real gas
temperature3 ; between 1600 and 2000°C and for_ pressure rati operty effect, the number of cooling steps, the quantities of
at 30, 35, and 40. The advantages on thermal efficiency of highgf,jing air requireddependent on entry stagnation temperature at

pressure ratio at higfi, for both uncooled and single step cool-g iy 5 each step, the permissible blade temperature and the tem-

ing, are now negated, because of the higher cooling flows tes 2 e of the available cooling Bimnd the associated mixing

quired. However the higher combustion temperature continues, Qses

give advantage in larger specific work. ’
By way of illustration, atT;=1800°C, the required cooling

flows for the three step&s fractions of compressor air flow

were calculated as

0.133, 0.115, and 0.082 for=35 VI Conclusions

0.162,0.157, and 0.117 for=45 It has been sh_oyvn that froair sta_ndard_cycle analysis t_ha(la)
plant thermal efficiency drops relatively little due to turbine cool-
These numbers illustrate that for the second sfigt roton the ing; (b) the difference between uncooled and cooled efficiencies
cooling air required is less that that for the first stéipst nozzle decreases at high combustion temperature;(@nthe rate of in-
row) because of the reduction in stagnation temperature relativedi@ase of thermal efficiency of the cooled cycle falls with increas-
the blading; and that for the third stépecond nozzle rowthe ing Ts, but there is no prediction of a maximum efficiency being
requirement is much less because of the drop in stagnation teafained at highr ;.
perature through the first stage. Further, for a larger pressure ratiol hese conclusions are broadly confirmedregl gascalcula-
with the higher compressor delivery temperature, more cooling dions for single step cooling. But it appears that thermal efficiency
is required, and this also causes higher mixing losses. Such catdes tend toward a maximum level for realistic calculations of
ing flows were used in the calculations of Fig. 9. more highly cooled turbines.
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Nomenclature

(specific quantities in lower case
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Gas turbine cycles are referred to (@fter Hawthorne and Davis
[1]). CHT, CBT, CHTX, and CBTX, where C denotes a compres-
sor, H a heateB a burner{combustion; T a turbine, ad X a heat

specific heat at constant pressure, also used wi

subscriptsa or g

blade cooling parameter

enthalpy

irreversibility

constants

total cooling mass flow in a blade row
blade Mach number

pressure

heat supplied

pressure ratio

entropy

characteristic gas constant
temperaturdabsolute

work

blade cooling parameters
isentropic temperature ratio

7m0

1+7(6—-1)

1—(x/0)

[1—(mme/X) = e+ (17:/X) ]

cp/c,

temperature ratiol5/T,
temperature ratiol5 /T,

cooling mass flow in a “step’(per unit mass
flow through heater

plant thermal efficiency

isentropic efficiency of compressor
isentropic efficiency of turbine

= polytropic efficiency{uncooled turbing

“polytropic” efficiency [cooled turbing
—[T(1+ ¢)1(dyldT), defined as in Sec. IIBC
turbine stage loading coefficient
(y—1)/y(1—N\), defined as in Sec. II1B3
7p(y—1)/y(1—X\) defined as in Sec. 1l1B3

= [1-(1r")]

np(y—1)y

air

supply reservoir
atmosphere
blade(temperaturg

Carnot

single step cooling

two step cooling comp compressor
exit (from turbine

firing

gas[products of combustign
high pressure

irreversible

low pressure

mixture

reversible

surface

uncooled

turbine

throttled

locations in planisee figures
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exchanger. R and | indicate reversible and irreversible, subscripts
and C refer to uncooled and cooled turbines in a cycle, and
ubscripts 1 and 2 indicate the number of cooling steps. Thus, for
example[ CHTX],¢, indicates an irreversible cooled regenerative
cycle with two steps of turbine cooling.

t,ﬁ\ppendix: Cooling Flow Requirements

Horlock et al.[5] showed that the total cooling mass flaw
required in a convectively cooled blade with unit entry mass flow
is given by

m=Cw* (AL)

Herew* = &4/ 1.00(1—£0), in Which g4 is the blade cooling ef-
fectiveness,eo=(T3—Tg)/(T3—T,), with Ty  the allowable
blade temperature anf, the cooling air entry temperaturey.,,,
is the cooling efficiencymcoo= (T2 —T2)/(Tg —T5), in which
T,/ is the cooling air outlet temperature before mixing; &@d
=Sty(Asg/Ag)(Cpg/Cpc), I Which St is the external Stanton
number,Agq andAy are the gas surface and cross-sectional areas,
respectively, anct,q and c,. are the gas and coolant specific
heats.

C and 7y, do not vary greatly, and, if they are amalgamated
into a single constarK =C/ 7.4, then

m:KSO/(lfeo) (AZ)
or
M=K(T3—Tg)/(TeL—T2) =K (60— 0p)/[ OgL.— (T2/T1)]
(A3)

in the notation used in this paper. Wit,,=0.7 andC=0.035
and sayK =0.05, Eq.(A2) then correlates well with values used
by Elmasri[2,17].

If the cooling flow is added in a blade row of a 50 percent
reaction stagdof stage loading coefficienbchAT/U"- where
AT is the temperature drop, and is the blade spegdthen the
gradient of(fractiona) mass addition with temperature across the
blade row is approximately

N=—[T/(1+¥)](d¥/dT)=2m/(AT/T)=2mc,T/OdU?
=2C*W/®(y—1)M?2 (A4)

whereM, is the blade Mach number. Equati¢®) may then be
used in the expressions derived in the main part of the paper for
multistep cooling. For the conditions of the example in the text,
with Tg =1123K, m=Cw*=0.05, $=1.5, M,=0.7, and\
=0.1/1.5.0.4.0.49 0.34.
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Large-Scale Testing to Validate
the Influence of External
Crossflow on the Discharge
Coefficients of Film Cooling Holes

This paper discusses large-scale, low-speed experiments that explain unexpected flow-

interaction phenomena witnessed during annular cascade studies into the influence of
D. A. ROWhlII'V extgrnal crossflovy on film cooling hole discharge coefficients. More specifically, the ex-

periments throw light on the crossover phenomenon, where the presence of the external
crossflow can, under certain circumstances, increase the discharge coefficient. This is
contrary to most situations, where the external flow results in a decrease in discharge
M. L. G. Oldfield _coefficient. The Iarge-s_,cale testing report_ed helps to explain this phenomenon_ through an
increased understanding of the interaction between the emerging coolant jet and the
University of Oxford free_—stream flow. The crossover phenomenon came to Iight during an inves_tigation in_to
Oxford. United Kingdoﬁ the |_nf|uence of external crogsflow on the discharge cpefflments of nozzle guide vane film

’ cooling holes. These experiments were performed in the Cold Heat Transfer Tunnel
G. D. Lock ((_:HTT)_, an annular blowdown cascade_ of film cooled vanes that models the three-

dimensional external flow patterns found in modern aero-engines. (Rowbury et al., 1997,
1998). The variation in static pressure around the exit of film cooling holes under differ-
ent flow conditions was investigated in the large-scale tests. The study centered on three
holes whose geometries were based on those found in the leading edge region of the
CHTT vanes, as the crossover phenomenon was witnessed for these rows during the
initial testing. The experiments were carried out in a low-speed wind tunnel, with the
tunnel free-stream flow velocity set to match the free-stream Reynolds number (based on
the local radius of curvature) and the “coolant” flow velocity set to replicate the engine
coolant-to-free-stream momentum flux ratio. It was found that the apparent enhancement
of film cooling hole discharge coefficients with external crossflow was caused by a reduc-
tion in the static pressure around the hole exit, associated with the local acceleration of
the free-stream around the emerging coolant jet. When these measured static pressures
(rather than the free-stream static pressure) were used to calculate the discharge coeffi-
cient, the crossover effect was absent. The improved understanding of the crossover
phenomenon and coolant-to-free-stream interactions that has been gained will be valu-
able in aiding the formulation of predictive discharge coefficient schemes.
[DOI: 10.1115/1.1375171
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Department of Engineering Science,
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Introduction tion between the coolant and mainstream flows, thereby helping to
explain the Crossover Phenomer{dn. Furthermore, the knowl-
Sage gained has been invaluable in aiding the formulation of pre-
dictive discharge coefficient schemes.

The successful implementation of a turbine cooling system r
quires careful design to achieve effective coolifigading to
maximum permissible turbine entry temperajundthout a dra-
matic performance penalty. . . .

A film cooling system is designed to supply the mass flow rat%'SCharge Coefficient Studies at Oxford
of coolant needed to produce a near-uniform vane temperatureThe experimental work reported in this paper continues the
Failing to do so will result in thermal stresses within the vane angtudies on the Cold Heat Transfer Tuni@HTT; [3]) at the
consequently, a reduced vane life. For a first-stage nozzle guldgiversity of Oxford. The CHTT consists of an annular cascade
vane (NGV), the coolant-to-mainstream pressure ratio is usualff 36 NGVs that is representative of the first-stage high-pressure
set by the compressor exit pressure and the combustion pres$tifgl section of a modern aero-engine. The vanes are 1.4 times
drop, so the design problem hinges on correct hole sizing in or afger than engine size, resulting in good spatial resolution on all

to provide the requisite coolant flow. This requires reliable dij‘geasurements taken. The CHTT is a short duration, transonic test

e : : cility, which not only provides engine representative Reynolds
;23\;96 coefficientCy, data covering the particular geometry an and Mach numbers, but also, being an annular cascade of NGVs,

The C.. of a cooling hole depends on both the local eometrmodels the three-dimensional flow patterns found in modern
d th dﬂ d't'g ¢ P d d ¢ fgth h eroengines, including all secondary flow phenomena. Moreover,
an € flow conditions upstream and downstréam ot the NOiR, ¢qg|ant system design, employing a “foreign gas” coolant

The work discussed in this paper provides an improved und%m' allows the engine coolant-to-mainstream density ratio,

standing of these dependencies, specifically through the inter Se/pom. blowing parameterB=p.uc/pmUy,, and momentum

_ _ _ _ flux ratio, | = pyu/pmu?, to be matched to and varied about ac-
Contributed by the International Gas Turbine Institute and presented at the 4?&5] engine design values

International Gas Turbine and Aeroengine Congress and Exhibition, Munich, Ger- g ’ .

many, May 8-11, 2000. Manuscript received by the International Gas Turbine Insti- The NGV cooling geometry consists of 14 rows of holes, fed

tute February 2000. Paper No. 2000-GT-293. Review Chair: D. Ballal. from one of two internal cavitie@=ig. 1). The six rows of cooling
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Fig. 3 lllustration of inlet separation and coolant “jetting,” as
highlighted by the velocity ration, uplu,y,, contours for flow
through a 35 deg inclined hole, at zero orientation and a blow-
ing ratio of 1.25 [7]

ration on the downstream side of the hole entramektive to the
direction of the free-stream flgwcausing the jet to exit from the
upstream portion of the hole. This is illustrated in Fig. 3, which
Fig. 1  Cross section through a CHTT vane, illustrating the reproduces a CFD prediction reported by McGovern and Leylek
locations of film cooling rows 7 and 8 [7]. Conversely, a high internal crossflow velociiyn the same
direction as the mainstreanteads to separation on the upstream
side of the hole inlet and the flow exits from the downstream

holes around the leading ed§Rows 5—10 are cylindrical, while portion of the hole. Common sense dictates that this is to be
each of the remaining row@xcept ong have been investigated €xpected, and, furthermore, that the effect abates as the hole
with both a cylindrical and a fan-shapésee, for example[5]) length increases and the inlet separation is mixed out. It should
geometry. Data were collected both with and without the presen@ls0 be appreciated that the existence of nonuniform exit velocity
of external crossflow, with the rows blown singularly. AlthougHProfiles is long established: Bergeles et[d] reported on the
the external crossflow generally resulted in a decreas®inthe  velocity profile at exit from a normal90 deg hole with external
data highlighted how, in the leading edge region, the presencecé@ssflow. The authors concluded that “the velocity of ejection is
external crossflow can lead to an enhancement in the@glat a  Substantially nonuniform ... fo,=0.24 only 25% of the in-
given coolant total-to-freestream static pressure ratioj1@Rrhis  jectant leaves from the leading half of the hole.”

behavior was termed the “Crossover Phenomenon,” and was wit-Burd and Simon[9] conducted a similar study, relating exit
nessed on all six of the leading edge film cooling rows. In aplane velocity distributions to the supply plenum geoméis.,
attempt to explain the phenomenon, an investigation on largetentation of the crossflow on the coolant sidend holel/d
scale models of the leading holes was undertaken, as reporf@tos. They report how short holes exhibit a prominent “jetting”

herein. of the coolant, characterized by higher effective velocities in the
upstream portion of the hole, as well as concluding that “the free
Flow Mechanics and Flow Interaction stream significantly induces the flow.” This work is further re-

. . . . orted in their paper of the following yedrl10]; see below.
Thole et al.[6] investigated the influence of internal cashfiow” Walters and Leylek11] present the results of a computational
on the velocity profile at exit from a 30 deg inclined hdlee., gimylation of the flowfield associated with streamwise injection
6=30 deg anda=0 deg, see Fig.)2 They concluded that the y,q,gh a cylindrical film cooling hole. They state how the jetting
velocity profile was strongly dependent on the internal crossfloyg\gion highlighted by Thole et aJ6] and Burd and Simofi9]
Mach number. With no crossflow at the hole inlet, there is sepggq counterrotating fiow within the film hole are a consequence of
separation and flow turning near the hole in(€ig. 3. They
proceed to discuss how the velocity distribution at hole exit is

e influenced by two competing mechanisms. Although the jetting/
i.e. relative to the engine axis counterrotating flow leads to higher momentum coolant fluid in
(orlocal wall surface) .~ directi the portion of the hole opposite the separation, the impingement
/ irection of flow . . A
o/ of the oncomingfree-streamcrossflow on the emerging jet leads
/ to a high-pressure zone upstream of the jet leading edge and a

low-pressure region downstream of the jet trailing edge, with the
effect of increasing the jet momentum in the downstream portion
of the hole. This alteration of the static pressure distribution
around the hole(Fig. 4) is important, and will be revisited.

5 Walters and Leylek11] conclude that the relative influence of the
A g two mechanisms depends on the blowing ratio, density ratio, and
R hole geometry, or, in the case of their stud{d and B. They
consider the influence of blowing ratio for the case of separation
at inlet on the downstream side of the hole, stating that at low
blowing ratios, the jet—crossflow interaction dominates, so flow
exits from the downstream portion of the hdkg. 4(b)), while at
Fig. 2 Definition of film cooling hole flow angles high blowing ratios the flow structure within the hole dominates

conventional angle to
surface (inclination),
i.e. whatyouseeona
plane section view
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‘ ‘ region of low region of high ' hypothesis that the extent of the enhancement, or otherwise, is
region of high pressure i pressure regionoflow  dapendent on the external crossflow Mach nunibreeffect, the
pressure tocation of pressure B - .

blowing ratig is also validated.

Large-Scale Test Facility

mainstream

flow In an attempt to understand the physical basis for the enhance-
ment inCy with external crossflow, a series of experiments were
—_— devised that investigated the variation in static pressure around the
exit of “large-scale” film cooling holes under different flow con-
predominant location of emerging jet  predominant location of emerging jet ditions. The study centered on holes whose geometries were based
(high momentum flux ratio case) (low momentum flux ratio case) on those found in the leading edge region of a present day High-
(a) (b) Pressure Nozzle Guide Vane, as reproduced and investigated in
the CHTT. Holes in this region of the vane were modeled because
Fig. 4  lllustration <_)f how the location of the emerging jet in- the crossover phenomenon is witnessed for these rows.
fluences the magnitude of the local pressure: (a) coolant The investigation involved the measurement of ténter-
emerging from the upstream portion of the hole; (b) coolant

linked) flow parameters. First, the static pressure distribution
around the exits of “normal(i.e., 9 deg angle of inclinatiorg,

and 0 deg angle of orientation; see Fig. 2 and “leading edge”
holes(i.e., modeled on engine vane leading edge holes mea-
sured and compared to the static pressures measured at the same
fIocations for the solid bodyi.e., in the absence of coolant flpw

Bt he same time, the discharge coefficients of the film cooling
ﬁg es were measured, using the static pressure measured both with
and without coolant flow present to calculate the ideal mass flow
das of coolant. The working hypothesis is that the apparent dis-
8h rge coefficients would increase as the static pressure at hole
exit fell relative to the assumed value.

emerging from downstream portion of the hole

and the flow is more likely to exit from the upstream porti@ig.
4(a)). As the length-to-diameter ratib/d, decreases, the effects o
the separation region have less time to attenuate, and there
exert a greater influence on the exit conditions, so the flow ex
from the upstream portion of the hole.

This analysis has been supported by measurements reporte
Burd and Simorj10], who emphasize the strong influence that th
coolant distribution at the exit plane has over the Hole They
presenCy measurement in terms of the external or outlet additive pesign Details: Rig Parameters. The leading edge region of
loss coefficientd,y, defined as: a NGV can be modeled as a cylindrical test section, since, at any

[(Poc— Pr)¥th  —(Poe— Py Vithout Iopation, the vane e.xterior can be considered as a curved surface
_Poe Pmierossfiow 1 MOC P erossflows Phtin (1) with a particular radius of curvature. As the cylinder successfully
out 0.5pu? models this, the choice of cooling hole geometries is free to be
matched to engine values. If a method of accurately controlling
the coolant flow can be achieved, chosen CHTT coolant flow
parameters can then also be reproduced.

They conclude that the supply plenum geoméiry., orientation
of the crossflow on the coolant sidend holel/d have a signifi-
ggwér:ﬁ:ﬁ::gnfgﬁtvv?/li?he zkgﬂggfégggiggigﬁmggluBejﬁ(']'leé‘n d The flow over the cylinder exterior, equivalent to the CHTT

: mainstream flow, was produced by placing the cylinder in a low-

Simon[10] explained this in terms of the static pressure distribu: . . .
tion around the emerging jet. Outlet loss coefficients are reduc%@eed wind t““r.‘e'- T_he wind tu_nnel chosen to hous?lthese Expert-
in situations where more coolant is distributed in the upstrec’;llflﬂems can provide air speed_s in the raﬁg_E—ZS ms=, an_d IS
portion of the hole exit planée.g., short holes As already men- approximately 48&51(.) mm in cross section. It was decided to
tioned, static pressures upstream of the jet—mainstream boun ufacture the working sectidne., containing the holggrom
are higher than in the absence of the jet, while those downstre 3" 50-mm-thick Perspex disks, the length of the cylinder being

o : - de up by aluminum tubing. The availability of aluminum tub-
of the emerging jet are lower, as illustrated in Fig. 4. As Burd ang@ X L .
Simon[10] point out, this situation is analogous to a cylinder il"9 of outer diameter 140 mr_fglvmg_a blockage_ ratio of 0.28,
crossflow, for which high pressures are found in the stagnatig‘wh is reasonabjeset the cylinder diameter, which, in turn, sets

region and low pressures are encountered downstream, in the ¢Jf tunnel velocity for matching to CHTT conditions; matching

inder wake. The low-pressure region is responsible for the ike (Pased on the vane showerhead diamddergives:

crease in coolant mass flow from that portion of the hole. As the puD puD
balance of the coolant distribution shifts towards the downstream e =l 2
portion of the holgFig. 4(b)), the high-pressure region also shifts K eyiinder KT emrr

downstream, reducing the size of the low-pressure region coveys ambient temperature air is the mainstream gas for both cases,
ing the hole exit plane, and resulting in a higher effective statig~const and peyrr/peyinger~2 (the CHTT total pressure is
pressure at the hole exit. Consequently, configurations with maggughly twice that in the wind tunnelgiving:

coolant exiting from the downstream portion of the hééeg.,

long holes have higher 5y, values and lower discharge (UD)cyiinger=2(UD) curr ®3)

coefficients. The radius of curvature of the CHTT vane showerhead &5

The work of Thole et al[6], Walters and Leylek11], and Burd  mm and the mean mainstream velocity at the leading edge plane is
and Simon[9,10] supports the hypothesis of Rowbury etfdll. 35 1 so the design tunnel velocity for matching is:
Their speculation that the enhancemenCinby the presence of

external flow results from a reduction in static pressure at the hole Uwinner=2(35)(13/140=6.5 ms™*
exit, due to a local acceleration of the mainstream flow, is largely
substantiated. This acceleration is caused by blockage of
mainstream path by the exiting coolant flow, and results, effeg-
tively, in additional “suction” on the coolant. This model would ™
imply that the extent of the crossover would be greater for steeperDesign Details: Hole Geometries. Since the CHTT vanes
inclination anglegi.e., 6~90 deg and larger angles of orientation are scale replicas of those currently operating in a modern aero-
(a~60 deg, as discovered by Burd and Simd8] for lateral engine, the geometries of Rows 7 and 8 are complex, as illustrated
injection as compared to streamwise injection. Furthermore, theTable 1.

The crossover phenomenon has been witnessed on Rows 5-10
he CHTT vanegFig. 1). It was decided to model Rows 7 and
as these provide very clear examples of the phenomenon.
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Table 1 Geometries of rows 7 and 8 on the CHTT aerofoil ~ (i.e.,
1.4 X enaine scale )

Row|Diameter| Hole | Angle of | Angle of |Length-to-| Design
No. | of holes, |pitch, s|Inclination [Orientation| Diameter | MFR,
d (mm) | (mm) 0 (o4 Ratio (I/d)| Liesign

7 | 1.035 12.491| 89.99° 60° 6.09 20.5
8 | 1.035 |2.491) 88.79° 60° 6.09 5.40

It is worth discussing the scaling of the CHTT vane paramete
to the cylindrical model. The inclinatiory, and orientationa,
angles(Fig. 2 for the model were chosen to be 90 and 60 deg
respectively. Matching the ratio of wall thickness-to-showerhe:
diametert/D, gives:

teyiinder=(140/133.150~34.0 mm (5)

Matching the hole length-to-diameter ratiéd, is then equivalent
to matchingt/D, t/d, or d/D, giving:

deyinger=(140/131.035~11.1 mm (6)

and matching the hole pitch-to-diameter ratifd, is equivalent to
matchings/D, giving:

Fig. 6 Close-up view of large-scale leading edge holes, illus-
trating the static pressure tapping locations

Experimental Technique: Flow Measurement. The dis-
charge coefficient of a film cooling hole is defined as the ratio of
Seyiinder= (140/132.491~26.8 mm (7) the measuredi.e., actual to the ideal mass flow rate of coolant,

M,crual Migea- The actual mass flow rate was measured using Brit-
ish Standard orifice platg¢42]. Furthermore, if the static pressure
%t the exit from the holesp,,, and the cavity(upstream total

Alternatively, a hole diametedt mm would result in a pitch of
(2.491/1.035)~2.41d mm, and a surface spacing ef4.8x

mm, due to the holes being orientated at 60 deg to the cylin Jessure and temperatupg, and Ty, , are known, then the isen-

surfe_lce. Hence, ;aklng a cylinder wall thickness of 35. mm, U ?opic flow equations can be used to determine the ideal mass flow
maximum hole diameter that allowed three holes to fit into tq%

Perspex section was 11.3 mm. For ease of manufacture, it wa:
decided to setd=10.5 mm (model d/D~0.075; engined/D

;Se, namely:

~0.080, t=35 mm (model I/d~6.67; enginel/d~6.09, and _ P\ Y Poc 2y P\ 7YY

surface spacing at 50 mmodels/d~2.38; engines/d~2.41). mideal_A(_) Y\ " 1—(—)

Given the close match on hole anglésodel /=90 deg and Poc VRTo¢ y—1 Poc

=60 deg, enging=90 deg andx=60 deg, it can be seen that (8)

the model geometry closely represents that of the holes in the

leading edge region of an engine vane. for unchocked flow[13], which was always the case in these
In addition to those engine representative, “leading edge, experiments.

“angled”) holes, a set of three “normal” holeg.e., 90 deg in- In this way, the cooling holeC, could be measured without

clination, 6, and 0 deg orientationy; see Fig. 2 were drilled external crossflow, for both the leading-edge and normal holes,
through the Perspex in order to provide a comparison data s&fd compared to th€, with external crossflow present. With
Eight static pressure tappings were located, at 45 deg intervalggxternal crossflow present, ti&; was measured for various an-
mm from the edge of the center hole of each set of three. It waslar positions of the holegmeasured relative to the cylinder
assumed that these tappings would give a good indication of hdgding edgeand different momentum flux ratios.

the emerging coolant jet, and its interaction with the free-streamIn addition to the cooling hol€, the static pressures around
flow, would influence the static pressure around the cooling holéig hole exit were also measured during each test. It was hypoth-
compared to the pressure expected from the distribution arouggized that th€, would increase as the static pressure measured
the noncooled cylinder. The tapping positions, relative to the hoi# the solid cylinder surface at the pressure tapping location.
outlets, are illustrated in Fig. 5, while Fig. 6 shows a close-up Static Pressure Measurement.

view of the exit from a leading edge hole. All required pressures were

measured on Sensor Technics pressure transducers, and voltage
outputs transferred directly to computer. Due to the low-speed
nature of the work, pressure changes were generally quite small,
the exception being in the pressures associated with the British
& o Standard orifice plate. The transducers used for the low-pressure
measurements were 0-50 mbar transducers from the HCXM
76 coolant flow 03 105mm 70 03 range(HCXMOQ50D6V), while the larger pressures were measured
' using either 0—5 or 0—15 psi transducers from the PTE5000 range
(either PTE5005D1A or PTE5015D1APressures were measured
—° 4 differentially, where possible, to improve accuracy.
The static pressure around the solid cylin@es., with no cool-
ant flon) was measured and converted to a pressure coefficient.
Consequently, by measuring the tunnel total pressure and tunnel
@ (b) velocity, the pressure coefficient could then be used to determine
the “expected” static pressure variation around the cylinder.
Fig.5 Pressure tapping locations around: (&) “leading edge,” Comparison with the measured values at each of the tapping lo-
and (b) “normal” film cooling hole outlets. Numbering is to aid cations(Fig. 5 around the film cooling holes would then provide
presentation of results. some indication of whether the static pressure at the outlet from

[on

1
2
8 (@) o

[=,%

o]

~0
e}

mainstream flow
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the cooling hole was decreased by the presence of the cool: Difference in Static Pressure: 'Measured - Expected’

The results from these experiments are reported in the ne . T , o . T .
section. B - 4 2 2 4 6
- - = o o L Ll . . _1.-- e e e e e e L. oo . -
Expenmental RESU“IS § + Hole centreline at 0 24 . L
T . e degrees to cylinder LIE | ~ ' *2 '
Pressure Distribution Around a Cylinder. ~ The variation in ¢ - \ - -
static pressure around the noncooled, “solid” cylinder was meig [ - - -'- - - =" - - -~ -~ 33 - - - - o R
sured by means of a single static pressure tapping, by rotating § , *4 , ,
cylinder. The pressures were converted to a nondimensional pre | = DA A R o1 7
sure coefficient, a2 : ' ' :
I IR N TR R
a )
Ps—Pm Ps—Pm \ , . .
Copm=F——= 75 R Lk 5
Pom—Pm 0.50u . .

wherep is the static pressure on the cylinder surface, ami,, ,
andp,,, are the free-stream velocity and total and static pressutes
upstream of the cylinder. This provides a means of obtaining they g static pressure around a normal hole, with no external
expected static pressure at any location on the cylinder surfaggssfiow, measured relative to atmospheric pressure. As in all
from the tunnel total and static pressur@s total pressure and subsequent figures, numbering refers to Fig. 5.

velocity). In turn, this provides a comparison to the static pres-

sures measured around the film cooling hole exits. The pressure

distribution around the cylinder was measured for two tunnel ve- )

locities: 5.25 m st and 24.7 mst. These tunnel velocities result = PnUh

in momentum flux ratios of 67.5 and 2.5, respectively, for the - PmUrzn

“leading edge” hole, which, although high, bound typidalal- i

ues of leading edge row@able 3. The corresponding pressure@S Opposed to blowing rates,

coefficients are presented in Fig. 7. As expedted], the viscous pnUn

action causes the flow to separate from the downstream surface of B=

the cylinder and form a wake in which the pressure variation PmUm

differs from the inviscid prediction. The good agreement with thResults presented in this section illustrate the difference between
“experimental” case illustrated in Massefp. 33)—both in the measured static pressure and the expected static pressure. The
terms of the point of deviation from the theoretical and in thexpected static pressure was atmospheric pressure for the non-
magnitude ofC —provides evidence that the tunnel is workingcrossflow tests, and the pressure calculated from the pressure co-
well and is suitable for this series of experimefitsle positions efficient (see “Static Pressure Measurement” section and Fig. 7

up to 70 deg from the stagnation pgintn order to minimize for the with-crossflow tests. Figure 8 shows the pressure distribu-
pressure fluctuations around the cylinder due to the instability 9bn around the exit of a “normal” film cooling hole without

the wake region, a tailboard was attached on the downstream psxternal crossflow presefite., | = ). All measured pressures are

tion of the cylinder. Measurements demonstrated that its preserfightly lower (2—6.5 Pathan atmospheric pressuithe expected

did not affectCy in the region of interedi.e., hole positions up to pressurg as the emerging coolant jet disturbs the flow around the
70 deg from the stagnation point; see Fig. 7 hole exit, increasing dynamic pressure and reducing static
pressure.

; . . Figure 9 gives an example of the relative pressures recorded
static pressure was measured at eight locatibigs 5 around the with external crossflow preserit=65.9: the “high momentum

exit of both “normal” and “leading edge” film cooling holes. S . : :
Measurements were made both with and without external Croﬂéjé(orfﬂgocs};&metgﬁ fhaesﬁ%ggstﬁrtgg ;ilgtg(ela?erge criéssirepancy
flow, and, for the with-crossflow case, for different momentu% P P

ulated from the pressure coefficient at the location of the tap-

Angle from cylinder leading edge

Pressure Distribution Around Film Cooling Holes. The

flux rati : « ”
ux rafios, pings. It should be noted that the pressures on the “upstream
side of the hole are reduced less than those on the “downstream”
Pressure Coefficient Around Cylinder
5 —— theoretical variation
1.0 § - . . . |7 tunnel velocity ~ 5.25 m/s (set 1) e - Difference in Static Pressure: 'Measured - Expected'
—&— tunnel velocity ~ 5.25 m/s (set 2)
051 - N _ . |~-o—tunnel velocity ~ 5.25 m/s, with tailboard | _ _ /" _ -150 T T T 4)
' » —— tunnel velocity ~ 24.7 m/s (set 1) ' k ] 35 40 45

& oo/ ! —a— tunnel velocity ~ 24.7 m/s (set 2) ; w0d - - L L
o) 20 30 60 80 100 120 140, 160 1%0 ’
8 05 =
% L A ® HOIE CENTREUINE AT40 :
3 1.0 3 ce DEGFEES O CYUNDERLJE
% ﬁ 54 T
5 151 B o304 - - - - - S
(7] |
8 =] :
& 201 W ) 3

251 ?, 350+ - - - - - - S €2 . . _ . .

& i $7
301 , , , , , , 4001 - - - - - - Pee - R I
36 ' ' Beg;
Angle from cylinder leading edge (degrees) -450 '
ANGIE FOM CYUNDERIEADING EDGE

Fig. 7 Pressure coefficient, Co=(ps—Pm) (Pom—Pm)
=(ps—pm)/0.5pu?, around the cylinder surface for two differ- Fig. 9 Static presssure around a leading edge film cooling
ent tunnel velocities (or Reynolds numbers ). The inviscid pre- hole, with external crossflow (/=65.9), measured relative to
diction is shown for comparison. the static pressure calculated from the pressure coefficient
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Difference in Static Pressure: 'Measured - Expected" Increase in Cd With External Crossflow: High Momentum Flux Ratio

500 a
' E
*5 6 : g“m’ _________ JE a” 7
0 —44 : ; & R .
= ) S ' ' g a
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2] ' o ] ' '
g ' § 106 4 A SURACE STATIC PRESSURE CAICUATED FOM PRESSURE COEMCIENT
Tt o SURACE STATIC PRESSURE FOM M EASUREM ENTS
$ -1000 - 8 - T
@ e o
@ . 1043 - - - - - - oo - I T T PRSP
& Hole centreline at 30 2 *
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1500 degrees to cylinder L/E *2 Oz oL Am oaw Py gk L
*8 1.00 : ; i ,
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Fig. 10  Static pressure around a normal hole, with external Fig. 12 Cy,crossiow / Cd.no crossiiow  fOr leading edge hole, with  /

~67.5, calculated using the external static pressure as either

crossflow (/=2.78), measured relative to the static pressure
expected or “measured”

calculated from C,

side. This can be explained by the structure of the flow around tR#icient,Cq, of a hole, a value for the static pressure at the hole
jet emerging from a “leading edge” hole: The coolant jet emergeutlet is requiredEg. (8)). The Cy could therefore be calculated

in the plane perpendicular to the free-stream flow direction, atging either:

can be regarded close to the surface as cylindrical obstacles to thed) the static pressure calculated from the pressure coefficient
main flow. The free-stream flow will, generally, be accelerated Hierived in the absence of film coolirtgig. 7), which is equivalent

the blockage of the jet, even on the upstream side of the h(sQ;a_ssuming the presence of the cooling does not affect the local
(tappings 4, 5, and)6and will be accelerated more as it passeStatic pressure, or

between the jetstappings 3 and )7 The lowest pressures will be
in the wake region, on the downstream side of the [f@ppings
8,1, and 2.

The static pressure at the exit of the film cooling holes is onl
seen to increase in two of the situations investigated in this stu
both times for the tappings on the upstream side of the (iafe
pings 4, 5, and % those being:

(a) the “leading edge” hole when positioned 60 deg from the
cylinder leading edge, for the “very low momentum flux ratio”
case(the only case of its type investigated, achieved by reducir,
the coolant feed pressyreand

(b) the *normal” hole when positioned 30 deg from the leadingg 100 | _
edge of the cylinder, for the “low momentum flux ratio” case, az =~ 4 . )
presented in Fig. 10. f_m‘ :

The average pressure “reduction” for the eight tappings arour® ,
the “leading edge” hole, for the “high momentum flux ratio” - ,
case, is presented in Fig. 11 against angular position of the hi **
from the cylinder leading edge.

As part of the study, the discharge coefficients of the coolin

holes were also measured. In order to calculate the discharge £ 13 Ca,crossiiow / Ca,no crossiiow fOr l€ading edge hole, with 1
~2.50, calculated using the external static pressure as either

expected or “measured”

Increase in Cd With External Crossflow: Low Momentum Flux Ratio
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Fig. 11  Average difference in static pressure around leading Fig. 14 Cy crossfiow / Cd,no crossfiow  fOr normal hole, with  /~82.0,

edge hole, with external crossflow  (/=67.5) versus angle from calculated using the external static pressure as either expected

the cylinder leading edge
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Increase in Cd With External Crossflow: Low Momentum Flux R atio the exact flow conditions. If the above-described theories hold

o 125 T true, theCy4 would be expected to decrease with decreasing mo-
: j mentum flux ratio(as the “capping” effect dominatg¢sbut in-
L1 I T L . X
- | crease with increasing blockage presented by the jet to the oncom-
Syl oL e ing flow (i.e., with increasing inclination and orientation angles
2 ‘ . a This is certainly born out by the data collected here and on the
R L I IR IR CHTT vanes.
3 . .
ros 4 . . . | 4 SUTCESTICPIRSSUR CACUATD fol PRSSUR CORRCENT | _ . Uncertainty Analysis. Within the study, the main source of
w SURRACE STATIC PEESSURE FOM M EASUREM ENTS . . .
. ; uncertainty is the inaccurate measurement of the recorded pres-
P A D sures. The uncertainty on the free-stream pressure is greatest at
:ogs ________ . ] . low tunnel speedgFig. 7), while the largest error in coolant total
° 0] ) : . pressure occurs for low momentum flux ratios, especially with the
090 . i . . . . . cooling holes near the leading edgehere the feed pressure is

0 10 20 3 40 50 e 70 s s 100 reduced in order to maintain the sameOverall, the uncertainty
ANGLE OFHOLES FOM (EADING £DGE in C4 due to uncertainties in measured pressure is expected to be

Fig. 15 Cy.crosstiow ! Cano crossiiow fOF NOrmal hole, with  ~2.80, +1-2 percent. The overall uncertainty @y is expected to be in

calculated using the external static pressure as either expected the range=1.5-2.5 percent.
or measured .
Conclusions

This paper has discussed an experimental program carried out

b) the average pressure measured from the eight tapffigs to invest_igate the variatior) in static pressure around the exit of
11§.) gep g P film cooling holes under different flow conditions, and the asso-

Consequently, the data presented in the next section conssﬁ@r'o” between this pressure and the discharge coefficient of the
two data points for each specific test. Measurements were made on large-scale “leading edge
and “normal” film cooling holes, and the results reported. The
Discharge Coefficients of Film Cooling Holes. It has al- “leading edge” holes were modeled on those found in Rows 7
ready been stated that this study was undertaken “in an attemptied 8 (Fig. 1) of a current aero-engine NGV. The reason for
understand the physical basis fahe] enhancement itCy with  modeling these particular rows was that the crossover phenom-
external crossflow.” This was followed by the hypothesis thatnon is witnessed for these rows on the CHTT vanes. The inves-
“the apparent discharge coefficients would increase as the stafigation aimed to throw light on the physical reasons behind this
pressure at hole exit fell relative to the assumed value.” It hasmhancement i€y with external crossflow.
been shown that the static pressure at the hole exit falls relative torhe investigation involved the measurement of t(iaterre-
the assumed value, so is tl& enhanced? The answer is yeslated flow parameters, namely the surface static pressures around
Figures 12—-15 show how, when using the static pressure calthle hole exits and the discharge coefficients of the holes. The
lated from the pressure coefficient for the solid cylinder,@es influence of momentum flux ratio and the position of the holes on
always enhanced, for both the “leading edge” and the “normal’the cylinder surface relative to the cylinder leading edge were
holes. This is hardly surprising, as the leading edge region of tire/estigated. The hypothesis was that the discharge coefficients
vane has been modeled, where an enhancemey is expected. would increase as the static pressure at hole exit fell relative to the
But how and why does this happen? It is important to realize thassumed value. This hypothesis has been born out by the experi-
there are two opposing effects that determine whetheiCthés mental data collected and presented.
increased or decreased by the presence of external crossfloifhe work has highlighted the fact that tiig, of film cooling
First, there is the widely acknowledged “pinching” or “capping” holes can be increased by the presence of external crossflow, due
of the emerging coolant jet by the free-stream flow, which results a reduction in the static pressure in the vicinity of the hole exit.
in a reduction inCy. This is a well-documented effect to whichThis is a result of the local acceleration of the oncoming free-
Rogers and Hershl5] proposed the “lid model.” However, at stream flow as it diverts around the blockage caused by the
the same time, the emerging jet presents a blockage to the onc@merging coolant jet.
ing free-stream flow, causing it to accelerdby continuity, as The improved understanding of the crossover phenomenon and
identified by Crabb et a[16]. The accelerated flow has increasedoolant-to-free-stream interactions will be valuable in aiding and
dynamic pressure and, consequeritlyver static pressureresult-  validating the formulation of predictive discharge coefficient
ing in a larger pressure drop across the hole. It is therefore sesmemes. Consequently, this work will be of interest to aero-
that the presence of the external crossflow increases the mass #myine designers as it provides a mean of modifying their cooling
of coolant by increasing the pressure drop across the hole, rathele C, predictions.
than by increasing the actual discharge coefficient of the hole. In
effect, the increase iiCy4 arises due to the incorrect value ofAcknowledgments

external static pressure being used in the calculation of the ideaLl-hiS work has been carried out with support of Rolls-Royce
mass flow rate. For the data pre_sented hererwaIues C"’.‘ICU' Ic, DERA, MoD, and DTI. The authors would also like to thank
lated from the average of the eight static pressure tapping m ofessor T. V. Jones and Dr. C. R. B. Day for their help and

surements prowde a more accurate pred_lctlon oftthe Cy . uidance, and Mr. K. Walton and Mr. T. Godfrey for their prac-
However, it can be seen that, for the high momentum flux rat@)qaI assistance

casegqFigs. 12 and 14 the use of the measured static pressures a
the hole exit does not completely eliminate the enhancement iy menclature

Cd with external crossflow. This may be due to the fact that the

pressure tappings are located 2 mm from the hole edge, so will ncdd = flow area _ _ _

provide the exact values of static pressure at the hole exit. FurB = coolant-to-mainstream blowing ratie ppun/pmm
thermore, the approximation to the exit static pressure obtained By = discharge coefficient m,cya/ Migeal

averaging just eight readings is rather crude. However, the “ré-, = pressure coefficient
duced static pressure effect” does not account for the majority ofd = hole diameter _ _
the apparent enhancement. = cylinder (i.e., “leading edge’} diameter
Naturally, the net effect of the free-stream flow will depend on | = momentum flux ratio= py,- U2/ pp- U2,
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Local Heat/Mass Transfer

Measurement on the Effusion

Plate in Impingement/Effusion
s | Cooling Systems

Dong Ho Rhee

The present study is conducted to investigate the local heat/mass transfer characteristics
for flow through perforated plates. A naphthalene sublimation method is employed to
determine the local heat/mass transfer coefficients on the effusion plate. Two parallel
perforated plates are arranged in two different configurations: staggered and shifted in
one direction. The experiments are conducted for hole pitch-to-diameter ratios of 6.0, for
gap distance between the perforated plates of 0.33 to 10 hole diameters, and for Reynolds
numbers of 5000 to 12,000. The result shows that the high transfer region is formed at
stagnation region and at the midline of the adjacent impinging jets due to secondary
vortices and flow acceleration to the effusion hole. For flows through the perforated
plates, the mass transfer rates on the surface of the effusion plate are about six to ten
times higher than for effusion cooling alone (single perforated plate). In general, higher
heat/mass transfer is obtained with smaller gap distance between two perforated plates.
[DOI: 10.1115/1.1344904

Yonsei University,

Department of Mechanical Engineering,
134, Shinchon-dong, Seodaemoon-gu,
Seoul 120-749, Korea

Introduction sion plate. They found that the high transfer rate is induced by
strong secondary vortices and flow acceleration, and the overall
tansfer rate is approximately 455 percent higher than that for
fﬁ’fpingement cooling alone. Hollworth and Daggf]l and Holl-

The thermal efficiency and specific power of gas turbine sy
tems depend strongly on turbine inlet temperature. Inlet tempe

ture is limited b_y the p_otentlal struc_tural failure of the eNaINGyorth et al.[8] measured the average and local heat transfer co-
components mainly attributable to high thermal stresses and [gqeients of arrays of turbulent air jets impinging on perforated
ductions in material strength due to high wall temperature. Wal 46t surfaces, and reported that arrays with staggered vents con-
temperature can be reduced by various cooling techniques inclkiently yield higher heat transfer rates than do the impinging jets
ing transpiration and film cooling. Transpiration materials producgy the solid plates.
uniform heat/mass transfer rates on their surface with flow | the present study, two parallel perforated plates with circular
through the plate. However, transpiration materials usually haygles in a square array are used to simulate the impingement/
weak structures and clogging problems. To reduce these pr@ffusion cooling, and the local heat/mass transfer characteristics
lems, cooling methods with two perforated platéapingement/  on the inner surface of effusion plate are investigated with the
effusion cooling have been developed. In this cooling schemesariations of gap distance, Reynolds number, and hole arrange-
inner surfaces of hot components, such as combustor wall or blaglent. To prevent hot spots and obtain better cooling performance,
surface, are cooled by the impingement of cooling air and outgot only information of overall heat transfer coefficient but also its
surface contacts with hot gases are protected by effusion filatal variation is requiredi9]. Therefore, a naphthalene sublima-
cooling. This includes two flow situations: jet impingement on @on method is used to measure local heat/mass transfer coeffi-
plate, and effusion flow through the holes of the target plate. cients around the effusion hole. This technique eliminates the con-
The previous studies are mainly concerned with impinging jetkiction error inherent in heat transfer experiments. The surface
on the solid plate without effusion. Downs and Jarfigs Jambu- boundary condition is analogous to an isothermal surface in a
nathan et al[2], and Viskantd 3] reviewed the previous studiescorresponding heat transfer problem.
of jet impinging heat transfer extensively. The flow characteristics should be considered to understand lo-
However, there are a few investigations of the heat transfeal heat/mass transfer characteristics on the surface of effusion
characteristics for effusion cooling and impingement/effusioplate. Therefore, the present computational simulations using a
cooling. Cho and Goldstei] investigated the effect of crossflow commercial prograniFLUENT) are accomplished to understand
on the heat/mass transfer characteristics near an effusion hole ti&iflow patterns in impingement/effusion cooling.
inside the hole, and they reported that heat/mass transfer is essen-
tially the same with and without crossflow. Huber and Viskant .
[5] examined the effect of spent air exit in the orifice plate on th%)(pe”memaI Apparatus and Procedure
local and average heat transfer for array of impinging jets. Their
result shows that the interaction of adjacent impinged jets is re-1 Experimental Apparatus

duced by spent air, and then the heat transfer on target plate i%uct and Test Plate. A schematic view of experimental appa-

more enhanced. : Al
Cho and Goldsteif6] investigated the effect of hole arrange-ratus is shown in Fig. 1. Cho and Goldstqi] reported that

ments on local heat/mass transfer characteristics inside the e@}%it/m;? ;::rt]ﬁfee; ;&iﬁ\'ﬂ;ﬂ; é) U&T}%d?i’g&;gﬁcﬁ (grfe;gfeetf{]ue'

effect of crossflow is not considered in the present study. Room

Contributed by the International Gas Turbine Institute and presented at the 4 f f
International Gas Turbine and Aeroengine Congress and Exhibition, Munich, Gg{} drawn into a settllng baffle passes throth the perforated test

many, May 8—11, 2000. Manuscript received by the International Gas Turbine IndRlate int_o the p!enum chamber, through an_orif_ice plétev rate )
tute February 2000. Paper No. 2000-GT-252. Review Chair: D. Ballal. measuring devigeand a blower, and then is discharged outside
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Fig. 1 Schematic diagrams of experimental apparatus and effusion plate

the building. Plenum chamber is 450 by 450 by 1200 mm, arile shifted hole arrangement, the first plate is offset a half pitch
screens and honeycombs are installed in plenum chamber for (&) in one direction, and impinging jets are positioned between
form suction of the flow. two effusion holes.

Two parallel and perforated plates, which have the same hole

size and square array hole pattern, are positioned with various gag . Pat@ Acquisition.  In order to obtain local mass transfer
distances. The gap distance between the two plates varies fr% fficients, the profile of the naphthalene surface coated on the

H/d=0.33 to H/d=10.0, and Reynolds number of injected jei)eSt plate is scanned by an aut_omated surf_ace'measuring system

varies from Rg=5000 to, Rg=12,000. The array of holes main- efore a_nd after exposure to air flow. Sublimation depth du_rlng

cins  rally o el pichic dametcPld) of 1 wih a lle” 181 = Saulte o e dierence of e suace pofes
iameter o mm, and the thicknesses of injection plég " < - ' -

and effusion platetg/d) are 1.33 and 2.0, respectively. The ef-coggéﬁ'%g%a(ﬁyvg':é A}I;]A-.%r?gz(,)radrcii\l/%ﬁal orz:iilngeitser;Knig?(l)?(lzon-

fusion plate has 25 (85) holes and the injection plate has 25" lor. and a ersoFr)lgl gom Uer with pGP[EEEE-A:88 board

(5%5) holes and an additional 11 holes to change hole arrange= d h pers L P Variable Diff ol T ¢ :

ment by shifting injection plate. For local mass transfer measur ne depth gage is a Linear Variable Differential Transtormer

ments on the target surface of the second plate, a naphthalef/PT) made by Schaevitz Engineering-BB-375TA-020,

coated test plate is positioned at the center of the effusion plate ch has a resolution of 0.02&m. Error of the LVDT measure-

P ; ts on a flat plate is within 1 percent of averaged sublimation
shown in Fig. 1b). The naphthalene casting area of test plate en X X
8.30%x8.3d, and an effusion hole is located in the center of te ept_h of 40um during the run. 'I_'he :_:lutomated system typically
plate ' obtains more than 2000 data points in an hour.

Hole Arrangement. Two different arrangements are investi- 3 HeatMass Transfer Coefficient. The local mass transfer

gated with the two perforated plat€d) staggered an(?) shifted coefficient is defined as:

in one direction. Schematic views of the hole arrangement and )

coordinate are presented in Fig. 2. For each arrangement, the ori- h = m _ ps(dy/dr) @
gin of the coordinate is the center of effusion hole of the test plate. ™y wT Po Pow

For staggered arrangement, the impinging jets from the first plate

are centered among four effusion holes on the second plate. Bimce the impinging jet flow contains no naphthaleme.. =0 in

P=6d Q <

Injection w @‘ Injection hole Injection hole
plate § [\ — PN TN -
A/ l \ A/ l \ H ” \ C . <>
\ / ~ -

~

Effusion hole

Effusion
plate // t=2.0d <> O
Stagnation -

Effusion hole

point d=15mm staggered array shifted array
(a) Side view (b) Top View
Fig. 2 Schematic views of hole arrangements and coordinate (hole size not to scale )
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the present study. Therefore, the mass transfer coefficient is admain, which is modeled by the geometry used in the experi-
culated from the local sublimation depth of naphthaleshg) ( run  mental study. The symmetry boundary conditions for one cell of
time (d7), density of solid naphthalenepf), and naphthalene impingement/effusion cooling are imposed to reduce grid size and
vapor density 6, ). The naphthalene vapor pressure is obtainezhlculation time. The computation domain grids are created using
from a correlation of Ambrose et dl10]. Then the naphthalene the GAMBIT solid modeling, and the number of grids is about

vapor densityp, ,,, is calculated from the perfect gas law. 40X 60x 70. Different grids are used to verify the grid indepen-
The Sherwood number can be expressed as: dence of the solution at Reynolds number of 10,000. The steady
hd solutions for turbulent flow field in an impingement/effusion cool-
Sh= — @) ing system are calculated using a Reynolds Stress Model with a

Dsapn standard wall function for a near-wall region. The flow character-

DapniS based on the discussion of naphthalene properties giveHCS with tc?_e v?]rlatlons of gap hglg?t gindl hole arrangement are
by Goldstein and ChéL1]. investigated in the present numerical simulation.
The mass transfer coefficients can be converted to the h : :
transfer coefficients using the heat and mass transfer angl@gy ??ésults and Discussion
04 In this study, flow patterns and heat/mass transfer characteris-
M _ (ir ®) tics are investigated with the variations of gap distance, Reynolds
Sh | Sc
Table 1.

number, and hole arrangement. Test parameters are described in
Uncertainty of the Sherwood numbers using Kline and McClin-"_.
tock’s[13] method for single-sample experiments, considering the F'%l;rrefgr s;u;\i/\és ﬁehe.acg?t%ifﬁdmlggﬁls QLO;S g;lthfhfﬁmé?gg
measured temperature, depth, position, and correlation equati i 9 Yer, y

is within 7.1 percent in the entire operating range of the measu%?te.'s Ir:lsltalle_dr.] Thhe ?ma_ll half .C'“t:)le in the cont_oulr plo; 'Sﬂthe
ment, based on a 95 percent confidence interval. This uncertaifiy >'on hole with the aluminum rim between two circles. As flow
is attributed mainly to the uncertainty of properties of naphth%r
lene, such as the naphthalene saturated vapor pre€x8reer-
cen), and diffusion coefficient of naphthalene vapor in the(ail.
percent. However, uncertainty due to the sublimation depth me
surement is only 0.7 percent. The other uncertainties are 0.2, 1.11  Effect of Gap Distance Variation
and 4.9 percent forf,,, ps, andh,,, respectively.

proaches the effusion hole, flow is accelerated, and a high trans-
region is formed symmetrically near the effusion hole. This
high transfer region has a diamond shape due to the effect of
g_djacent effusion holes.

Numerical Simulation. The velocity fields at selected planes
4 Flow Visualization. Smoke-wire flow visualization is (z/d=-3.0, —1.5 and 0.9 for H/d=0.33 and 1.0 are shown in

conducted to study the flow patterns of injected jet. Two fingig. 5. The coordinates used in numerical computation are the
Nichrome wires(0.1 mm in diametgrare installed at the center- same as those used in the experiment.
line of injection holes near the surface of injection and effusion The incoming flow separates at the sharp edge of the injection
plates. Before each test the wire is painted with gear oil resultim@le, and reattaches at aboutdBom the hole inlet. These re-
in small droplets of oil distributed evenly on the wire. Whitesults are consistent with the experimental results by Cho and
smoke filament linegstreaklineg are produced by evaporation of Goldstein[4]. Reattachment length is independent of gap distance,
droplets with a proper electric power supplgbout 60 V. The and the size of a separation bubble is small because of the low
visualized flow patterns are obtained by using a video camefoming flow velocity. Therefore, the uniform flow is injected on
connected to image processing bo@wiL-Lite Matrox Il board)  the target surface for each case.
in the PC. The injected jet has a very low Reynolds number of 300
for the smoke visualization to obtain clear flow patterns between
two plates. Table 1 Test parameters

Hole arrangement H/d Reg
10,000

Numerical Analysis

. . . . . Single layer
The numerical simulations using a commercial progi&mnU-

ENT) are accomplished to understand the flow patterns Stacgered 0.33* 1.0% 2.0 5,000
impingement/effusion cooling. Figure 3 shows the computatiq pouble a%fa T 6.0%. 100 10,000*
layer Y alie 12,000

Shifted array L.o* 10,000*

Inlet: 0.213 m/s, Tu=1% - 1

@ @ @ @ i Injection hole” ( * : numerical simulation )
1 I

Y e __|

|
|
W,

|

\
|
7
|
' 1
NN
b i Effusion hole
{\ @_\ L\(M Injection lml%: j

Staggered array
[

Symmetry plane
Symmetry plane

et d
00 -10 -20 -30

Shifted array Zd
(a) Side view (b) Top view L
(a) Contour plot (b) Local distribution
Fig. 3 Geometry and boundary conditions in numerical
calculation Fig. 4 Sherwood number for single layer at Re  ;=10,000
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For H/d=1.0, a large scale vortefprimary vortey is formed
at the inlet plane due to the interaction between adjacent wall jets
and entrainment, and consequently a strong upward flow pattern is
shown atx/d=0.0. It can be inferred from these results that the
secondary counter vortices are generated between the upward
flow; however, it is difficult to observe the existence of the sec-
ondary vortices in Fig. ) due to the limitation of grid size. The
existence of secondary vortex is shown apparently in experimental
results, which is presented later.

Although the results are not shown in this paper, the flow pat-
‘ terns forH/d=6.0 are nearly the same as those Fbtd=1.0.
Effusion hole . i However, the center of primary vortex moves upward from the
surface forH/d=6.0 due to large gap distance.

z/d=0.0 z/d=-15 z/d=-3.0

-
=

Reattachment —»
=3.0 point

Local Heat/Mass Transfer Measurementigure 6 shows the
contour plots of Sh for different gap distancebl/(=0.33
~10.0) with staggered array. The white dotted circles represent
the injection holes projected on the target plate. The pattern of
local Sh is similar for all cases and shows good symmetry at
z/d=0.0, and the distributions of Sh around the impinging jets
have the same trend as those of single impinging jet due to the
large hole-to-hole pitchH/d=6). The Sh values are high around
it the stagnation point&/d= — 3.0 andx/d= = 3.0) and decrease as

. L L J the wall jet boundary layer is developed after impingement.
x/d=0.0 x/d=1.0 x/d=2.0 x/d=3.0 With small H/d (0.33 and 1.0} there are two peaks in the
(a) H/d=0.33 Sherwood number near the stagnation region. The inner peak,
which is 0.5 apart from stagnation point, is caused by the effect
of stagnation flow acceleration, which makes the boundary layer
e - - »’:"’".'Z,“!ﬁ?j thin. The mass transfer decreases aﬁer this peak due to_devel_oping
i ,;/:/,/,//////////, - YR, A;;igg{ﬁi’ of the boundary Iaye_r from qlc_aceleratlng flow. Beyond this region,
IW ',"{\/‘\{‘,/\(‘/,‘/,777 Jari the boundary layer is transition to turbulence and the local heat/
\‘.“\.\\\\\\\\\\L & mass transfer coefficient reaches a secondary maximum value at
m\\ \\\\\Q\\;\\.WM., the region that is 1d apart from the stagnation point. This phe-
nomenon is also referred as the rolling vortex and the secondary
vortex induced by unsteady flow separation, which is initiated by
the unsteady adverse pressure gradient produced by the main roll-
ing vortex [14]. The vortices on the wall disturb the boundary
layer flow and entrain the ambient fluid into the boundary layer.
These two peak values increase with small gap distance.

However, with largeH/d (=2), turbulence intensity of the jet
core increases. Therefore, the heat/mass transfer in the stagnation
region is higher than the previous case, but the secondary peak
value decreases. It is thought that the strength of the secondary
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T R VRPN vortex is weakened due to the large nozzle-to-plate distance and
»\\\\:\g\iﬁ:ﬁﬁ:&ti&::t&Q:QQQN::‘iWi:v ;1 '; the decelerating velocity effect is much stronger than the flow
//fj’j":i\\k\\\\\\\\\\\\\\\\\\\\\\\\\\\\\\\\\\M“‘1M ! transition. AtH/d=6.0, the heat/mass transfer coefficient of the

RN RN N R R stagnation region reaches a maximum value because the jet poten-

e R S 1y
SRR RN AN U R L
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tial core remains until this distance with a maximum turbulence
intensity. However, the secondary peak disappears and the heat/
mass transfer decreases monotonically. This might be because the
wall jet is already transitioning to a turbulent flow from the stag-
%/d=0.0 x/d=1.0 x/d=2.0 x/d=39 hation region. _ »

For moderate gap distancell/d=1.0~6.0), additional peak

(b) Hid=1.0 values of Sh are observed along the midliaéd=0.0 andx/d
=0.0) because the secondary vortices impinge on the midline, and
then accelerate to the effusion hog. ForH/d=0.33, the overall
heat/mass transfer rate is higher than that for other cases; how-
ever, as expected in the numerical results, the peak Sh values at
the middle region by the secondary vortices is not clearly ob-
For H/d=0.33, a small recirculation region is observed neerved.

the exit of injection hole at the inlet plane/ti= —3.0) due to the ~ Local Sh distributions az/d= —3.0 (along the stagnation line
entrainment of ambient fluid. As flow goes, most of the spacd atz/d=0.0 are shown in Fig. 7. The solid black circle repre-
between two plates is filled up with wall jets and the flow patterfents Sh values for the single layer. In Figa)7 as mentioned
is similar to a duct flow because of the extremely small gap digefore, there are two peak valuesxati=+3.0 andx/d==*1.5
tance. Therefore, uniform velocity distributions are obtained at thvéth small gap distance, and these peak values show the maxi-
midplane ¢/d=-1.5) and the exit planez(d=0.0), and the mum forH/d=0.33. Sh values show uniform distributions along
interaction between the adjacent wall jets is expected to be vehe midway(Fig. 7(b)), and these values are almost the same for
weak due to the confined space. moderate gap distances due to the interaction and flow accelera-

Fig. 5 Velocity vectors at selected planes for staggered array
at Re;=10,000
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20
z/d
(d) HId=6.0

(a) H/d=0.33 (b) H/d=1.0 (c) H/d=2.0 (e) H/d=10.0

Fig. 6 Contour plots of Sh for various gap distances with staggered array

tion. However, mass transfer rates ldrd=0.33 are about 25 Table 2 shows the average Sherwood numbers for different gap
percent lower than those for other cases due to the weak interdistances. The averaged values are obtained by numerical integra-
tion between wall jets. tion in the region of—3.0<x/d=<3.0 and —3.0<7z/d<0.0. As
Figure 8 shows the local Nu distributions obtained by a heatkpected in Figs. 4 and 6, the averaged values ard®times
mass transfer analogy of the present study and other single hggher than that for the single lay&h shows the maximum value
result[15] for H/d=2.0 and Rg=10,000. In spite of some dif- at H/d=0.33 and decreases with increasing gap distance. Al-
ferences in experimental conditions, there is a favorable agrékeughSh shows the highest value fét/d=0.33, the slope of
ment on the results. However, the result in the present study,lotal Sh distribution is very steep. Therefore, impingement/
contrast with the single jet results, shows the lower values effusion cooling with extremely small gap distance is not recom-
x/d=—0.5 and the additional peak &td=0.0 due to the inter- mended from a view point of thermal stresses.
action of the adjacent wall jets. The expected flow pattern is
drawn schematically in Fig. 9. This interaction is shown clearly in
smoke-wire flow visualizationiFig. 15).
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Fig. 7 Local Sh for various gap distances with staggered array
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Fig. 9 Expected flow pattern of array impinging jets
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Table 2 Average Sherwood number for different gap dis- 2/d=0.0 z/d=-1.5 Z/d=-30

tances at Re ;=10,000 and staggered array
v
Single > . ey
H/d . . R . . i
layer 0.33 1.0 2.0 6.0 10.0 o 4(_4:0_0
-— il L | Effusion hole

Sh 11.0 100.8 96.0 92.8 82.9 68.2
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o | i W Fig. 11 Velocity vectors for shifted array at H/d=1.0 and Re4
[ =10,000
20 W' jw

20 F \|

x/d Injection hole

Fig. 10 Local plots of Sh for different Re ; at H/d=1.0 with 3.70
staggered array 334
2.99
. 2.63
2 Effect of Reynolds Number. Figure 10 shows the local 227
distributions of Sherwood number for various Reynolds numbers Lo1
at H/d=1.0. The patterns of Sh distribution are similar for all ’
Reynolds numbers, but the levels of Sh and the secondary peak 150
values increase continuously with Reynolds numbers. 1.20
For Rg=5000 to 12,000, an overall averaged Sh at the effusion 0.84
plate is fitted in a line foH/d=1.0: 0.49
0.13

Sh=0.562 R§**® )

(a) Staggered array

Effusion hole
3 Effect of Hole Arrangement

Numerical Simulation. Flow patterns for the shifted array at
H/d=1.0 and Rg=10,000 are shown in Fig. 11. Afd=—3.0,
the flow pattern is similar to that for the staggered array. How-
ever, aZ/d increases, the center of primary vortex moves toward
the effusion hole, and a low-momentum region is formed near
x/d=3.0 atz/d= 0.0 plane. The reason is that most of the injected
fluid flows into the effusion hole due to the short distance between
the injection and effusion holes, and the heat/mass transfer is ex-
pected to be very low on this low momentum region.

Figure 12 shows the contour plots of turbulence intensity near
the surface of the effusion plate fét/d=1.0 and Rg=10,000.
Dotted arcs in Fig. 12 represent the projected position of a quarter (b) Shifted array
of injection holes. High turbulence intensity is observed at the
stagnation region and near effusion hole in each case. Howevergjg 12 Contour plots of turbulence intensity ~ (percent) at the
the shifted array, the region with low turbulence intensity is olplane of 0.067 d apart from the surface of the effusion plate for
served with low flow velocity. H/d=1.0 and Re 4=10,000

606 / Vol. 123, JULY 2001 Transactions of the ASME

Downloaded 01 Jun 2010 to 128.113.26.88. Redistribution subject to ASME license or copyright; see http://www.asme.org/terms/Terms_Use.cfm



Low transfer region

=== N

(a) Staggered array

*Effusion h

Top view

gc.m

iction hole .
To-e--of

Effusion hofe

Top view

Fig. 15 Smoke-wire flow visualization for different hole ar-
z/d Low transfer region rangements at H/d=4.0

Fig. 13 Contour plots of Sh for H/d=1.0 and Re ;,=10,000 with

shifted array due to the interaction of wall jets and flow acceleration. However,

in the region ofz/d<—2.5 andz/d>2.5, Sh for the shifted array
are 25-50 percent lower than that for the staggered array, as pre-
Local Heat/Mass Transfer Measurementigure 13 shows the sented in the contour pldFig. 13. Therefore, this low transfer
contour plot of Sherwood number for the shifted hole arrangemeiggion will produce a hot spot including large thermal stress due
at Rg=10,000 andH/d=1.0. In the shifted array, the centers ofto nonuniformity of the heat transfer rates. In overall transfer rate,
injection holes(white dotted circle and effusion hole are on the the average value of Sh for the shifted arraffs=86.8, and this
same line as shown in Fig. 2. High heat/mass transfer around ihébout 10 percent lower than that for the staggered array. Thus
impingement region is observed and Sh pattern along the linetb® hole arrangement is very important to obtain a high and uni-
x/d=+3.0 is similar to that of the staggered arréfig. 6(b)). form transfer on the effusion plate.
However, the high heat/mass transfer region is limited, and the
low heat/mass transfer region exists along the line/dt=0.0,
except for the region near the effusion hole.6<x/d<0.6) as

1

4 Flow Visualization. Figure 15 shows the smoke-wire
flow visualization results for the different hole arrangements at
expected in the numerical results H/d=4. For the staggered array, the strong upw_ard flow patterns
Figure 14 shows the local distributions of Sh for different holc;ﬂé'_‘lre clearly shown due to the interaction of adjacent wall jets.
arrangements at selected positionsl= — 3.0 andz/d=0.0. The ence, the_ secondary vortices may be formed bt_etween the strong
A ypward primary vortices. However, for the shifted array, the
thheat/ma_llss tratntsfer d'St”b,:Jht'onf for ‘EaCh hole arranghemen_t SNAY\gth of primary vortices is weaker than that for the staggered
e similar patterns near the stagnation region, as shown in ; : :
14(a). At z/d=0.0 (Fig. 14b)). Sh values near the effusion holeit?éﬁyh%?gause of the suction of approaching wall jets by the effu-
for the shifted array are higher than those for the staggered arra)f:igure .16 shows the oil-lampblack surface flow visualizations
for the two hole arrangements Btfd=2.0 and Rg=10,000. A
thin mixture of oil and carbon powder is used to observe the shear
‘ ‘ ; ‘ ‘ ; ‘ flow pattern on the wall. In the case of staggered array, square
i - (a) z/d=-3.0 cells are formed as expected in the contour plots. Two black lines
(accumulation of carbon powdegxist between the adjacent effu-

%0 o . |
lzo&f%mﬁ' "Nﬁ WVXQ sion holes, and these lines represent the low transfer region as
’

)X mentioned in Fig. 9. A bright regiothigh transfer regionexists

Sh'®fy - % *‘ along the centerline of effusion holésetween the black lings
80 & n\! ! vwv&f :X, 1 This reveals that the formation and flow of secondary vortices
wf MY W 2 - affect the heat/mass transfer enhancement. For the shifted array, a
ol L S dead zone indicated by black region is observed between the ef-

—e— Shifted array

o5 —v— Staggered array

1 2 3 4

Injection hole

V »

180
—e— Shifted array
—v— Staggered array

160
140

120
Sh 10O -
80
60

40
20

Effusion hole

d (a) Staggered array (b) Shifted array
Fig. 14 Local plots of Sh for different hole arrangements at Fig. 16 Oil-lampblack surface flow visualization for HId=2.0
H/d=1.0 and Re ,=10,000 and Re ,=10,000
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fusion holes presenting low heat/mass transfer. These results aifg,, = local mass transfer coefficient
in good agreement with the numerical and mass transfer experi-m = local naphthalene mass transfer per unit area and time

mental results. Nu = Nusselt number based on the hole diameted/k
) Pr = Prandtl number
Conclusions P = pitch of array holes
The effects of gap distance, Reynolds number, and hole afR& = Reynolds number based on hole diameter and the aver-
rangement in an impingement/effusion cooling system are stud- age velocity in the hole

ied; the flow patterns are investigated by numerical calculation SC = Schmidt number _
and flow visualization, and heat/mass transfer characteristics by>h = Sherwood number based on the hole diameter

naphthalene sublimation method. The results are summarized ag_h =hmd/Dngpn

follows: = average Sherwood number
' t
1

o ) = thickness of injection plate
Variation of Gap Distance t, = thickness of effusion plate

« For the small gap distance, interaction between adjacent im’ i g'esrtginCeo;rgmiéhﬁaci?ﬁgrlgea haleig. 2
pinging jets is very weak, and the flow pattern in gap spacing is Ps — ty p .
similar to a duct flow. p,w = haphthalene vapor dens!ty on the_sprface_

* The averaged Sh for the staggered hole arrangements are 8]05” = naphthalene vapor density of the injected jet.
proximately 6~ 10 times higher than that for the single layer flow
t(ﬁﬁuhsfior? otnlyt_.llzhe‘shgat/_?]as? transfgr at thekstagngtiﬁn point li?eferences

e highest aH/d=6.0 without secondary peaks, and the overa . ) -
heat/mass transfer rate increasesdad decreases. (2] E,?;"r'gfwf ‘st;vigfjn JAZ’?N?E’PEa'p:’,\,lg 8;'7_,j$f3'g_] pingement Heat Transfer—A
[2] Jambunathan, K., Lai, E., Moss, M. A., and Button, B. L., 1992, “A Review of

Heat Transfer Data for Single Circular Jet Impingement,” Int. J. Heat Fluid

. . - Flow, 13, pp. 106-115.
* Levels of Sh increase monotonically with Reynolds numbers[3] Viskanta, R., 1993, “Heat Transfer to Impinging Isothermal Gas and Flame

showing that the patterns of heat/mass transfer are similar for = jets,” Exp. Therm. Fluid Sci6, pp. 111-134.

Variation of Reynolds Number

all tested Reynolds numbers. [4] Cho, H. H., and Goldstein, R. J., 1995, “He@#las9 Transfer and Film
Cooling Effectiveness With Injection through Discrete Holes—tPaiwithin
Variation of Hole Arrangement Holes and on the Back Surface,” ASME J. Turbomadii.7, pp. 440—450.

[5] Huber, A. M., and Viskanta, R., 1994, “Effect of Jet—Jet Spacing on Convec-
o With the shifted array, the low momentum flow region is tive Heat Transfer to Confined, Impinging Arrays of Axisymmetric Air Jets,”
v ween th ffusion hol h ink flow of in- _ Int. J. Heat Mass Transf37, No. 18, pp. 2859-2869.

.Ob?ed ec: .b(tat tﬁe ]I‘[f e.e UhSCI) oles due to the s ow o [6] Cho, H. H., and Goldstein, R. J., 1996, “Effect of Hole Arrangements on
Jected jet Into the e US"?” ole. Impingement/Effusion Cooling,’Proc. 3rd KSME-JSME Thermal Engineer-

» The secondary vortices are strengthened strongly and accel- ing Cont pp. 71-76.
erated to the effusion holes for the staggered hole arrangemeni] Hollwarth, B. R., and Dagan, L., 1980, “Arrays of Impinging Jets With Spent
resulting in heat/mass transfer enhancement. Therefore, the cool- Fluid Removal Through Vent Holes on the Target Surface. Part 1: Average

. . . Heat Transfer,” ASME J. Eng. Powet02 pp. 994-999.
Ing of effusion plate with the Staggered hole arrangement shOW%B] Hollwarth, B. R., Lehmann, G., and Rosiczkowski, J., 1983, “Arrays of Im-

better performance than the cooling _With the_ shifted hole arrange- pinging Jets With Spent Fluid Removal Through Vent Holes on the Target
ment. Thus, the hole arrangement is very important to obtain a Surface, Part 2: Local Heat Transfer,” ASME J. Eng. Powl&5 pp. 393—
402

hlgh and uniform transfer on the effusion plate. [9] Cho, H. H., and Goldstein, R. J., 1997, “Total Coverage Discrete Hole Wall
Cooling,” ASME J. Turbomach.119, pp. 320-329.
Acknowledgments [10] Ambrose, D., Lawrenson, I. J., and Sparke, C. H. S., 1975, “The Vapor Pres-
sure of Naphthalene,” J. Chem. Thermodyn.pp. 1173-1176.
The authors wish to acknowledge support for this study by thei1] Goldstein, R. J., and Cho, H. H., 1995, “A Review of Mass Transfer Mea-

KOSEF under grant No. 98-0200-13-01-3 and by the Ministry of  surement Using Naphthalene Sublimation,” Exp. Therm. Fluid Sd,,pp.

: : : 416-434.
Science and TeChn()lOgy throth their National Research Laborﬂ_z] Eckert, E. R. G., 1976, “Analogies to Heat Transfer Processes,Measure-
tory program. ments in Heat TransfeE. R. G. Eckert and R. J. Goldstein, eds., Hemisphere,
New York, pp. 397-423.
Nomenclature [13] Kline, S. J., and McClintock, F., 1953, “Describing Uncertainty in Single
L . . Sample Experiments,” Mech. EngAm. Soc. Mech. Eng, 75, Jan., pp. 3-8.
d = injection and effusion hole diameter [14] Cho, H. H., Lee, C. H., and Kim, Y. S., 1998, “Characteristics of Heat Trans-
dy = local sublimation depth of naphthalene fer in Impinging Jets by Control of Vortex Pairing,” ASME Paper No. 98-GT-
: 276.
dr = test dur.atlor.] - . . [15] Lee, J. H., and Lee, S. J., 1998, “Turbulent Heat Transfer Characteristics in a
Dpapn = mass diffusion coefficient of naphthalene vapor in air Stagnation Region of Axi-Symmetric Jet ImpingemenEYoc. 11th IHTG
= gap distance between injection and effusion plates Vol. 5, pp. 433-438.
608 / Vol. 123, JULY 2001 Transactions of the ASME

Downloaded 01 Jun 2010 to 128.113.26.88. Redistribution subject to ASME license or copyright; see http://www.asme.org/terms/Terms_Use.cfm



N. Syred
A. Khalatov

Department of Mechanical Engineering and
Energy Studies,

School of Engineering,

Cardiff University,

P.0. Box 685,

The Parade, Cardiff CF23 3TA, United Kingdom

A. Kozlov

Department of Power Engineering,
Kazan Scientific Centre,

Russian Academy of Sciences,
P.0. Box 190,

City of Kazan, 420503, Russia

A. Shchukin
R. Agachev

Department of Aeroengines,

Chair of Turbomachinery,

Kazan State Technical University (KAI),
10 K. Marx St.,

City of Kazan, 420111, Russia

Introduction

It is well known that increases in the thermal efficiency of gag,
turbine can effectively be achieved through a higher turbine inlg}
gas temperature. In prototype aeroengine gas turbines, the ent
temperature has already reached 1750-1800 K, while the air prg
sure ratio has gradually approached factor of 35.0, with proje8
tions to 40.0 being made. Since modern gas turbines operat%g{
inlet temperature levels above the blade melting point, both inter-
nal and external cooling systems are employed to meet blade ser
vice life requirements. Some 30 heat transfer enhancement tep -
nigues are in use now; however, due to design and technologi
restrictions, designers of blade internal cooling systems still appiy,
very few of these techniques. Among the basic technologies are,;
impingement cooling, pin fingpedestals plain and broken ribs

and their combinations.

Despite remarkable progress in design of cooling systemlsh
some specific blade zones, such as leading and trailing edge argas,
still remain very difficult to cool adequately with conventional
cooling techniques. Since the potential of currently used intern%l
cooling techniques is nearly exhausted, further cooling efficiengx
improvements can only be achieved through increases in the gi
flow rate extracted from the compressor; that, however, leads
reductions in the thermal efficiency of working cycle. Recent e
fort in the former USSR, USA, UK, Germany, and other countrieﬁ
has focused on studies of novel cooling techniques with improv%
thermal-hydraulic performance. A few research programs haxfe
been launched to explore some novel concepts. The leading tech-
nologies are often based on the vortex and swirl flow concep
including the “Hemispherical Surface Dimple Technique,” base
on generation of small, but powerful oscillating vortices.

Contributed by the International Gas Turbine Institute and presented at the 4

Effect of Surface Curvature on
Heat Transfer and Hydrodynamics
Within a Single Hemispherical
Dimple

Turbulent heat transfer and hydrodynamics have been studied in concavely and convexly
curved dimples with Reynolds numbers ranging fromxil@® to 3.1x10°. The large-

scale single hemispherical dimple 50 mm in diameter and 25 mm in depth was arranged
on the smooth concave or convex wall of a curved rectangular-shaped passage. The fluid
flow and heat transfer measurements, and surface streamline observations were per-
formed within the flow curvature parametér* /R ranged from 0.002 to 0.007. The
“tornado-like” oscillating vortex bursting periodically out of the dimple was registered

in the experiments with a “curved” dimple. This vortex structure is similar to that earlier
observed in a “flat” dimple. The surface curvature considerably influences the dimple
heat transfer rate in both cases. It enhances heat transfer in a “concave” dimple and
reduces it in a “convex” one; however, the more remarkable effect occurred in a con-
cavely curved dimple. The correction factors describing the effect of curvature on average
heat transfer in a “curved” dimple have been obtained as a result of experimental study.
[DOI: 10.1115/1.1348020

The unstable “self-organized” vortex structure has been ob-
served in the early experiments of Wighart and Tillnjah over
o-dimensional surface extensions. Afterward, the detailed data
Bearnlan and Harvey2] and Mehta[3], based on golf-ball
ex}geriments, have confirmed tihentrivial nature of the vortex
?i’sting over three-dimensional surface concatdliynple). Based
n.the experiments of Wighart and Tillman, Lavrent'ev and Sha-
[4] have predicted a generation of unstable “self-organized”
fing vortices over a dimple with round shape contour. The unique
at transfer properties in three-dimensional surface dimples were
orted over ten years ago in the comprehensive Russian publi-
% ions[5,6]. It was demonstrated that implementation of regular
ples on a flat plate enhances heat transfer and mitigates ac-
mpanying pressure loss@gater and air floy. Over the limited
range of Reynolds number, the increase in heat transfer and pres-
sure losses is nearly equivalent; they change virtually “in synch.”
is remarkable feature makes this concept especially attractive
industrial applications.

Kuethe[7] was the first one to suggest to using surface dimples
r heat transfer enhancement. Since that time fairly limited con-
putions were made to the heat transfer subject. Kesarev and
0zlov [8] have studied local heat transfer within a single dimple
f’-‘ﬁd found that heat flux up to a factor of 1.5 compared with plane
circle of an identical diameter can be achieved. Shchukin ¢9Hhl.
@ve considered heat transfer downstream of a single dimple un-

r pressure gradient and free-stream turbulence influences.
rekhov et al[10] have performed detailed heat transfer mea-
urements within a single dimple and reported the dimple depth
agnitude, giving the maximum heat transfer effect. Afanasyev
t al.[11] have studied heat transfer and pressure drop in passage
with one side dimpled wall; the authors revealed the limited Rey-
nolds number range where a heat transfer enhancement rate up to
Aactor of 1.4 can be achieved without additional pressure losses.

International Gas Turbine and Aeroengine Congress and Exhibition, Munich, Ger- . . .
many, May 8—11, 2000. Manuscript received by the International Gas Turbine Insti- Detailed experimental heat transfer studies have been per-

tute February 2000. Paper No. 2000-GT-236. Review Chair: D. Ballal.

Journal of Turbomachinery

formed by Gachechiladze et &§.2] and Nagog#13]. Nagoga has
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Fig. 1 Turbine blade cooling passage with hemispherical sur- Ji T

face dimples in a leading edge area  (concave wall; possible

design )

reported a heat transfer enhancement rate up to a factor of 2.7, " _ 4

achieved within a narrow passage with one side dimpled wall /'\__i\ o~ 1t 2

(H/d=0.17; A/d=0.13). The experimental study of Moon et al. ]

[14] was limited by the passage height rakiédd=0.37; for this

reason the authors could not achieve a heat transfer ratio oveti@ 2 Test section: (1) straight rectangular passage;  (2)
factor of 2.1. Actually, identical heat transfer levels have beefurved passage; (3) flow turbulator; (4) dimple

obtained by Nagoga at identical fluid flow conditions. Chyu et al.

[15] have studied local heat transfer in one side dimpled passage

(two dimple shapes The heat transfer rate factor of 2.1 reported
in this paper is comparable with the data of Nagoga and Glezer .
et al. Both Chyu and Glezer have confirmed the excellent therm4(€"€ flush-mounted on the internal and external surfaces of each
hydraulic performance of the dimple technology earlier reportédMPI€ 1o register the local wall temperatufg,. Each thermo-

by Gachechiladze et &12]. Recent investigations of GortysheyCOUPIe solder was embedded into a specially cut groove; the
et al.[16] have shown that the additional heat transfer effe@— 9roove depth has the same sigel mn) as the diameter of ther-

1.8) is achieved if a row of dimples exist on both passage sides, BPcouple wires; its length is 1 mm. The finite quantity of the
due to a mutual displacement of two dimpled walls2—1.3. thermocouple wires and heat losses in the thermocouple lead was

Reviews of recent achievements in the field have been reportedtBlfen into account when uncertainty analysis was made. The wall
Khalatov and Izgorev&l7] and Shchukin et al18]. Some spe- temperature measurements were used as the temperature boundary
cific aspects of the surface dimple technologimpled tube conditions to solve numerically the two-dimensional inverse con-
bundle: water boiling have been studied by Belen'ky et &19] ductivity problem to determine both the stationary temperature

and Khalatov et al[20]. The asymmetric surface dimple desigr{ield inside of a dimple wall an.d the. local s.urface heat flow. Cal-
was proposed by Khalatov et &21]. culations have shown that in this particular case the two-

The effect of surface curvature on heat transfer and fluid flofimensional approach is quite justified. According to this ap-
over a smooth surface is quite remarkaf®?], and should be proach, the local heat fluxes were found from th_e_basm equation
taken into account if the hemispherical surface dimple technigfe = ~K(9T/dn)n—o, The local heat transfer coefficient and local
is used to cool “curved” surface€Fig. 1). However, despite the >t@nton number were calculated &s-q,,/(T,—T.) and St

obvious importance, this factor still has not been reported in theh/(CpUo), respectively. Both the average heat transfer coeffi-

existing “dimple” publications. The broad experimental progranf'€nt (W and average Stanton numb&t were calculated from
was jointly undertaken by the UK and Russian teams to study tfhe local heat flux and local wall temperature measurements.

curvature effect. This paper presents heat transfer and fluid flow! € local wall static pressures were measured by means of

measurements within a single hemispherical dimple located orf? 4 MmM-dia tap-holes using the liquid manometer with a multiply-
convex or concave wall. ing factor of 1 mm. Altogether 25 holes were drilled in a dimple
body normal to the surface tangent. The pressure coefficignt
. o was calculated as,= (p— po)/(p{Uo)?%/2), wherepy is the static
Experimental Facility and Procedure pressure on a smgoth curved surface just in front of the dimple. A
The experimental program was performed in a wind tunnel ¢iot-wire anemometer DISA 55M and a miniature velocity probe
an open type; Fig. 2 presents a schematic view of the test sectigith a tungsten wire were used to measure local flow velocity and
A single large-scale dimple was arranged on a concave or convgxfluctuations. The probe wire diameter i/, its length is 1.2
wall of a rectangular-sectioned curved passage X0 mnf) mm. Surface flow visualizations were also performed in the ex-
with the curvature radius 400 mm and 500 mi =100 mm). perimental program. For this purpose the dimple was made of
The dimple diameted is 50 nm, its depthA is 25 mm (@A/D transparent acrylic, silk treads were pasted onto the dimple surface
=0.5), and the circular rim of both dimples has a sharp edge. Ay detect the surface streamlingsaces.
flows from an in-house compressor into a large volupienum The flow curvature paramete&®* /R defines the curved flows
and then through the contracting unit and the intermediate straighilarity, it was used to identify the curvature effect on heat
rectangular passage and enters the test section. Flow tubulatefapsfer[22]. The magnitude of momentum thickned$* was
was installed 10 mm downstream of the contracting unit to “achanged by means of a partial flow suction in front of a dimple.
tivate” a turbulent flow structure and to identify the boundaryor this purpose three transverse slots were made on both passage
layer starting point. The inlet air velocity) ranged from 17.7 to walls, and a combination of partially or fully open slots was used
42.3 m/s. The velocity fluctuatior(slt’f)l’2 ranged from 3.5 to 4.5 providing variations in the boundary layer momentum thickness.
percent. Reynolds number Re, based on the inlet vel¢ajfyand The flow curvature paramet&®* /R ranged from 510 * to 7
the equivalent passage diameter, ranged fromx1@ to 3.1 X103 on the convex wall and from 2410 “ to 2.2<10 3 on
X 10°. The inlet air temperatur&, =T, was about 23°C. When the concave one.
the heat transfer experiments were carried out, the dimple made oThe maximum experimental uncertainty for the local heat trans-
the stainless steel was heated by means of an electrical he&ercoefficient was within=16 percent, and the uncertainties in
installed just under the dimple itself. The wall surface temperatureeasurements of velocity and turbulent fluctuations were esti-
T, was within 83—-93°C, so the range of the temperature diffemated to be withint5 and+12 percent, respectively, at the con-
enceT,,— T, was 60—70°C. Altogether 62 K-type thermocouplefidence probability of 0.95.
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Results and Discussion

The flow visualization observations and velocity measurements
have confirmed that, as in a “flat” dimpl8] the flow pattern in
a “curved” dimple contains the “tornado-like” oscillating vortex
bursting periodically out of the dimple. Thus, the surface curva- 3
ture does not radically change the dimple flow pattern, which has
a “self-organized” nature. The frequency of the vortex angular
oscillations is approximately the same as in a “flat” dimple
(6** IR=0). There is no Reynolds number effect on the average
flow parametersd, (u), etc). In the nondimensional representa-
tion, the maximum nondimensional reverse flow;((uy)) does
not depend on the surface curvature typencave or convexas
in a “flat” dimple, this ratio is 0.4. The surface curvature pro-
motes changes in the wall static pressure distributions, which are 10"”
more remarkable in a “concave” dimplérig. 3). The velocity
fluctuations in a “concave” dimple exceed those in a “convex”
dimple. This result agrees well with the general character of radial

pressure gradient influence over smooth curved surfii@@gs

The character of the local Stanton number distributions is idelgi-g
tical to that in a “flat” dimple (Fig. 4). The concavely curved
dimple enhances heat transfer comparatively in a “flat” dimple,

<St> ‘
4 [w]
"0 & YWY
| 1
.l
2 v
A
v
4 5678 4° 2
Rey

. 5 Average Stanton number in a “curved” dimple; Re d
=uyd/v; designations: Fig. 4

while the “convex” dimple promotes reductions in the heat trans-

?5 o

g4 o

:33-030 o

L2t & ° e,

51-89009. ] 0.0 &
0

0 1 2 3 4 5
§**/R «1 0®

Fig. 3 Average static pressure coefficient in a dimple “pole”
versus curvature parameter: open symbols-dimple on a con-
cave wall; close symbols-dimple on a convex wall
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Fig. 4 Local Stanton number distributions: lengthwise merid-

ian cross section of a dimple. Re =2.2X10% open symbols
=dimple on a concave wall; closed symbols  =dimple on a con-
vex wall. (1) dimple on a flat plate; (2) §"/R=0.2X1073; (3)
0.44%X1073% (4) 1.1X107%; (5)=1.7X107% () 2.2X1073;
(7)=3.5X1073%; (8) 5.2X1073; (9) 6.9%X1073;/ x=distance in
streamwise direction.
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fer rate. Again, this effect is in agreement with heat transfer over
a smooth concave or convex wall. The heat transfer measurements
over a “flat” dimple (reference dadavere performed in the same
test sectior(Fig. 2), in this case the straight passage containing a
single dimple was installed instead of the curved passage. Ap-
proximately the same character of heat transfer distribution was
found for the average Stanton number over the whole range of
Reynolds numbe(Fig. 5. Again, the experimental data for the
“concave” dimple are located over the solid line, describing the
“flat” dimple data, while results of the “convex” dimple lie
below that curve. The curvature effect is considerable and should
be taken into account in heat transfer predictions.

In order to separate the surface curvature effect the experimen-
tal correlations were used to describe the “pure” surface curva-
ture effect on heat transfer over a smooth concave or convex wall
[23,22. These correlations summarize the vast experimental data
obtained throughout the world in a wide range of the curvature
factor:

Concave surface curvatuf@3|:

W cone= Steonc/ Sh=[1+ 1.8X 103X | 5** /R|]O.16 1)
Convex surface curvaturf@?2]:
W coni= Steonv/ So=[1+ 1000 5** /R)]~**2 2)

where S§ is Stanton number over a smooth flat plate at the same
Reynolds number.

Correlations(1) and (2) are shown in Fig. 6 along with the
experimental data for “concave” and “convex” dimples. As
shown, the additional curvature effect occurs for both “curved”
dimples, and additional correction factors should be introduced to
describe the experimental data properly. Therefore, there is a dif-
ference between the curvature effect over a smooth curved surface
and over a “curved” dimple.

The processing of findings, based on the curvature effect “iso-
lation” allowed us to identify the correction factof{(y)cy in
both cases. This factor is 1.2 and 0.9 for dimples, located on a
concave or convex wall, respectively. Both factors are approxi-
mately constant over the whole range of Reynolds number and the
curvature parameter occurring in the experiments. Taking into ac-
count these correction factors, the following experimental corre-
lations have been derived, describing an average heat transfer in a
“curved” dimple:

Dimple on a concave wall

(SH=1.2XV 1, X (Sty) )
Dimple on a convex wall

JULY 2001, Vol. 123 / 611
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0 * 2 - 4 3 6 8 Fig. 8 Average relative heat transfer rate: various configura-
8 /Rx10 tions; 6**/R=2X10"%, Re,=8X10*

Fig. 6 Relative Stanton number: (1) concave wall; (2) convex
wall; curves: smooth curved surface [correlations (1) & (2)];

dots: dimpled curved surface  (present experiments ) cave wall. Such a respectable heat transfer level is very attractive
in various industrial applications, in particular, in turbine blade
cooling.
Summar
(Sh=0.9XW cony X (Sty) (4) Y

An experimental program has been undertaken to examine the

Here(St) is the average Stanton number correlation for a “flat'surface curvature effect on heat transfer and fluid flow within a
dimple (solid line; Fig. 7. single hemispherical dimple located on a concave or convex wall.
Thus, in order to predict an average heat transfer within a singlée dimple geometry and passage height were constant, while the
“curved” dimple, the correlationg1)—(4) can be used along with range of Reynolds number and the curvature parameter were vari-
the correlation for a “flat” dimple. Figure 7 confirms that theable. The surface curvature influences heat transfer and fluid flow
“multiplication” of two factors is quite justifiable in this particu- parameters, promoting increased rarefaction rate throughout a
lar case. After elimination of the surface curvature effect and ti§émple surface, but the more remarkable effect was found in a
curvature correction factor, results for both cases agree pretty walpncave” dimple. Turbulent fluctuations in a concavely curved
with the basic correlation for a “flat” dimple. dimple exceed those occurring in a “convex” dimple. Heat trans-
Figure 8 gives the pictorial representation of an average hd@t behavior in a “curved” dimple is identical to that in a “flat”
transfer for different configurations. Among these are the smootimple. The concave surface curvature increases the heat transfer
flat plate, smooth concave and convex surface, dimple arrangéte compared with the “flat” dimple data, but the convex curva-
on a flat plate, row of dimples arranged on one side of narrolre reduces it. The fairly respectable heat transfer enhancement
passage, dimple arranged on concave or convex surfaces. Fofaff(about 2.5 has been obtained in a “concave” dimple. Such a
situations, the Stanton numbgBt,) reflects the smooth flat plate respectable augmentation is particularly attractive for applications
data. Both a “flat” dimple and a smooth concave wall providdo aircooled gas turbine componeiisternal blade cooling; com-
identical heat transfer enhancement rate with a factor of 1.5. ustor ling, where various “curved” surfaces exist. The effect of
row of dimples in narrow passage gives approximately the sarférface curvature on an average heat transfer within a “curved
heat transfer raté2.5) as a single “concave” dimple. Therefore, dimple” is different from that over a smooth concave or convex
the higher heat transfer enhancement rate would be expected Mal. The correction factors describing the additional curvature
narrow curved passage with a row of dimples arranged on a céffect in both cases have been obtained as a result of the experi-
mental data processing.
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2 Nomenclature
¢ = heat capacity, J/kg K
Cp = pressure coefficiert(p—po)/(p(Uo)?/2)
D = equivalent passage diametet17 mm
d = dimple diameter 50 mm
h = local heat transfer coefficient, WtfrK
103 + i + H = passage height, m
4 6 8 10 2 k = heat conductivity, Wt/m K
Rey, 10° n = coordinate normal to dimple surface, m
p = wall static pressure, N/fn
Fig. 7 Summarizing of experimental data: dimple on a con- aw = specific heat flux, Wt/rh
cave or convex surface; solid line: single dimple on a flat plate u = flow velocity, m/s
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R = wall curvature(concave or convexradius, m Hemispherical Dimple Flowing by Turbulized Air Flow [in Russiar, Vest-
nik MGTU. Ser. Mashinostroenie, No. 1, pp. 131-145.

Re = ReynOIdS numbe{:(uO)D/V [9] Shchukin, A. V., Kozlov, A. P., and Agachev, R. S., 1995, “Study and Ap-
St = Stanton number h/(Cp<u0>) plication of Hemispheric Cavities for Surface Heat Transfer Augmentation,”
T = temperature, K ASME Paper No. 95-GT-59.
X = curvilinear distance a|0ng dimp|e wall, m [10] Terekhov, V. I., Kalinina, S. V., and Mshvidobadze, Yu. M., 1997, “Heat
5* = boundary layer momentum thickness, m Transfer Coefficient and Aerodynamic Resistance on a Surface With a Single
" _ Dimple,” J. Enhanced Heat Transfet, pp. 131-145.
IR = C.urvatur_e pf’iram,eter [11] Afanasyev, V. N., Chudnovsky, Ya. P., Leont’ev, A. I., and Roganov, P. S,
v = kinematic viscosity, is 1993, “Turbulent Flow Friction and Heat Transfer Characteristics for Spheri-
p = density, kg/rﬁ cal Cavities on a Flat Plate,’Experimental Thermal and Fluid Science

P = relative Stanton number Elsevier Science, New York, Chap. 7, pp. 1-8.
T [12] Gachechiladze, I. A., Kiknadze, G. I., and Krasnov, Yu. K., 1988, “Heat
A= dlmple depth: 25mm Transfer at Self-formation of Whirlwind Structurefin Russian, Heat and
Subscripts Mass Transfer, Convective, Radiation and Complex Heat Transfer, Problem
Reports Minsk, ITMO AN BSSR, pp. 83-125.
conc = concave [13] Nagoga, G. P., 199€ffective Blade Cooling Techniques for High Perfor-
conv = convex mance Gas Turbingsn Russian, Moscow, Russia, Aviation Institute, p. 105.
curv = curved [14] Moon, H. K., O’Connell, T. O., and Glezer, B., 2000, “Channel Height Effect
on Heat Transfer and Friction in a Dimpled Passage,” ASME J. Eng. Gas

d = _dlmple . Turbines Power122, pp. 307-313.
0 = inlet: curved passage section [15] Chyu, M. K., Yu. Y., Ding, H., Downs, J. P., and Soechting, F. O., 1997,
w = wall “Concavity Enhanced Heat Transfer in an Internal Cooling Passage,” ASME
6 = boundary layer edge [16] (PBi‘:t(i/rsr,:l:\} 9;[—]6';-4%.(1 Popov, I. A., 1998, “Studies of Hydrodynamics and
= free-stream parameter over dimple Heat Exchange With Various Types of Intensifier®toc. 11th International
() = average value Heat Transfer Conferenc&/ol. 6, Aug. 23—28, Kyongju, Korea.
" = fluctuations [17] Khalatov, A. A., and Izgoreva, I. A., 1996, “Heat Transfer Over Dimpled
Surfaces”[in Russiaf, Report TGD-96-1, Institute of Engineering Thermo-
physics, Kiev, Ukraine, p. 45.
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On Prediction of Thermal-
Hydraulic Characteristics of
Square-Sectioned Ribbed
Cooling Ducts

This paper presents the results of an investigation on prediction of local and mean
thermal-hydraulic characteristics in rib-roughened ducts of square cross section. the
Navier—Stokes and energy equations together with two low-Retlrbulence models are
solved numerically. The Reynolds turbulent stress tensor is calculated by two methods,
namely, an eddy viscosity model (EVM) and an explicit algebraic stress model (EASM).
The pressurevelocity coupling is handled by the SIMPLEC algorithm and calculations
were carried out on a collocated grid. The convectidiffusion terms were calculated
using the hybrid scheme (the changes in the results obtained by the other schemes, e.g.
QUICK and Van Leer, were not significant). The considered ribbed duct configuration is
identical to that in an experimental study and comparisons between the predictions and
experimental results are provided. A discussion of the capabilities of the two methods
(EVM and EASM) is presented.DOI: 10.1115/1.1371779
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Bengt Sunden

e-mail: bengt.sunden@vok.Ith.se

Division of Heat Transfer,
Lund Institute of Technology,
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1 Introduction walls. He considered a zonal model and a low-Re model. The

IO\i/-Re model produced a more realistic heat transfer variation in

It has _been shovv_n that one way to increase the performancetﬁ) separation zone and reasonable Nusselt number levels. A nu-
gas turb'lne cycles S .to raise the t.en.‘lperature of the gas enter Hrical study was performed by Righy1] for flow in a rotating
the turbine, but this increase is limited by the mechanical a ernal square duct with ribbed walls and thew turbulence

thermal properties of the materials used in gas turbine blades. Qdel was employed. Some modifications were proposed and ap-

remedy this problem, several cooling methods have been sugq o the original wall boundary condition ab to achieve

gested; one method includes internal ducts in the blades. Therer%rgsonable flow topology, and Reynolds numbers were low. Saidi

various types of such ducts, but the focus in this study is on squajigy snde [12-14 used a combination of an Explicit Algebraic

ducts with rib-roughened walls for heat transfer enhancement. girass Model and a low-Re version of tkhes model to study the
Experimental investigations gave some information concemifg,y and heat transfer in a rib-roughened square duct. The results

the influence of rib pitch and height on the overall Nusselt numbgpgwed that using the EASM improved the prediction of some

and friction factor, effects of rib shape, and the importance @iig flow phenomena, although there was no significant differ-

model orientatiori1—4]. Investlgqtlons concerned with local Meaence in its performance compared to the linear eddy viscosity

surements have become available recently, e.g., the studigsthod regarding the mean fldfviction facton and heat transfer

of [5,6]. Such investigations are useful as various models agg|yes.

evaluated. The ribbed duct geometry in this investigation is set identical to
There are also previous numerical studies done on this subjegkt of[6] because local thermal and hydraulic measurements are

Acharya et al[7] examined the ability of a nonlinedre turbu-  available. Such measurements appear very rarely in the literature.

lence model to predict the flow and heat transfer between tWgvo methods to model the turbulent stres§E¥M and EASM

successive two-dimensional ribs in the periodic fully developegre employed and their results are compared. Thus it is possible to

region of a rectangular duct with ribs periodically mounted alongvaluate the methods and their performances as prediction tools of

the uniformly heated bottom wall. They used nonlinear and staimternal blade cooling.

dardk—e models and both models performed poorly in the sepa- The geometric configuration of the considered problem is de-

rated region just behind the ribs where the Reynolds stresses wgitted in Fig. 1. The figure shows the computational domain of

underpredicted and local Nusselt were underpredicted by bdatte problem. The duct has a square cross section, with square ribs

models as well. Another study was carried out by Liou ef&]. on two opposite walls. This geometry has a pitch to rib height

They employed thé&—e—ASM turbulence model. This nonlinearratio of 9 (p/e=9) and rib height to hydraulic diameter ratio of

model predicted more realistic Reynolds stresses in the core flovl (e/D,=0.1).

region immediately after the ribs. Prakash and Zeffleanalyzed

a square duct with ribbed walls. In their investigation they used a

turbulence model, together with wall functions, and they achievegd nathematical Model

together with wall functions, and they achieved good agreement ) ) . )

with experimental correlation for the stationary cases, but they The method is steady-state one and incompressible flow is as-

had to keep the Reynolds numbers high due to the limitations gfmMed. The density is thus constant, and further the thermophysi-

wall functions approach. More recently, lacovid&§] carried out cal properties are assumed constant. First, the velocities encoun-

computations of periodic flow and heat transfer through stationaj§f€d are so low that compressibility are not important. Second,
and rotating ducts for square cross section with rib-roughen natural convection effects are omitted. For ribbed ducts, due to

existence of many repeated ribs, the fully developed situation is
Contributed by the International Gas Turbine Institute for publication in thdommatlng in the major part of the ducts. Rau Et[én' studied

ASME JOURNAL OF TURBOMACHINERY. Manuscript received at ASME Headquar- ?he periOdi?itV_ in their eXperiment and _found that the ﬂOW be-
ters March 2001. Associate Editor: R. Bunker. comes periodic after a certain entry distance. These evidences
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2.1 Turbulence Models. Several models have been sug-
gested for prediction of turbulent flow and heat transfer problems
[16]. Due to their capability and stability, two-equation models
accompanied by the eddy viscosity concept have become popular
because in engineering computations they provide reasonable
overall results at least for simple cases. In this investigation two
low-Re versions of th&—s model by Abe et al[17] (AKN here-
aften and Chang et a[.18] (CHC hereafterhave been employed.

L

A N |
D

_> Y It has been theoretically proved that these models remove the
Main flow direction ] singular point problem accompanied with the friction velocity
,Lf% == L scale in separated flows. Instead of the friction velocity, these
° Lo z models use the Kolmogorov velocity scdle7], u, in Eq. (14),
|" and the Kk (k turbulent kinetic energyin [18], respectively. In
x=0. addition, these models do not have the problem of the initially
Fig. 1 One module of the two-sided ribbed square duct, as- guessed values df and ¢, which has been reported with other
pect ratio is unity (dashed lines show the plane in Fig. 2 ) models, [14]. These two models can be summarized by the

equations:
Turbulent kinetic energy

My oK
+ _
(’u Prk) 24

—

show that periodicity is a reasonable assumption. The fluid is
—pul; ———pe  (8)
]

J
assumed to be Newtonian, and the viscous dissipation is neglected ,9_Xj(puik): r9_X,
in the energy equation. | L
The governing equations are the steady-state continuity, thérbulent dissipation

Itime}laverf?lged Navier—Stokes, and the energy equation for turbu- 9 U e 9 e\ de c e — U,
ent flow, I.e., 3_)(J(p js)_é’_)(j /,L+P—r£ é’_)(] - alEpUin 0,)—)(]
4 2
—(pU;)=0 @ €
&Xj : _CSZfsp? (9)
J P 9 Ui U, d S T . .
— (pU U )= — — 4+ — ol — + ) (= puiu urbulent viscosity
(9Xj (pUJUI) IXi (9Xj M( ﬁXj IXi ) X ( pU,UJ) k2
2
@ p=C,fup— (10)
(Ui = — LT ©)
o (pUjl)= -1 5= ———pUj Turbulence Re number
X ! x| Pr ox; J ,
An incompressible flow is considered. The assumption of fully R :ﬁ (11)
developed periodic conditions is applicable for ribbed ducts in @ e
many cases. It has been shown experimentally that after a numper di ional wall dist
of ribs, periodic fully developed flow prevails in which the mea ondimensional wall distance
velocity and thermal fields are periodically repeated with a con- pu,y
stant shift. Moreover, the periodicity is pointed out and proved by fe— (12)
experimental evidence in the considered ddge The procedure K
chosen here to handle periodicity is the same as suggestedRgynolds number based qfk:
Patankar et al[15] and has then been applied extensively. One \/E
introduces, R6k=7y (13)
P=—pBx+p* 4)
The Kolmogorov velocity scale:
where 8 resembles the nonperiodic pressure gradient Rhds d y
the periodic part of pressure in the main flow direction. In the u,=(ve)l* (14)

energy equation, a constant heat flux boundary condition is aP-rhe damping functions of these models are given in Table 1
plied because this prevailed in the experimental setup. and the constants are provided in Table 2

The periodic thermally developed regime for repeated wall heat '
transfer can be handled by considering the temperature profiles at
positions of &,x+ p) and k+ p,x+2p) to have identical shapes,
but they will be shifted up(in the heating cageby a constant

value, so that: Table 1 Model damping functions

Model fu fe
T(x+p,y,2) = T(x,y,2)=T(x+2p,y,2) = T(X+p,y,2)...= P 5y s . = n
y €2 Y €2
It ily b d that ®) e[ moel- G5 ] [i-soc ] r-osel-G2)
may easily be proved that:
Y= Q/ mcpp (6) e i 7“"(‘0‘02”{6*)]2[1 * 12 '56 ﬂ [t-0.01exp(-Re )Pl - expf-0.0631Re, }]
whereQ is the rate of heat inpufover one pitch lengthto the

fluid. The temperature field can be written as
Table 2 Model constants

T(x,y,2)=T*(X,y,2) + X @)
Model Cy Cel Ce Pry Pr;
andT* is the periodic part of the temperature field. Furthermore ) T T3 o 3
inserting this decomposition in the energy equation will add e 50 o o T T
source term like— pU y to the right-hand side of Ed3). i i i i i
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Two methods have been employed for calculations of the Regefined agU,V,Ware velocity component$, k, ande are pres-
nolds stresses. The first one is the eddy viscosity m@@eM) sure, turbulent kinetic energy, and turbulent energy dissipation,
and the second one is the explicit algebraic stress m@ebM) respectively.
of Speziale and X{i19]. In the EVM the “Reynolds stresses” are d(x,y,2)=D(x+L,y,2) (26)
calculated as:

) ®=U,V,W,P* ke (27)
uju;= §k5i,- —Zﬁ Sij (15) The boundary conditions at walls are imposed as:
U=V=W=k=0 (28)
2 . 2 _ . 3 .
Uinzgk(Sij_al;Sij_az;(Sikwkj“l‘sj'kwki and
gy = const (29)
S 1— 2
+at | S84 5 SaSad (16) _pk
& 3 ew=2—| — = (30)
p\ on
S;j andw; are the mean rate of strain tensor and mean vorticifyheren represents the normal wall distance. Due to symmetry, a
tensor, respectively, i.e.: quarter of the duct cross section has been taken as the computa-
— 1/aU; Y, tional domain, and the symmetry boundary conditipero gradi-
i= E((?_xj + (9_x|) (17) ent9 has been applied there.
2.3 Auxiliary Equations. To calculate the friction factor
o= } ‘9_Ui_ ‘9_UJ (18) and Nusselt numbers, some additional equations are needed.
o2l oxg ax These are:
anda? , ; are EASM model constants, which are calculated as: The Reynolds number is defined as
u,D
(1+28)(1+67°)+ (7 Re= =" (31)
T (128 (1+ 28+ P+ 6B170) | (19) g
K B The friction factor(mean valugis defined as
. 1281+ H+ ()7 BDI4
a2,37 2 2 6 a2,3 (20) = _2 (32)
(1+28)(1+28°+ Baan’) pUg/2
4 1/4 ) The local Nusselt number is defined as
a1={37C3/9  a,=5| 37C5](2-Cs)g
NU= —JT D 33
(4 C) 2-C,)g? 21 o T >
3Tz ( 49 1) The mean Nusselt numbers for the walls are calculated by av-

eraging the Nusselt numbers over the wall area, according to,

1. P\t
9=|5Ci+ -1 (22) _ 1
€ Nu= KJ Nu dA (34)

P, in Eqg. (22) is equal to
The rms values of vertical and streamwise fluctuations have
_ pm ‘9_U| been calculated via the respective values of the components of the
" ax; Reynolds stress tensor computed in the EASM method. The rms

. of the streamwise fluctuations is calculated as:
and the model constants are:

C,=6.80 C,=4.20 C;=0.36 C,=1.25 C5=0.40 Ums= Vuu (35)
B=7.0 B,=6.3 P3=4.0 The rms of the vertical fluctuations is calculated(lhscause/

is the transverse velocity compongnt

In Egs.(19) and(20), » and £ are given by: -
lask —— Ums= VUU (36)
n=5——(S;S)" (23) _ _
a & 3 Numerical Solution Procedure
a k "™ The employed finite-volume computer code uses a collocated

&= a—l g(wij wij) (24) grid arrangement and employs the Rhie and Ch28} method to

- interpolate values of velocity at the control volume faces. The
The turbulent heat flux term-u;t has been modeled using theSIMPLEC[21] algorithm is employed to handle the coupling be-
commonly applied Simple Eddy diffusivity model: tween pressure and velocity. The hybrid scheme is used for deter-
mination of convective fluxes in all equations. It was found, dur-
(25) ing the course of this study, that using higher order schemes like
QUICK [22] and Van Leel[23] for determination of convective
fluxes did not have any significant effects on the final results, the
differences were observed to be in order of 1 percent. This small
difference between higher order convective flux methods and the
2.2 Boundary Conditions. Periodic boundary conditions hybrid scheme can be explained by the fact that in this investiga-
are applied at the inlet and outlet of every periodic modwleich  tion the turbulence source terms were more significant than any
is equal to one pitch in the ribbed wall duchis condition is numerical diffusion caused by the hybrid scheme. A certain

— e JT
ujt= =~ —
Pr. 9x;

The molecular Pr number is set as=®.7 while the turbulent
Pr, number is set as Pr0.89.
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method is developed14] to deal with the de-coupling of the

velocity and Reynolds stress fields in the EASM calculations. A

nonuniform grid with grid refinement has been applied. The ap-

plication of a low-Re model made it necessary thatyfievalue

of the first grid point adjacent to a wall is close to unity. In this

work y* is in the range of 0.5—-0.8. The calculations were termi-

nated when the absolute residuals of all the variables became less

than 10°®. The underrelaxation factors for all calculations were /
set to values in the range of 0.5-0.6. The nonperiodic pressure

gradientp is specified to create a flow field. Through the rate of

mass flow, the Reynolds number is coupled@oThus various Side Wall
values ofB correspond to various Reynolds numbers. Grid influ-

ence issues were considered, and grid refinement was applied, in \
both the normal and the axial directions. The presented results

were obtained by 7028x 39 grid points and the resul{snean

Nu andf values changed less than on percent as further refine-

ment to 11 28X 38 grid points was appliedgrid refinement

was already applied in the normal to wall directions, nanveind

Z directions. Because thg™ value is kept so low, the mesh near

wall becomes skewed, and the effects of this have been studied by

testing a 7 45X 45 grid. No changes have been observed using

this grid. These conclusions hold for both the AKN and CHC

models. The CPU times for calculations with EASM were about

70 percent higher than those of EVM.

/
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Ribbed surface

Fig. 2 Secondary flow vectors in a  YZ cross-sectional plane,
4 Results at X/e=5.5; (a) EASM and (b) EVM predictions (AKN predic-
tions )
The case considered in the present investigation has been stud-

ied experimentally if6]. The duct has a square cross section with

ribs on two opposite walls. The pitch to rib height ratio is 9 s region corresponds to the separation bubble in both the
(p/e=9), and rib height to hydraulic diameter is equal to 0‘jexperiments and the calculations. All models predict the zero ve-
locity point somewhere around/e=2.4, but the experiments in-
ates a position closer t&/e=3.4. This means that the calcu-
fons predict a separation zone in the symmetry plane almost 30
ercent smaller than in the experimental measurements.
The vertical velocity componelV) is measured at the symme-
y line (see Fig. 4. This velocity componentV), which is nega-
tive just downstream of the rib, can be related to the flow entrain-
ent from the mainstream to the recirculation zone. This flow
ings the cold air from the center in contact with the wall and an
Crease in heat transfer is expected. As can be seen in the figure,
| models give very similar results. However, no model predicts

presents a comparison between predicted Nu humbers and fric
factors at Re=30,000. The results for the friction factor show tha
both method§EVM and EASM predict the experimental values
of the friction factor within an error band of 3—6 percent, angr
Nusselt numbers withir-5 to 8 percent error. The Nusselt num
ber values are normalized with juysee Table Bwhich is the
same formula used for normalization of the experimental resul
However, the comparison shows that the EASM predicts a Iarqﬁ
friction factor than the EVM and with greater deviations from th
ex%eziment. Thde Iolif_ferenuﬁ in results between the AKN and C e value and locafion of the minimum.
turbulence models is small. : : :
Figure 2 compared the secondary flow pattern predicted by tQ?The rms values of the vertical velocity component at a distance

. h e=0.3 from the wall in the symmetry plane are presented in
two methoddEVM and EASM with AKN) in a Y-Z plane, where : :
X/e=55. As can be seen. the EASM predicts a stronger seco Fig. 5. The experimental results are compared with the square root

) > A ‘thevv component of the Reynolds stress tensor calculated with
ary flow pattern, and the maximum velocities shown in this f'g.urfﬁe EASM. The predictions are qualitatively correct, and the sec-
are about 2—3 percent of mean velocity in the main flow direction. '

This figure shows only a quarter of the duct cross section. Unfor-

tunately, there is no experimental evidence supporting the strength
or direction of this secondary flow pattern.

EVM with AKN model

Figure 3 shows the experimen{d] and calculated values for EVM with CHC model
the U (streamwisg velocity component between the ribs ate 08 | 7 T EASM with AN model
y p —--— EASM with CHC model

=0.1, i.e., theJ values very close to the surface. As shown inth 45| | B B EXPERIMENT
figure, the calculations captured the general trend fairly well, ¢

though brief differences occur at positions betwe@a=1.5 and 031
015
Table 3 Comparisons of mean thermal-hydraulic predictions, SI or

Re=30,000. Deviations from experimental data are given in per-
cent. f,=0.046 Re %2, Nuy,=0.023 Re®%Pr%* are the values of a

corresponding square duct. -3+
Method /fy, error % Nu/Nuy, error % Nu/Nuy, error % .45 -
(floor between ribs) (side wall)
EVM with AKN 1031, +3% 253, +8% 210, 2% R { ‘2 ‘3 "1 ; é ; é
EASM with AKN 11.25, +12.5% 240, -5% 2.10,-2% X/e
EVM with CHC 9.86, 1% 242, +3% 2.20, 43%
EASN Wi CHC TT673167% EFTRvT R Fig. 3 U component between two adjacent ribs at Y/e=0.1in
the symmetry plane (y/D=0.05)
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EVM with AKN model
—ereeeeee EVM with CHC model 225 L ——— EASM with AKN model
0.24 - — = — EASM with AKN model o e EASM with CHC model
— --— EASM with CHC model i - ® ® EXPERIMENT
0.16 - B B EXPERIMENT Y/ i
L z
s
0.08 - = 15 ‘%
E Y] I—
| L o [reesemmme T T e
g 0 I
08 5 125
[ ] ] n u
6L 10 -
24 75
) i | ! ! | | | | 5 L L L L L L )
: 5 : 4 S ; 7 2 0 15 3 15 6 75 9 05 12
X/e Xe
Fig. 4 Flow entrainment between the ribs at ~ Y/e=1 in symme- E'% 57 Zy;r_tl(c)aé fluctuation component in the duct center, Yib

try plane

ond rise in the vertical fluctuation component just upstream tr;éreammse component, it can be seen that both models overpre-

second rib is well captured. However, the predicted value at t E;t the values, but the CHC model presents rms fluctuations

maximum point is higher than in the experiments and it occurs ser to the experimental ones. A similar pattern is shown in Fig.
a smallerX/e value. for the vertical fluctuating component. Overprediction appears

Figures 6 and 7 show the measured and calculated rms valﬂgge too, but again the CHC model provides values closest to the

: iy . : i tal values.
on the centerline for the streamwideig. 6) and the vertical(Fig. experimen . .
7) components. The calculated and experimental results showThe mean Nu for the floor between adjacent ribs and the

only modest changes of these components inktdection so the >Mooth side walls are also compared in Table 3. As shown, all
trend is well captured by the simulations. In Fig. 6 showing th@.ethOOIS predict the Nusselt numbers in reasonable agreement
‘ ' with experiment. Figure 8 shows a comparison between predicted

and experimental local values(normalized with Ny
=0.023R&% %4 for a smooth dugt The prediction methods pro-

EASM with AKN model vide almost the same trend, but the EASM predicts lower values
~mnemcneee EASM with CHC model being closest to the experimental resulég for the AKN case.
40 B B EXPERIMENT The trend of the variations in Nu number between adjacent ribs

along this symmetry line is not the same for these two low-Re
models. As is evident in Fig. 8, the calculations with AKN result
30 - in a sharp rise in Nu just downstream of a rib and then Nu in-
creases all the way until the point of maximum Nu is reached.

35—

g5 This occurs at around/e=7. On the other hand, the CHC model

5 ol gives a sharper rise downstream of a rib, but then Nu falls and
% reaches a local minimum at arouXde= 2.5, and afterward there

S 15 is a smooth increase again.

Finally, the Nu enhancement pattern on the smooth side wall
for both method4dEASM and EVM is shown in Fig. 9. A similar
diagram has been provided experimentally and reproduced from

, , [6]. The experimental pattern shows somewhat higher values near
10.5 12

0
Fig. 5 The rms of vertical fluctuation velocity component be- >
tween the ribs at Y/e=0.3 in symmetry plane Main Flow Direction
W asp
25 - ——— EASM with AKN model
------------ EASM with CHC model
_ 25 m m EXPERIMENT Nu/Nug
S 15l
‘T
'-'I EVM with AKN model
2 20 EASM with AKN modef
W EVH with CHC model
E s T e
=
15
n [ | n
125 - -
10 1 | 1 1 1 ] 1 J
0 15 3 45 6 75 9 105 12 X/e
X/e
Fig. 8 Nusselt number enhancement predictions compared to
Fig. 6 Streamwise fluctuation component in the duct center, experimental results of [6] along the symmetry line of the duct
Y/D=0.5, ZID=0.5 between adjacent ribs
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Main Flow Direction

——

X

Fig. 9 Nusselt number enhancement pattern over the smooth side wall: (a) EVM with AKN
model, (b) EASM with AKN model, (¢) EVM with CHC model, and (d) EASM with CHC model
predictions, (e) experimental results from Rau et al.  [6]

the edges of the upper upstream side of the rib, but lower valugsiC. The friction factor predictions showed that the EVM gave
near the symmetry line &t/D =0.5 compared to the calculations.friction factors in close agreement with the experimental result,
The EASM predictions downstream of the rib demonstrate Bt the EASM gave large errors. The error in the friction factor
smoother change in Nu than the EVM for the AKN cases, but thisrediction using EASM was higher as the CHC model was ap-
difference is not as pronounced in the CHC calculations. This fagfied. However, the average Nu was predicted with satisfactory
may be attributed to the existence of a stronger secondary floyscuracy for all models. The EASM predicted stronger secondary
which in turn enhances the mixing process downstream the ribfo\y compared to EVM, but there are no experimental data avail-
able to confirm or oppose this fact.
5 Conclusions The EASM method requires larger computing times. The con-
A numerical investigation was carried out for prediction of th¥ergence behavior of the two low-Re models, AKN and CHC,
thermal-hydraulic characteristics in a ribbed duct. Two differeft@s found to be similar and they did not have the singular point
methods for determination of the Reynolds stresses were condiioblem in the recirculation zone.
ered. The test case was chosen identical to an experimental ruffhis study has shown that experimental studies with emphasis
[6]. To investigate the effects of the method for low-Re modelingn local values of the heat transfer and the flow fields are needed
two different models, AKN17] and CHC[18] were used. as turbulence models are evaluated. The local values will enable
The ability to predict the average Nusselt number was similaareful examination and judgement of different turbulence mod-
for EVM and EASM, and also for the low-Re models AKN ancels. It is also necessary that the experimental investigations pro-
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vide the local Reynolds stress fields and preferably turbulent heat Tragif 32% Friction in a Rectangular Channel,” Int. J. Heat Mass Trat.,
pp. - .

ﬂlfjxesa.be.caurs]e thef. n|§w advarl]lced Lurbmencfel m(}del(ljs are Ca.pa%?‘]ohnson, B. V., Wagner, J. H., Steuber, G. D., and Yeh, F. C., 1994, “Heat
of predicting t _ese '_e S a_s WQ as the m_ean ow _'e properties. = rransfer in Rotating Serpentine Passages With Selected Model Orientations

As the detailed discussion in the previous section made clear, for Smooth or Skewed Trip Walls,” ASME J. Turbomachi6, pp. 738—744.
the models used in the present study could not provide a perfed#] Parsons, J. A., Han, J. C., and Zhang, Y., 1995, “Effect of Model Orientation
picture of the velocity and thermal fields. Although all models gﬂd Wa'l;;'eat'ﬂlg\Aclftjadg!gnTonbL?ctal H”eallt tTrjmilfer tha Ro?tmgﬂ Two-Pass
tested have been able to provide the overall thermal and flow field ~Tfiere Zianne! Wi Rl furbuiators, it = Heat Mass Trarh, pp-
features reasonably well, further research in turbulence modelings) Hwang, J., and Liou, T., 1997, “Heat Transfer Augmentation in a Rectangular

is needed and new or improved models have to be examined in Channel With Slit Rib-Turbulators on Two Opposite Walls,” ASME J. Tur-

demanding test cases of engineering relevance.

Nomenclature

bomach.,119, pp. 617-623.

[6] Rau, M., Cakan, M., Moeller, D., and Arts, T., 1998, “The Effects of Periodic
Ribs on the Local Aerodynamics and Heat Transfer Performance of a Straight
Cooling Channel,” ASME J. Turbomachl20, pp. 368—375.

c. = specific heat [7] Acharya, S., Dutta, S., Myrum, T. A., and Baker, R. S., 1993, “Periodically
P P . - Developed Flow and Heat Transfer in a Ribbed Duct,” Int. J. Heat Mass
D = hydraulic diameter Transf.,36, pp. 2069—2082. o
e = ”b hEIght [8] Liou, T., Hwang, J., and Chen, S., 1993, “Simulation and Measurement of
f = friction factor Enhanced Turbulent Heat Transfer in a Channel With Periodic Ribs on One
f., fﬂ = damping functions, Table 1 Principal Wall,” Int. J. Heat Mass Transf36, pp. 507-517.
g = auxiliary variable [9] Prakash, C., and Zerkle, R., 1995, “Prediction of Turbulent Flow and Heat
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- Turbomach. 117, pp. 255-264.
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y - . Predicting Fluid Flow and Heat Transfer in Separating and Reattaching
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_ B ; ; Reynolds-Number Turbulence Model Applicable to Recirculating Flow in Pipe
I dynamic VISQOSIM.mOIecu'ai Expansion,” ASME J. Fluids Eng117, pp. 417-423.
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A Study of Convective Heat
Transfer in a Model Rotor—Stator
Disk Cavity

In this study, the fluid (air) temperature field and the convective heat flux distribution on
the rotor disk surface were measured and computed in a model—stiator disk cavity.

R.P. RUV Both mainstream flow and secondary air flow were provided. The radial distribution of
convective heat transfer coefficient on the rotor disk surface, which was calculated as the
G. Xu ratio of the local heat flux and the local temperature difference across the thermal bound-
ary layer on the disk, is also reported. In the experiments, the disk rotational Reynolds
J. Feng number, Rg, ranged from 4.6%10° to 8.6x10°, and the nondimensional secondary air
. flow rate, g,, ranged from 1504 to 7520. The secondary air was supplied at the cavity
Department of Mechanical and Aerospace hub. All experiments were carried out at the same mainstream air flow ratg, Re
, Engineering, =5.0x10°. The cavity fluid temperature distribution was measured by traversing minia-
Arizona State University, ture thermocouples, and the rotor disk surface temperature and heat flux were measured
Tempe, AZ 85287 by a quasi-steady thermochromic liquid crystal technique in conjunction with resistance

temperature detectors embedded in the disk. The measurements are compared with pre-
dictions from the commercial CFD code Fluent. The Fluent simulations were performed
in the rotationally symmetric mode using a two-zone description of the flow field and the
RNG k-& model of turbulence. The convective heat transfer coefficient distribution on the
rotor disk surface exhibited the influence of the source region and the core region of air
flow in the cavity. In the source region, which is radially inboard, the convective heat
transfer was dominated by the secondary air flow rate. In the core region, which is
radially outboard, the heat transfer was dominated by the rotational motion of the fluid
relative to the rotor disk. An empirical correlation for the local Nusselt number on the
rotor disk surface is suggested for the core regidiOl: 10.1115/1.1371776

1 Introduction 3000<c,,< 18,600 and &« 10°<Re,<1.86x 1¢°. However, nei-

In the first few stages of high-temperature gas turbines, secofi@er the axial location of the temperature sensor in the cavity gap
ary air must be supplied to the rotor—stator cavities to prevefr the fluid temperature variation across the gap were reported.
ingestion of hot mainstream gas. Cooler air bled from the corRibelius and Heinen5] obtained the convective heat transfer co-
pressor is usually used for this purpose. However, this exactgficient distribution on the rotor disk surface by measuring the
penalty on turbine cycle performance. Secondary air usage mbégt flux on the disk and the air temperature at the cavity mid-
therefore be reduced to the extent possible while maintaining pigne(gap ratioG=0.0125, 0.0625, and 0.1376:=800 mn) at
sealing and cooling functions. Efficient use of secondary air reix radial positions forc,=0, 6.7x10%, 13.4x10%, and 6.0
quires a good understanding of the flow and thermal fields in the1(®°< Re,<1.93X 10°.
cavities and the mainstream gas path. Metzger et al[6] employed the transient thermochromic liquid

Heat transfer in rotor—stator cavities has been studied extefystal technique to measure the local convective heat transfer rate
sively. Kapinos[1] invoked the Reynolds analogy to obtain &n a rotor disk in a rotor—stator configuratiorG£€0.1, b
relation for the local convective heat transfer coefficient at the 102 mm). The secondary air was introduced at the cavity hub
rotor disk surface for the case of superposed radial outflow in thad at other radial locations. The experiments were performed at
cavity. He assumed that the fluid radial velocity remained invarke, =2 71x 10°, 4.64x 10° and 856<c,,<1200. The local con-
ant across the cavity axial gap, the core fluid tangential velocifpctive heat transfer coefficient, which was based on the second-
was zero, and the core fluid temperature was the same as i¢ ajr temperature at cavity inlet as the reference temperature,
secondary fluid temperature at cavity inlet. These assumptiofgs ohserved to decrease radially up to the disk rim. The heat
may not be appropriate in many situations. Metzgdrand Owen yangfer coefficient at/b=0.8 was only 15 percent of the value
et al.[3] meas.ured the average convective heat transfer coefficightan, by the free disk correlations of Kreith et &] and Dorf-
at the rotor disk surface, based on an average disk surface %&1[8]. Bunker et al[9,10] used the transient liquid crystal tech-
flux and the temperature difference between the surface and [h&,e {5 measure the radial distribution of convective heat transfer

incoming secondary air. The results from these studies show tg fficient on a rotor disk in a rotor—stator cavig € 0.05, 0.1
the average convective heat transfer coefficient on the rotor digkz. '~ 100 mm). The ranges of the experimenté were: 2.0

surface increases with the disk rotational speed and secondary - .
flow rate. Also, the average heat transfer coefficient is smallt>§.h'r()5<Re<f><5'0>< 10°, 835<c,,<1670. In this study, the fluid

than the corresponding free-disk value whpis lower than the mixed-mean temperature radial profile was estimated from a heat
free disk pumping flow rate. Qureshi et p4] measured the local balance and then used to determine the convective heat transfer
fluid temperature at five radial positions in a disk cavity to obtaigg?eﬁ'c'em' However, as the authors pointed out, the calculations

radial-segment-averaged convective heat transfer coefficients not account for.elther recirculating flows or rotation of the
core fluid in the cavity.

Contributed by the International Gas Turbine Institute for publication in the Kim and Kfle;]nmar[ll] e.XteEded the V¥0rk of Me.tder et 4] i
ASME JOURNAL OF TURBOMACHINERY. Manuscript received at ASME Headquar- IN @ s_tUdy of t _e C_OnV_eC“Ve eat trans e_r coefficient and cooling
ters March 2001. Associate Editor: R. S. Bunker. effectiveness distributions on the rotor disk of a rotor—stator cav-
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ity (G=0.1,b=125 mm) with rim seals. The experimental ranges The axial gaps, between the rotor and stator disks was main-
were: Rg=6.56x 10°, 6.84x10°; 2070<c,<16,540. The re- tained at 16.5 mm. This corresponds to an axial gap r&jomf
sults that were obtained may be questioned since the local flfid84. _ _
temperature in the cavity could not be due simply to the mixing of The method employed to measure the convective heat flux dis-
the main and secondary flows at their respective inlet tempefgbution on the rotor disk utilizes a thermochromic liquid crystal
tures as was assumed, but would also be affected by the heidC) coating along with video data acquisition and computer-
transfer between the fluid and the rotor and stator disks. assisted image analysis. A thin layei.€ 1 mm) of low-thermal-

Influences of the secondary air flow rate, rotor disk speed, ag@nductivity epoxy, Hysol RE203%¢=0.21 W/m/K), covers the
axial gap ratio on the rotor disk heat transfer in a disk cavity witdisk surface facing the cavity over the regiom
throughflow of secondary air were studied by Lofig]. The =44.5-180.2mm. Black paint is then sprayed on the epoxy layer
secondary air inlet temperature was used to calculate the lokalserve as background for enhancing the brightness and color
convective heat transfer coefficient on the rotor disk. More ré&ontrast of the TLC. Next, TLC is airbrushed onto on the black
cently, Chen et a[[13] and Wilson et al[14] employed the adia- Paint (=10 um coating thicknegs The TLC used in the present
batic rotor disk temperature corresponding to the secondary Wierk is R45C1W(Hallcrest, Inc) for which the nominal tempera-
inlet temperature to obtain the heat transfer coefficiefidres for initiation of red, green, and blue colors are, respectively,
distribution. 45°C, 45.5°C, and 46°C. The temperature for green color display

At engine conditions, windage influences the disk cavity a@t 70 percent threshold was found by calibration to be 45.8
temperature. Depending on the experimental condition in a lab.0-2°C. During experiments, the TLC color information is ob-
ratory rig, this influence may or may not be significant. tained by analysis of standard chrominance video signals.

As the preceding literature survey demonstrates, most of theFour resistance temperature detect@®3Ds) were embedded
studies to date have used either the secondary air inlet temperatlrée rotor disk at an axial distance of 7 mm from the disk surface
or the corresponding adiabatic rotor disk temperature as the ref@&cing the cavity at four radial locations£ 81, 110, 144, and 173
ence temperature to obtain the local convective heat transfer £3m) to measure the substrat@luminum temperature. The RTD
efficient on the rotor disk. The local core fluid temperature woulgignals are transmitted through a slip-ring to a data acquisition
have been more appropriate as the reference tempefafiirdt ~ System(Analogic 6500. For each experiment, a best-fit quadratic
should also be noted that neither stator vanes nor rotor bladgtion was constructed from the four temperatures. The instan-
were involved in the experimental apparatus, although they dRheous substrate temperaturg, dt any radial position was then
known to play key roles in mainstream gas ingestion into tHbtainable from this relatiofsee Fig. 8 _
cavity and consequently can influence the fluid temperature fieldT0 measure the fluid temperature distribution in the cavity,
in the cavity. T-type thermocouplegeach a mini-hypodermic probe with needle

In the present study, the fluid temperature distribution and ttséameter of 0.2 mm, time constant10 ms, Omegawere in-
local convective heat transfer coefficient distribution on the rot&talled at the five radial locations shown in Figajland traversed
disk surface were measured in a rotor—stator cavity. The héagally in the cavity gap. The temperature data were acquired by a
transfer coefficient was obtained as the ratio of the local surfab&UKE data acquisition system. The stator disk surface tempera-
heat flux and the local temperature difference across the therriges at the same five radial locations were assumed to be equal to
boundary layer. Key features such as stator vanes, rotor blad&é, air temperature measured by the corresponding thermocouples
and rim discouragereal$ were provided in the apparatus. Com-at an axial position very close to t.hg stator disk. Additionally, the.
putations giving the same quantities were carried out using tAinstream air and secondary air inlet temperatures were moni-

commercial CFD code Flueht6]. tored continuously by two J-type thermocouples.
During the experiments, two separate cooling systems were

: required—one for the slip-ring assembly, and the other for the

2 Experimental Apparatus and Procedure rotor shaft and bearing adjacent to the rotor disk, which was prone
The rotor—stator disk cavity is shown schematically in Fig. %o overheating due to friction.

Mainstream air is supplied by a centrifugal blowédauck Each heat transfer experiment was performed in a quasi-steady

equipped with a variable-frequency motor drive and capable efate manner with the rotor disk cooling down slowy0.3°C/

providing up to 1.42 rils (=3000 cfm air flow rate. This flow min) from its initial temperature of approximately 60°Ghe

rate is measured by a pitot tube reketh five pitot tubeglocated heat-up being by the radiant heateAssuming the temperature

in the suction duct of the blower. The rotor—stator section is lafifference across the aluminum substrate between the RTD loca-

cated on the suction side of the blower, allowing the section tion and the aluminum—epoxy interfade=6 mmm) to be very

remain optically accessible from the radial as well as at@@l  small, the heat flux at any position on the rotor disk surface can be

inlet) directions. The secondary air is supplied through a 38.1 mgalculated as:

I.D. pipe by another centrifugal blowdHauck also equipped

with a variable-frequency motor drive and capable of providing " (Ts=Twro 1
up to 0.12 ni/s (=250 cfm air flow rate. The secondary air flow Qw,ro = Ke 8e @
rate is measured by a turbine flowmetédEG&G Flow ) ) )

Technology. wherek, is equal to 0.21 W/m/Kg, is equal to 1 mm, and,, is

The 0.403 m(15.875 in) diameter aluminum rotor disk is the disk surface temperature corresponding to green color display
equipped with 52 partial height bladés- one-third of actual at 70 percent threshold'(,=45.8+0.2°C). This heat fluxqy, , ,
height in enging This partial blade height allows the axial velocis comprised of the convective heat flu, ., cony, from the rotor
ity of the mainstream air to approach or exceed the rotor disk ridisk surface to the cavity fluid, and the radiative heat flux,
speed at specific combinations of the air flow rate and disk spee@. . from the rotor disk surface to the stator disk surface. The
A variable-frequency motor drive can rotate the disk up to a spegsHiative heat flux can be estimated as
of 5000 rpm. The plexiglass stator disk, of the same diameter as
the rotor disk, is equipped with 59 partial height vanes. The vanes Y o[ (Tyrot 273.154—(vast+ 273.15%]
turn the mainstream air by 55 deg, imparting a realistic swirl to Qw,ro,rad= s, +1/e,—1 @
the flow. A 2 kWradiant heater unit of annular cross section was
constructed and installed adjacent to the aluminum rotor disk where o is the  Stefan—Boltzmann constant (5.67
the side away from the cavity. In this unit, the heater is embeddedL0 8 W/m?/K*), &, is the emissivity of the rotor surface
in a ceramic plate and heats the rotor disk to desired temperat(=0.97), and e, is the emissivity of the stator disk surface
levels. (~0.80. T, s; was equated to the average of the stator disk sur-
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Fig. 1 The rotor—stator system

face temperatures at the five thermocouple locations. The lotlaérmal boundary layer outer edge at each thermocouple position,
convective heat transfer coefficient may now be calculated as a separate experiment was performed at each experimental condi-
q. Mgl (n-q tion. In this experiment, the axial distrib_ution qf cavity_fluid t_em_-
h(r)= —r2cn — wro w.ro,rad (3) perature was measured at each of the five radial positions within 2
Twro~ Tref(T) Tw,ro™ TrefT) minutes of when the rotor disk surface temperature at that position
The fluid temperature at the outer edge of the thermal bounddgached 45.8°Qthe TLC transition temperature at 70 percent
layer on the rotor disk at any radial location was adopted as theeen color intensity For each experiment, a best-fit curve was
value of T, at that position. To determine the location of theconstructed on the basis of the five measuFgdvalues(see Fig.
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8). The T, value at any radial position could then be obtainetivo J-type thermocouples located at a distance of 600 mm from

from this curve. the rotor disk slightly above and slightly below the disk shaft
The adiabatic disk temperature based on the local air tempecanterline. This temperature was adoptedTas in Eq. (3) to

ture and the local velocity differencél)f —V ) may also be used determine the local convective heat transfer coefficient on the disk

as the reference temperature in E8). [17]: surface.

The local Nusselt number versus the local rotational Reynolds

_ 2
Tre(1)=Ta(r)+ RM (4) number plots for Rg=4.75X 10°(2000rpm) and 7.14
2C, X 10°(3000 rpm) are shown in Fig. 2. Three distinct regions can
whereR=Pr3. If 8=0.4, then ar =b~0.197 m, be identified in this plot: a laminar boundary layer region, a region
of transition from laminar to turbulent boundary layer, and a tur-
R(QF—V¢)2 0.6°C bulent boundary layer region. Transition appears to commence at

Red,,,mleof’ and the boundary layer is fully turbulent when

2C
P o : : :
e, >3x10°. This is consistent with the results obtained from

This was not done in the present work. The use of adiabatic di : o . . .
temperature in determininig will increase the rotor disk Nusselt 1 v;l \[/::-SgL]Jahzatlon using the china-clay technique by Gregory

number by between about 3 percénear the hupand about 10

percent(near the rin. In the laminar boundary layer region, 3§2><105, the mea-

In calculating Ny and Gy, air properties at the local film tem- sured values fall consistently below the predictions by a correla-
perature were used, this temperature being the average of the rg from Kreith et al[7], the.dlscrep.ancy dgcreasmg as the. local
disk surface temperatufd5.8°0Q and the local thermal boundary 2 ational Reynolds number increases., radially outwardl This

' discrepancy is caused by the alteration of the boundary layer on

layer outer edge temperature. : . :
The effect of natural convection was not considered sint%gef rotor disk by the disk hub cap, of 42 mm radius and 12 mm
&2 less than 0.08 for all experiments. eight at its center, Fig.(a). 'I_'he influence of the hl_Jb cap de-
Gr /R€,, was o xperr creases radially outward. It is noteworthy that while the local
The experimental conditions are given in Table 1. The nondsselt numbers obtained from experiments at the two rotational
mensional free disk pumping mass flow rate at each rotationgloq g essentially overlap for Re-1x10°, the local Nusselt
speed is also shown. Uncertainty estimates of the measurem Sbers for 3000 rpm are smaller than ,those for 2000 rpm at

were carried out using standard techniques for single-sample mﬁ%:,”<1><105. This is because the radial position corresponding

surement$18]. Table 2 lists the results. . . !
The rise in temperature of the cavity air due to windage wa Fingpggg"n value of Rg; is closer to the hubcap at the higher

estimated for the conditions of Table 1 and found to be less th In the turbulent boundary layer region, 5@3><105, the mea-

1°C. . 9 :
surements are compared with the predictions by a correlation due
. . L . to Dorfman[8]. The agreement is reasonably good, the average
3 Free-Disk Experiments and Validation of Disk Sur- jitference b[eiawg abou?s percent. v9 9

face Heat Flux Measurement

Heat transfer experiments were carried out first with the rotor
disk operating as a free disk to validate the experimental methdd Computational Method

because heat transfer from free disks is well unders{8¢d,§|. The commercial CFD code Fluent, version 5.0, was used to

For these experiments, the stator disk, secondary air inlet PIR%culate the fluid flow and heat transfer in the rotor—stator disk

and the outer shroud were removed from the apparatus. The vity and the main gas path. The simulations were carried out in

bient air temperature was equated to the average of the OUtpUt§h(%\{steady rotationally symmetric mo¢dl variables are assumed

to be ¢-independent The two-layer model of Wolfsteif20] was
used. In this model, the flow domain is divided into two lay@ns

Table 1 Experimental conditions zones on the basis of the Reynolds number:
Re, Re, Cw Cw i my/my, (%) pyky
5 3 Rg=——- ®)
5.0x10° | 4.65x10° | 1504 7490 |0.51 e
5.0x10° | 4.65x10° | 3008 7490 | 1.03
5 S
5.0x10° | 4.65x10° | 7520 7490 |2.55 104 R —r——r
5.0x10° | 7.0x10° | 1504 10390 | 0.51 [ 4 Experiment (Re,=7.14x10%)
I —— Kreith et al. (1966) |
5.0x10° | 7.0x10° |3008 {10390 |1.03 10° | =~ Dorfman (1963) e
5.0x10° | 7.0x10° | 7520 10390 |2.55 i
5.0x10° | 8.6x10° | 1504 12250 |0.51
5.0x10° | 8.6x10° | 3008 12250 | 1.03 |
1| Laminar Turbulent
5.0x10° | 8.6x10° | 7520 | 12250 | 2.55 10 boundary layer % boundary layer
‘;
100 4 I l I Y ‘ I I T 6
Table 2 Estimated uncertainties 10 10° 10
I Turo I q :v,ro h Nu, Re, Cw Rem Reo,r
Uncertainty [ 0.3°C| 0.2°C |+ 03°C |+ 8% |2 10% [=10% J=2% [=5% £3% Fig. 2 Radial distribution of Nusselt number for free rotor disk
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wherey is the normal distance from the wall. When,R€00, the ally symmetric mode or the steady three-dimensional mode pre-
high Reynolds number renormalization grotgiNG) modelk and dicted main air ingestion, although tracer gas experiments indicate
& equations were solved. When R&00, only thek equation was that ingestion occurred at six of the nine conditions given in Table
solved ande and the turbulent viscosity were calculated frond (all exceptc,,=7520)[25]. The cavity axial gap was sufficiently
algebraic equations suggested by Chen and P2t¢lI This choice large for separate boundary layers to form on the rotor and stator
for the present calculations had its basis in a sfi#8} in which disks at all of the experimental conditions listed in Table 1. A
the Daily and Necg23] experiments were simulated using severaiecirculation region developed radially inboard in the cavity,
models. The best agreement with the experimental data wakere a strong radial outflow was found close to the rotor disk
achieved with the aforementioned model. and a weak inflow near the stator disk. In this, the source region,
A large number of grid points were packed near the walls whiletation of the core fluid was minimal. The radial extent of this
the grid away from the wall was relatively coarse. Also, the gridegion increased with the secondary air flow rate, and decreased
point adjacent to the wall was alwaysyat<1. slightly as the rotor disk speed increased. Radially outboard, in the
Steady three-dimensional simulations in which the near-walpre region, the flow was dominated by its tangential velocity
description was replaced by a wall function were also performeexcept when the secondary air flow rate was hifgin example,
Figure 3(to be discussed in detail lajeshows the computa- close to the free disk pumping flow rate
tional domain for the rotationally symmetric simulations. The

vane was not included explicitly; instead, the swirl velocity im- 5.1 Fluid Temperature Distribution in the Disk Cavity.

parted by it was added to the axial velocity of the incoming ma”ﬁf mentioned earlier, when the rotor disk surface temperature at

stream air, and this provided the velocity boundary condition i, "¢ the five thermocouple radial locations reached the TLC
the vane trailing edge plane. The other boundary conditions were,

the pressure at the main gas path diiie rotor blade was not Fansition temperature, the cavity fluid temperature axial distribu-

included, th d ir velocity at th v Di " tion was measured quicklgwithin a 2-minute interval at that
Includeg, the secondary air velocity at the supply pipe entrance, ;o |cation. Figure 4 shows, in a nondimensional form, the

gﬂffgsgtqehgm?;nzogr;g:g agtsorsgt'stlg Zugfgﬂcﬁe;'_l_fg tt?aengi)ttighdlg ial temperature distribution at the five radial locations for the
' P . periment: Rg=7.0x 10°, ¢,,=3008, Rg,=5.0X 10°. Based on

temperaturg while the average of the measured temperatures A v g
. . s . : these distributions, the axial positions of 2.5 mg=0.15),
five radial positions was prescribed at the stator disk surface. 3 mm (x/s=0.18), 3 mm, 3 mm, and 3 mm from the rotor disk

| d Di . surface were chosen to be the outer edges of the thermal boundary
5 Results and Discussion layer on the rotor disk at=45.5, 81, 110, 144, and 173 mm,
Experimental and computational results for the fluid temperaespectively, for this experimental condition.
ture distribution in the disk cavity and the convective heat transfer The fluid axial temperature profiles computed by Fluent, also
coefficient distribution on the rotor disk surface are presented asdown in Fig. 4, indicate that, in the source region, the axial
compared here. The effects of the significant parameters—for eégmperature gradient at the rotor disk surface becomes steeper
ample, secondary air flow rate and rotor disk speed—are dedially outward(this is not visible in Fig. 4 This is indicative of
scribed. Additionally, the convective heat transfer coefficients aes increase in the disk surface heat flux radially outward in the
compared with selected measurements from the literature. source region, this being aided slightly by the higher thermal con-
The flow field in the disk cavity was briefly described by Royductivity of air as its temperature rises. In the core region, the
et al.[24] on the basis of experiments and simulations. Figure t8mperature gradient at the rotor disk decreases radially outward,
shows the computed flow field for one experimental conditiorthis contributing to a decrease in the disk surface heat flux in spite
None of the simulations performed in either the steady rotatioof the continued increase in the thermal conductivity of air. These
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Air out —i Vane ..
Air in

Core region

e S \L._iﬁo‘ !
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I
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I
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i
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Fig. 3 Computed streamlines for Re ,=7.0X10°, ¢, =3008, Re,=5.0X 10°
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Fig. 4 Fluid temperature distribution in the disk cavity for (a) =81 mm
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trends will be used in section 5.2 to explain some features of t g7 1%
convective heat transfer coefficient distribution on the rotor dis % 06
Also, radially inboard in the cavity, for example &t 45.5 mm, ,} .
both the measurement and the Fluent calculation indicate a si=, 05
stantial drop in the cavity air temperature axially from the rotclT: 0.4
disk. This is mainly due to the strong flow of the incoming secz
ondary air in the region.

In the vicinity of the stator disk, the fluid temperature as mes 0.2
sured changed little axially at the two innermost radial locatior
and decreased as the disk surface was approached at the t
radially outboard locations. The measured air temperature near 99
stator disk was lower at=173mm compared to that at
=144 mm. This is quite possibly due to the combined effects «
the ingested cooler mainstream air and heat loss to the stator d
In the event of ingestion, the cooler mainstream air would mi.. (b) r=173 mm
with the higher temperature cavity air from the vicinity of the_. ) ) )
rotor disk surface rim and then flow radially inward along th&'d- > E.ﬁec.t of rotor disk speed on the Cav'té.{ fluid tempera-
stator disk. ture distribution for  ¢,=3008, Re,,=5.0X10

The measured and computed fluid temperatures near the rotor
disk surface agree well, Fig. 4, and the measured and computed ) ) )
axial temperature distributions at45.5 and 81 mm are similar. _ 5-1.2 Effect of Secondary Air Flow Rate on the Cavity Fluid
There are, however, significant differences between the measufé&inperature Distribution. Figures 6a, b) show the measured
outermost radial locations. It should be noted that an isothernf@Vity atr =81 and 173 mm, respectively, at three secondary air
boundary condition was prescribed at the stator disk surface in fif&w rates €,) and Rg=7.0x 10°, Rg,=5.0x 10°. Atboth radial
computations whereas the actual condition at the stator is neittRgations, the fluid temperature was lower when the secondary air
isothermal nor adiabatic. Furthermore, the simulations, whidlpw rate was higher. The heat flux at the rotor disk surface in-
were performed in the rotationally symmetric mode, were unabféeased wittc,,. At r =173 mm, which is in the core region, heat
to predict main gas ingestion in cases where ingestion definitdggs to the stator disk increased @g decreased. Also, the fluid
occurred according to the recent tracer gas experiments perforni@@perature drop in the axial direction commenced farther from
in this rig. The implication is that the computed flow and thermdhe stator disk as,, decreased. These trends may be due to in-
fields radially outboard in the disk cavity have some inaccuraciegestion of the cooler main air into the cavity.

0.3

0.1

] 1 1 ) 1 1 1 ] 1
00 01 02 03 04 05 06 07 08 09 1.0

(Rotor) x/s (Stator)

5.1.1 Effect of Rotor Disk Speed on the Cavity Fluid Tempera-5.2 Convection Heat Transfer Coefficient Distribution on
ture Distribution. Figures %a, b) show, at three disk rotational the Rotor Disk Surface. During each quasi-steady state experi-
Reynolds numbers ar},= 3008, Rg,=5.0x 10°, the axial distri- ment, the rotor disk substrataluminum) cooled at a rate slightly
bution of fluid temperature in the disk cavity at=81 and 173 lower than 0.3°C per minute. The corresponding cooling rate of
mm, respectively. Both measured and computed distributions dhe air at the rotor disk thermal boundary layer outer edge at the
shown. Atr=81mm, which is in the source region, the fluidfive thermocouple radial locations was substantially lower than
temperature distribution near the rotor disk remained essentiafly3°C per minute. These are shown in Fig. 7 for the experimental
the same at each Reindicating that the heat flux at the diskcondition Rg=7.0x 10°, c,=3008, Rg=5.0X 1. In Fig. 8,
surface changed little. The fluid temperature near the stator disle radial profiles of the rotor disk substrate temperature and ther-
increased slightly with Rgas did the disk surface heat flux. Also,mal boundary layer outer edge temperature at one time instant
the thermal boundary layer on the rotor disk became thinner @&s=1000s) are shown. Each profile could be fitted with a qua-
Re, increased. dratic expression for all time instants. The rotor disk substrate
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Fig. 6 Effect of secondary air flow rate on the cavity fluid tem-
perature distribution for Re  ,=7.0X10°, Re,=5.0X10°
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Fig. 7 Measured variation of rotor disk substrate temperature

and fluid core temperature with time (=0 s is the beginning of
the rotor disk cool-down ) for Re ,=7.0X 10°%, ¢,=3008, Re,,
=5.0X10°
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Fig. 8 Measured radial profiles of rotor disk substrate tem-
perature and fluid core temperature at one time instant (t
=1000s) for Re ,,,=7.OX105, ¢, =3008, Re,,=5.0X10°

temperature and thermal boundary layer outer edge temperature at
the time of TLC color transition at any particular radial position
were then obtained from the respective quadratic fits. Figure 9
shows the plot, versus radius, of the measured thermal boundary
layer outer edge temperature at the time of TLC color transition
on the rotor disk surface. The measured values are slightly higher
than those predicted by Fluent.

In Fig. 10, the measured and computed radial distributions of
the heat flux at the rotor disk surface are shown for the same
experiment. The heat flux is the response to the thermal driving
force, (T,,— T,er), and the convective heat transfer coefficient. The
measured and computed distributions are similar, although the
latter is somewhat higher. An examination of the disk cavity flow
field is helpful in understanding the heat flux distribution. The
incoming secondary air impinges on the rotor disk at the hub and
then flows radially outward. No measurements were made on the
hub cap, but the Fluent computation is available. Here, the radial
heat flux distribution resembles that due to jet impingement. At
the periphery of the hub cap, the calculation shows a sharp de-
crease in heat flux. A saddle separation point due to a small recir-
culation bubble is predicted here. This is followed by a sharp
increase in heat flux due to reattachment. The TLC measurement
began immediately outboard of the hub cap periphery. The heat
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Fig. 9 Thermal boundary layer outer edge temperature at the
time of TLC color transition on the rotor disk surface versus
radius for Re ,=7.0X10°, ¢,=3008, Re,,=5.0X10°
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3000 0 Exoriment good in thg core region of the disk cavity. It i§ !es; S0 in thg
. FL‘LENT source region where the effect of secondary air impingement is
2500 felt.
5.2.1 Effect of Rotor Disk Speed on the Convective Heat
«’E‘ 2000 Transfer Coefficient Distribution. Figures 12a—c) depict the ef-

s fect of rotor disk speed on the convective heat transfer coefficient
Z 1500 distribution on the disk surface at three secondary air flow rates.
E_ The influence of rotor disk speed is somewhat different in the
%> 1000 - by source and core regions, and at the different secondary air flow

: rates.

°d“t='f In the source region, the fluid radial velocity in the rotor disk
500 - fmf;ec‘;p_’i boundary layer strongly influences the heat transfer at the rotor
disk surface. The radial velocity decreases radially outward. The

0 . L L L - ! L ! ! effect of the relative tangential velocity between the rotor disk and

0 20 40 60 8 100 120 140 160 180 200 he ore fluid is substantial especially in the core region where it

Radial position, (mm) has a much stronger influence than the flow radial

velocity.

Fig. 10 Radial distribution of heat flux on the rotor disk sur- At each secondary air flow rate, the relative tangential velocity

face for Re 4,=7.0X10°, ¢, =3008, Re,,=5.0X10° between the rotor disk and the core fluid increases radially out-

ward in the cavity(see Roy[24] for these resuljs Also, the rela-

tive tangential velocity increases with ReCompounding the

complexity of the convective heat transfer at the rotor disk is the
flux decreases radially outboard from the high value caused by thgested cooler mainstream air which probably commences its
reattachment. This is followed by an increase radially outwattfluence immediately outboard of the source region. The magni-
until the end of the source region is reached. In the core region tugle of ingestion increases as the secondary air flow rate
heat flux decreases in the radial direction. decreases.

Figure 11 shows the radial distribution, based on measurementI'he Fluent results foh are also plotted in these figures. Agree-
of the convective heat transfer coefficient on the rotor disk for thgent with the measured distribution is good in some regions for
experiment Rg=7.0X 10°, c,,=3008, Re=5.0x 1C° (the same certain combinations of Rgandc,, . In other cases they differ by
experiment as Figs. 7—10In the source region of the cavity Up to 25 percent.
where the influence of secondary air flow is strong and the tan-Some features of the measured h-distributions should be noted.
gential velocity in the fluid core modest, the trend in h is similar tét small radii, 45 mm<r<<55mm, the heat transfer coefficients
that in the surface heat flux. In the core regibrincreases with do not differ by much at the three rotor disk speeds. This is espe-
radius. Referring to Figs. 9 and 10, even though the surface heiglly the case at the two lower secondary air flow raigg) ( At
flux decreases radially in the core region, the core fluid tempera= 80 mm, the heat transfer coefficients are significantly affected
ture increases such that the overall effect is an increake in by the disk speed. The impingement-like peaks gt 1504 for

Also shown in Fig. 11 is the radial distribution bfcalculated the two higher disk rotational Reynolds numbers fRenay be
using Fluent. Agreement with the measured distribution is reasatde to the ingested mainstream air encountering the rotor disk
ably good, the calculated values being typically 8 percent highdere.

One factor contributing to this difference may be the isothermal
boundary condition at the stator disk surface that was used in tﬂ
calculations.

The convective heat transfer coefficient distribution at the rot

e5.2.2 Effect of Secondary Air Flow Rate on the Convective
€at Transfer Coefficient Distribution.Figures 18a—c) show
he influence of secondary air flow rate on the rotor disk convec-
disk surface predicted by a correlation due to Kapifisis also Ive heat transfer coefﬂcne_nt dlstrlbutlon at three disk rotational
plotted in Fig. 11. Agreement with the experimental values %p_eeds_. In the source region .Of the cavity, the he?‘ transfer coef-
icient increases markedly with the secondary air flow rate. It
should be borne in mind that, at a given Réhe source region
extends radially outward with higher secondary air flow rate. In
the core region, the secondary air flow rate influences the heat

250 1 transfer coefficient at higher Re
[ O Experiment
i —— FLUENT 5.3 Comparison With Earlier Works. In Fig. 14, the rotor
200 - —— Kapinos(1965) disk convective heat transfer coefficient data from one experiment

(Rey=8.6x 10°, ¢,,= 7520, Rg,=5.0x 10°) have been compared
in the nondimensional format Nwersus Rg, with selected data
from two earlier works, Dibelius and HeingB] and Chen et al.
[13], obtained at broadly similar conditions. The latter data were
read off the respective figures; as such, some inaccuracy may have
been introduced in these.

The present data agree with those of Dibelius and Hei6gto
within 5 percent. The discrepancy between the present data and
those of Chen et al[13] increases when 3§>3><105. Chen
et al. used the secondary air temperature at cavity inldtaso

ol L L L ! ! L I L ! calculate the local convective heat transfer coefficient rather than
0 20 40 60 80 100 120 140 160 180 200 the corresponding thermal boundary layer outer edge temperature.
Radial position (mm) Since the latter temperature is higher, its us& gswill provide a
higher localh.
Fig. 11 Convective heat transfer coefficient distribution on the The measureti distribution is also compared with the Kapinos

rotor disk surface for Re 4,=7.0X10°, c,=3008, Re,=5.0X10° correlation[1]. Good agreement is seen for Re3x 10" (the core
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Fig. 12 Effect of rotor disk speed on the convective heat Fig. 13 Effect of secondary air flow rate on the convective
transfer coefficient distribution heat transfer coefficient distribution

. . . L the inner part of the source region. As such, the Kapinos correla-
region) while they are higher than the correlation in the SOUrCEon will be unsatisfactory there

region. The cor_relatlon, Wh'(.:h is based on a momentum integralry, present data agree reasonably well with Fluent predictions.
approach, considers the radial and tangential velocity components

of the cavity air flow but not the axial velocity component, which 5.4 Correlations. The heat transfer data from this study
can be expected to give rise to impingement-like heat transferwere used to develop an empirical correlation for the local con-
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10°p 100

O  Present data (G=0.084, Re¢=8.6x105, c,=7520) O  Expt. data (c,=1504, /b>0.43)
<& Dibelius and Heinen [ & Expt data (c,=3008, /b>0.38)

(1990, G=0.0625, Re,=1.93x10°, ¢,=6.7x10") O Expt data (c,=7520, /b>0.62)
A

| — Present correlation
103 & — — Kapinos (1965)

Chen et al. (1996, G=0.12, Re,=1.25x10%, ¢,=6100)
103 O Chenetal. (1996, Re,=1.25x10°, ¢,=2530)

E —-— Kapinos (1965)

S =)
=z pd
, — m]
102 F 107 |
E : \u,=0.0074[(I-B)Rew,r]()’xg
101 L 1 T TR T S T A § 1 1 T N S T | 101 ! ! PR T B R A | ! 1 T R T S W'
104 1 108 t 108 10° 108 108
End of Rotor rim
hub cap ReW’ (1 -B) Req,,r
Fig. 14 Comparison of selected results of the present work Fig. 16 Local Nusselt number versus local relative rotational
with some earlier works Reynolds number (experimental data and correlation are for
the core region and radially outermost part of the source re-
gion)

vective heat transfer coefficient on the rotor disk. The data radi-
ally inboard in the source region were not considered. The local

convective heat transfer coefficient on free or enclosed rotor disks ﬁ* = ot (7
may be correlated by a relation of the form: B Nturb
1+ 1274W§

Nu,=C Rej, (6) where 8* =0.43. Equatiorn(7) can therefore be used to obtain the

local relative rotational Reynolds number:
Values of C=0.0195 andm=0.80 provided the best fit for the

present data, Fig. 15. The average deviation of the data from the Re=p(Qr—Vyorip=(1-pB)Re,, ®)
correlation is about 7.3 percent fof,=7520, 7.3 percent foc,, The local Nusselt number versus the local relative rotational
=3008, and 16.9 percent fay,=1504. Reynolds number plot of the present heat transfer data is shown in

Equation(6) does not consider the effect of secondary air flowtig, 16. The correlation obtained is:
rate on the tangential velocity of the cavity fluid. This effect may
be included indirectly in the heat transfer correlation by using the Nu,=0.0074 RE® 9)
local relative rotational Reynolds number, Rehich is based on

the relative tangential velocity between the rotor disk and the ¢ ?oximately 4.1 percent foc, = 7520, 6.4 percent foc, =3008
fluid. The core fluid tangential velocity varies with the rotor disk 12 2 perc.ent for. = 150‘2 T W
. w .

speed, secondary air flow rate, and radial location in the cavity.-l-he derived Nusselt number correlation, E8), should be ap-

This velocity was measured in the same disk cavity by Particlgicapie in the core region and the radially outermost part of the

Image Velocimetry{24], and was found to agree well with theg, rce region of disk cavitiesee Fig. 3 The extents of these

correlation proposed by Daily et 426]: regions depend upon where the secondary flow enters the disk
cavity. In real gas turbine disk cavities, the secondary flow en-
trance is usually radially outboard of the hub, and the correlation
should hold in the resulting core region and outer part of the

10¢ ;
O Expt data (c,=1504, /6>0.43) source region.

A Expt. data (c,,=3008, 1/b>0.38)
O Expt. data (c,=7520, r/b>0.62) 6 Concluding Remarks
— Present correlation
— — Kapinos (1965)

The average deviation of the data from the correlation is ap-

T T T

An experimental study of the fluid temperature distribution and
the convective heat transfer coefficient distribution on the rotor
disk surface was carried out in a model rotor—stator disk cavity
with both mainstream and secondary air flow present. The ranges
of the experiments were 46l0°<Re, <8.6x10°, 1500<c,
<7520, and Rg=5.0X 1C°. Numerical simulations were also
Nu=0.0195Re,,** performed using the commercial CFD code Fluent. The simula-
tion results were compared with the experimental data.

A fluid core was found to exist in the cavity between the bound-
ary layers on the rotor and stator disks. The core fluid tempera-
10! . il - o ture, as measured at the outer edge of the thermal boundary layer

10° 10° 10°  on the rotor disk, was adopted as the reference fluid temperature

Re in determining the local convective heat transfer coefficient on the
rotor disk. The thermal boundary layer on the rotor disk was in-
Fig. 15 Local Nusselt number versus local rotational Rey- fluenced by both the rotor disk speed and the secondary air flow
nolds number (experimental data and correlation are for the rate. Ingestion of the cooler mainstream air into the disk cavity
core region and radially outermost part of the source region ) and heat loss to the stator disk also played significant roles.

108

T

Nu,

102

T T T
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The local convective heat transfer coefficient on the rotor disk
varied with the rotor disk speed and secondary air flow rate. In the
source region, which is radially inboard in the cavity, the effect of
rotor disk speed was weak and that of the secondary air flow rate
strong, the heat transfer coefficient increasing with the air flow
rate. In the core region, which is radially outboard in the cavity,
the convective heat transfer coefficient was dominated by the ro-
tor disk speed, especially at high secondary air flow rates. The
influence of secondary air flow rate was important especially at
the higher rotor disk speeds. Ingested mainstream air, which can
be substantial at low secondary air flow rate and high rotor disk
speed, affects the rotor disk convective heat transfer coefficient

radially outboard of the source region.

The measured convective heat transfer coefficient distributions

were in reasonable agreement with those computed by Fluent

the steady-state rotationally symmetric mode although, clearly,

some important trends were not predicted by the computations.

key reason may be that ingestion and therefore the corresponding
effects were not predicted. This was also the case when the simu-

lations were steady three dimensional. Recent measurements

the unsteady pressure field in the mainstream gas path and the
disk cavity in the same rig at some of the relevant experimental
conditions[27] suggest that the computations will need to be un-
steady as well as three dimensional to be able to predict ingestion

correctly.
Finally, an empirical correlation for the local Nusselt numbe
on the rotor disk in terms of the local relative rotational Reynol

number is proposed. This correlation should be applicable in the air
core region and radially outer part of the source region in a rotor—

stator disk cavity.
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Nomenclature

b = outer radius of disk cavityFig. 1); also radius
of free disk
C, = specific heat of air at constant pressure
¢, = hondimensional mass flow rate of secondary
air=mg/ub
Cw,ta = nondimensional free disk pumping mass flow
rate=0.219 R§®
G = axial gap ratie=s/b
Gr. = local Grashof numberRe), AT/,
h = local convective heat transfer coefficient
= q\,/(/,con\/(Tw_ Trer)
k = thermal conductivity; also turbulent kinetic
energy
m,, = mass flow rate of mainstream air
m, = mass flow rate of secondary air
Nu, = local Nusselt numbethr/kg
gy, = total heat flux at rotor disk surface
Ow.conv = CONvective heat flux at rotor disk surface
Owrad = radiative heat flux at rotor disk surface
r = radial coordinate
Re,, = mainstream flow Reynolds numbepV,b/ n
Re, = disk rotational Reynolds numbepQb?/u
Rey, = local rotational Reynolds numbepQr?/ u
Re = local relative rotational Reynolds numise¢l

- :8) Re¢,r

Journal of Turbomachinery

[1] Kapinos, V. M., 1965, “Heat Transfer From a Disc Rotating in a Housing
With a Radial Flow of Coolant,” J. Eng. Phys8, pp. 35—-38.

[2] Metzger, D. E., 1970, “Heat Transfer and Pumping on a Rotating Disk With
Freely Induced and Forced Cooling,” ASME J. Eng. Pov@&,pp. 663—667.

[3] Owen, J. M., Haynes, C. M., and Bayley, F. J., 1974, “Heat Transfer From an
Air-Cooled Rotating Disk,” Proc. R. Soc. London, Ser. 336, pp. 453-473.

[4] Qureshi, G., Nguyen, M. H., Saad, N. R., and Tadros, R. N., 1989, “Heat
Transfer Measurements for Rotating Turbine Discs,” ASME Paper No. 89-
GT-236.

[5] Dibelius, G. H., and Heinen, M., 1990, “Heat Transfer From a Rotating
Disc,” ASME Paper No. 90-GT-219.

[6] Metzger, D. E., Bunker, R. S., and Bosch, G., 1991, “Transient Liquid Crystal
Measurements of Local Heat Transfer on a Rotating Disk With Jet Impinge-
ment,” ASME J. Turbomach.113 pp. 52-59.

[7] Kreith, F., Taylor, J. H., and Chong, J. P., 1959, “Heat and Mass Transfer
From a Rotating Disk,” ASME J. Heat Transfe81, pp. 95—105.

[8] Dorfman, L. A., 1963Hydrodynamic Resistance and the Heat Loss of Rotat-
ing Solids Oliver and Boyd, Edinburgh and London.

[9] Bunker, R. S., Metzger, D. E., and Wittig, S., 1992, “Local Heat Transfer in
Turbine Disk Cavities. Part I: Rotor and Stator Cooling With Hub Injection of
Coolant,” ASME J. Turbomach114, pp. 211-220.

[10] Bunker, R. S., Metzger, D. E., and Wittig, S., 1992, “Local Heat Transfer in
Turbine Disk Cavities. Part II: Rotor Cooling With Radial Injection of Cool-
ant,” ASME J. Turbomach.114 pp. 221-228.

[11] Kim, Y. W., and Kleinman, D. A., 1994, “Heat Transfer and Cooling Effec-
tiveness Studies on Rotating Diskst{eat Transfer in Gas TurbineASME
HTD-Vol. 300, pp. 101-109.

[12] Long, C. A., 1994, “Disk Heat Transfer in a Rotating Cavity With an Axial
Throughflow of Cooling Air,” Int. J. Heat Fluid Flowl5, No. 4, pp. 307-316.

[13] Chen, J.-X., Gan, X., and Owen, J. M., 1996, “Heat Transfer in an Air-Cooled
Rotor—Stator System,” ASME J. Turbomach18 pp. 444-451.

[14] Wilson, M., Pilbrow, R., and Owen, J. M., 1997, “Flow and Heat Transfer in
a Preswirl Rotor—Stator System.” ASME J. Turbomadi9, pp. 364—-373.

[15] Owen, J. M., and Rogers, R. H., 1989pw and Heat Transfer in Rotatirg
Disc Systems, 1: RoteBtator SystemResearch Studies Press, Taunton;
Wiley, New York.

JULY 2001, Vol. 123 / 631

Downloaded 01 Jun 2010 to 128.113.26.88. Redistribution subject to ASME license or copyright; see http://www.asme.org/terms/Terms_Use.cfm



[16] Fluent, Inc., 1999, “Computational Fluid Dynamics Software—FLUENT/ [23] Daily, J. W., and Nece, R. E., 1960, “Chamber Dimension Effects on Induced

UNS,” User's Guide, Release 5.0, Lebanon, NH. Flow and Frictional Resistance of Enclosed Rotational Disks,” ASME J. Basic
[17] Chen, J.-X., Gan, X., and Owen, J. M., 1997, “Heat Transfer From Air-Cooled Eng.,82, pp. 217-232.
Contrarotating Disks,” ASME J. Turbomacti19, pp. 61-67. [24] Roy, R. P., Devasenathipathy, S., Xu, G., and Zhao, Y., 1999, “A Study of the

[18] Kline, S. J., and McClintock, F. A., 1953, “Describing Uncertainties in Single . . : -
Sample Experiments,” Mech. Engam. Soc. Mech. Eng, 74, pp. 3-8. Flow Field in a Model Rotor—Stator Disk Cavity,” ASME Paper No. 99-GT-

[19] Gregory, N., Stuart, J. T., and Walker, W. S., 1955, “On the Stability of 246. )
Three-Dimensional Boundary Layers With Application to the Flow Due to a[25] Roy, R. P., Xu, G., and Feng, J., 2000, “A Study of Main-stream Gas Inges-

Rotating Disk,” Philos. Trans. R. Soc. London, Ser. 248 pp. 155-199. tion in a Model Rotor—Stator Disk Cavity,” AIAA Paper No. 2000—-3372.

[20] Wolfstein, H., 1969, “The Velocity and Temperature Distribution of One- [26] Daily, J. W., Ernst, W. D., and Asbedian, V. V., 1964, “Enclosed Rotating
Dimensional Flow With Turbulence Augmentation and Pressure Gradient,” Discs With Superimposed Throughflow,” Report No. 64, Department of Civil
Int. J. Heat Mass Transfl2, pp. 301-318. Engineering, Hydrodynamics Laboratories, Massachusetts Institute of Tech-

[21] Chen, C. H., and Patel, V. C., 1988, “Near-Wall Turbulence Models for Com-
plex Flows Including Separation,” AIAA J26, No. 6, pp. 641-648.
[22] He, J., 1999, “Numerical Simulation of Turbulent Flow and Thermal Fields in

nology, Cambridge, MA.
[27] Roy, R. P., Xu, G., Feng, J., and Kang, S., 2001, “Pressure Field and Main-

a Rotor—Stator Cavity With External Flow,” M.S. Thesis, Arizona State Uni- stream Gas Ingestion in a Rotor—Stator Disk Cavity,” ASME Paper No. 2001~
versity. GT-564.
632 / Vol. 123, JULY 2001 Transactions of the ASME

Downloaded 01 Jun 2010 to 128.113.26.88. Redistribution subject to ASME license or copyright; see http://www.asme.org/terms/Terms_Use.cfm



	TECHNICAL PAPERS
	ANNOUNCEMENTS

